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PREFACE

The Army Symposium on Solid Mechanics, 1980 was the seventh in a
series of biennial meetings sponsored by the Army Materials and Mechanics
Research Center (AMMRC) in Watertown, Massachusetts. A Work-In-Progress
Session(s) has been incorporated into these conferences since 1974
(called Ongoing Case Studies Session at the 1978 meeting). These sessions
are comprised of a series of brief presentations and discussions of
current, but not necessarily complete, research relating to the theme of
the meeting. Abstracts of these presentations are published in a
companion document to the regular proceedings; those presented at this
1980 symposium are published in AMMRC MS 80-5, dated September 1980.
Addresses presented during the openfng session of this symposium are
published in another companion document: AMMRC MS 80-6 dated September
1980. The transactions of earlier symposia are listed on page ii of
this document.

Participation in these symposia has broadened with time. Starting
with the 1972 meeting, papers have been solicited from in-house and con-
tract researchers and designers for the Navy, Air Force and other govern-
ment agencies, in addition to those for the Army. The symposium committee
has been expanded several times; its current membership is as shown on
page iii. These expansions were made in recognition of the fact that many
mechanics research and/or design problems are not unique to a single ser-
vice or government agency.

Essentially, these symposia are a vehicle for enhancing the respon-
siveness of mechanics research efforts for the design of advanced military
systems. They also facilitate communications and coordination between and
among researchers and designers having common military theme interests,
whether they work for a government service or agency, industry, or at some
university or research institute.

ii: No enideavor of the magnitude of this 1980 symposium could have been
successfully conducted without the enthusiastic cooperation and support of
many individuals and orgaizations. We greatfully acknowledge:

The many authors, participants and session chairman who made this,
conference such a success.

The manuscript reviewers from universities, industry and government
organizations, for their diligence. in carrying out a thankless task.

Max Williams, Dean of Ungineering, University of Pittsburgh, who
delivered a very interesting and relevant keynote address on "Coping With
Extremes for Structural Performance."

And finally, the clerical staff of the Mechanics and Engineering
Laboratory and the Technical Reports Office of A41C for their unflagging
efforts in the preparation and printing of numerous sytposium materials.
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THE F-16 AND DAMAGE TOLERANCE

Larz M. Smith, Manager
Structures Technology

General Dynamics Corp.

Fort Worth Division

Fort Worth, Texas

ABSTRACT

The General Dynamics/USAF F-16 multirole fighter plane is one of the

first military aircraft designed from its inception to the new damage

tolerance specifications. The selection of materials and stress levels were

affected by these requirements and are described. The selection of

specific alloys of aluminum was predicated on a series of tests which are

discussed. The importance of realistic cyclic loadings in crack growth

testing along with environmental exposure is explained. This program

demonstrated that fracture approach to design is not only feasible but

practical and resulted in a durable, safe airframe.

INTRODUCTION

The General Dyuamics/USAF F-16 multirole fighter is the newest and

most maneuverable of the new generation warplanes, It is also one of tile

first to. be desigied to damage tolerance requirements from its inception

and to be certified by successful structural testing.

1Te extreme maneuver factor coupled with a severe usage aiu. prolonged
'service life requirement. provided a challenging design task, This task was
additionally complicated by weight and pwrformance .requireamnts as well as

cost considerations.

Essentially, the F-16 is an aluminum alloy airplane. This material was
seiected for both its efftciency and its relatively low cost in comparisont to

other high strength materials. Th particular alloy and temper of aluminu&
was selected by part size, toughness, crack growth characteristics, and

corrosion resistance. Aluminum comprises about 802 of the atfraMe structur-
al weisht and is used tor all primary structure eXCept a tw fittigs,

The structure is conventional sLemi-msnocoque design with simple straight-
forward arrangement. The fuselge has multiple bulkheads and frames with few

longorons. The wing is multiple spar with few ribs or stiffeners. 'The arraig-
:Umat and materials used are shown in Figure 1.

C,..Lum T n1AC



F-16 STRUCTURAL ARRANGEMENT AND MATERIALS

MATERIAL TYPES BY WEIGHT

FUSELAGE SKINS ALUMINUM ............ 78.2
20244T62 EMPENNAGE SKINS SEL.05

(Omitted for Clarity) GRAPHITE-EPOXY STEEL ... E..........7.%]

FUSELAGE OHR........69
BULKHiEADS-
2124-TO51 &7

7474-173515-T736 FORGING
VTATAHFITTINGS

K 6A1-4V Titanium (BA)
W 2024.TESIN H 1hT34 I.T. Pivot Shaft

WING-LOWER SKIN ONSO FORGING
74764T73511

WINO SPARS FRACTURE' CONTROLLED MATERIALS
/ 1475.T7351

WING ROOT FITTINGSLTTO(INS
.7475-T35i PLATE ALLOYS Kiti (itt.)

-~2124-T851 24
FIGURE I 7475-T7351 100 (.500 PL)

-7475-T7351 38 (>1.01 PQ.
HY 180 >180
iAl,-4V 0UA) 80

The requirements were based on MIL-STD-1530, MIL-A-83444 and MIL-A-'
008866A and were spelled out in detail in the D'-16 Aircraft Structural*
Integrity Program Report, (ASIF document). The durability and damiage
tolerance analyses were required to be accomplished on a fracture or iaack
growth basis,

The damage tolerance requirement is to provide safo'ty in flight'. This
requires (1) the assumption that critical parts contain a major initial
(manufactured) flaw, assumed to be undetectead; (2) then be cycled (,Or f lown)
for two complete design lifetimes withi the flaw (crack) allowed to grow; and
(3) after two lifetimes to withstand the maximum load ever expected in actual
service to demonstrate that the crack had not reached critical length.

The durability (fatigue). requirement is to prcwide: long life with mii-I
mized maintenance or repair. It req~.ixo -rtclprst oti mlun-
detected manufacturing defects which are .1pormlltted to grow but muit not
cause functional impairment within (ip life.time. This effectively requires
that a crack shall not grow out from under the head of n fastener or through

"'Ka skin, since a fuel leak is defined as "functional impairtuent."

4



Thus, it was necessary to determine the type, size, orientation,
location and characteristics of flaws in F-16 structural parts. These were
influenced by our nondestructive inspection methods and capabilities, the
form of construction and operating stress levels.

Basically, the F-16 flaw requirements are of two types; bolt hole
corner flaws and surface flaws. The sizes are shown in Table I and
requirements in Figure II.

TABLEI _______ ___

REQUIREMENT
TYPE FLAW DURABILITY DAMAGE TOLERANCE

SURFACE .01, .10" TO .25"

BOLT HOLE .005" .05"

F-16 FATIGUE AND FRACTURE CRITERIA

1* . BASED ON MIL-STD-1530, MIL-A-008866A AND MIL-A-83444

.NO FUNCTIONAL IMPAIRMENT WITHIN ONE (1) SERVICE LIFETIME

*USEFUL ECONOMIC LIFE MUST EXCEED ONE (1) SERVICE LIFETIME

*DAMAGE TOLERANCE REQUIREMNTS:

b*"ASSUME D FLAWS" WILL NOT GROW TO CRITICAL LENGTH-IN TWO LIFETIMES

........ .0 TO 0.25"
DEPENDING ON P!LOVEN

SURFCE FAWSNDI CAPABILITY

-.- 'm ~-~ ---. .0.05" CORNER FLAW

BOLT ROLE FLAWS

**RESIDUAL STRENGTHI RI'QUIRMtINT AFTh)P TWO:LIFEl IMJS PER MLL-A-83444
EXCEPT LOAWS NEED NOTY EXCEED) OPERATIONAL. CAPAUgLITY OF ATRPLANE.

FIGURE UI

1Z S



One very significant requirement was the design life and type of usage.

The great maneuverability of the F-16 resulted in a severe usage spectrum with

regard to both the high "g" (load factor) levels and frequency of occurrence.

The air-to-air combat mission was increased to five times as many occurrences

as required by 1IL Spec. This was further aggravated by the 15 year and

8,000 flight hour life designated for the F-16. The development of this
spectrum was significant for both analysis and testing. For crack growth

reasons it had to be as realistic as possible and was required for both small

specimen testing as well as the full-scale testing. It should be noted that

the fracture requirement dictates a randomized spectrum for high and low load
occurrences. The old style block spectrum is not satisfactory for crack

growth considerations. Details are shown in Table II.

TABLE II REPEATED LOADS SPECTRUM DEVELOPMENT

LOADS SPECTRUM ELEMENTS:

. 8000 FLIGHT HOURS - 15 YEARS
e 5776 SORTIES
* 12 MISSION TYPES

o 10 MISSION SEGMENTS

9 20 MACH-ALTITUDE COMBINATIONS 132 UNIQUE SORTIE LEGS
e 7 GROSS WEIGHTS
* 10 TYPES OF.MANEUVERS
0 1,059,188 FLIGHT MANEUVERS PRIOR TO FINAL TRUNCATION FOR TESTING

o 782,096 Positive N Maneuvers

a 277,092 Negative Nz Maneuvers

S6592 LANDINGS
* MISSION CATEGORIES

55.5% Air-Air, 20.0% Air-Ground, 24.52 General

SPECTRUM CIARACTER sTICS:

o RANDOMIZED QUANTITIES

. Sequence of 500-Hour-Segments
a Sequence of Maneuvers Within a Sortie Leg
o Soquence of Sortie Leg Maneuver Spectra Distributed to Each Sortie

* DETERMINISTIC QUANTITIES

. Sequence of Flights Within a 500-Hour-Segment
o Sequence of Mission Segments Within a Given Flight

6



Due to the limited scope of this discussion and the fact that the F-16 is
essentially an "aluminum" airplane, the remainder of this presentation will
deal with the fracture analysis and crack growth characteristics of the
aluminum alloys used in the airframe structure.

The fracture requirements caused selection of materials having high
toughness or slow crack growth, or both. An aluminum alloy screening
program was established utilizing available data and candidate alloys
were further screened in the General Dynamics Laboratory. The alloys
were grouped by types and selection made for each application such as;
(1) sheet, (2) plate, (3) thick plate, (4) extrusions, and (5) forgings.

Each alloy within each group was compared for both strength and tough-
ness. Further, a critical crack length was calculated for the F-16 projected
thickness and stress level. See Figure III for an example of comparisons.

FIGURE III

80 COMPARISON OF DESIGN PROPERTIES
ALUMINUM ALLOYS FOR LOWER WING SKINS

70 .

XH 1W

60. 4 -2.0

HN

50 L L L .

-
1.4 0

Nr% -

* 
1.00L L LT 
.60P% 0- M L -1 

cia.- -. 40

F Kc S 2IGR T
.250"-. 499" .500"t RcIS FRACT, cCRT

T. - 2 It LENGTH

7

I

lll 1 l • • 
I 1 1 I l • I I 1 I l l l -l.00l



Further testing was then conducted on one or two leading candidates in

each group to evaluate the effects of various exposures. This was accomplish-
ed by da/dn testing (crack growth rate) using specimens as shown in Figure IV

for exposure to high humidity and sump tank water. These two invironments

were selected after study of data available on aluminum.

It was found that one of the most

aggresive fluids experienced was the
water that collects in the bottom

(sump) of the integral fuel tanks.
This comes from condensation within

the tanks as well as residue pumped

from seagoing tankers and trucktankers. It is more aggressive be-

cause of the salts that collect.
Chemists have characterized the
"worst" of this water that has been COPACT TENSION

experienced in other aircraft and

have standardized a formula for

test purposes as shown in Table Ill.

The effects of these exposures
varied with the different alloys.
The data used to analyze a given part

depended on its location and thus the

more critical environment it experi-

ences. Hany parts were critical
for sump tank water or high humidity CENTER CACK

exposures. Examples are shown in
Figures V and VI.

FIG.URE~ IV

TABLE III

SUMP TANK WATER

(CHEMICAL COU1OSITION)

CaCl 50 PPM CrCl3 . 6H.0 1 PPM
CdCl2  1000 PPM CuM3 . 21120 1 IM

MgCl 2  50 PPM FeCi3  05 PPM

NaCl 100 PPM MnC 2  41120 5 PPM
ZnCl2  10 PPM NiC12 . 61120 1 PPM
"PbCl 1 PPM Disttilled Water la . e

2

8



:lAl.

I I- - --'

GSUMP TANM WATER

214T5 suir 745TANK 1 W LATE d/

a-u Cr-ck w t T

iZ

i: -- - '2- - - A

FIG H HUMIGI DIAI

Bae o h tes d t n otde, the mae i shw ii al I V

a I tl- t i t r e Spc

S 2124-T851 da/dn a 7475-T7351 PLATE da/dn

Fatigue Crack Growth Data FATIGUE CRACK GROWTH DATA

WIN UPR IWTINIIY ANSI, &i IN2IN4IIY 8AN51, ATE
WN FIGURE V FIGURE V I

Based on the test data and cost studies, the materials shown in Table IV
~were selected. The larger fuselage bulkheads were machined from 2124 plate
i because 7475 alloy could not be obtained in the thickness required. Spectrum
',.: tests were thean conducted on parts and special specimens.

,: : TABLE IV

>;-TYPE PAIRT[ ALLOY /TEMIU ER FORN

. ,,FUSE. SKIN/FRAMEFS 2024-T62 SIIEET
i LFUSE. BULKHlEADS (4"-6"t) 2124-T851 PLATIE
i.  WING LOWER SKIN (ORIGINAL) 7475-T7651 PLATE

WING UPPER SKIN 2024-T851 PLATF.
,,i,-WING FITTINGS (ORIGINAL) 717 5-T7 36 I"OI(;1 NG

t - 'l I llI 'l i l 
I I i II I I } I/ iI I I I I I I i b - i t i



The first development of this testing was rapid crack growth in the 7475-

T7651 aluminum alloy plate exposed to sump tank water. This was in spite of
our screening and its excellent toughness.

It was known that the retardation effect under spectrum loading is often
predicated on a plastic zone at the crack tip that results from high load
applications. The larger the zone the greater the ratardation effect (time to
grow through the zone). See Figure VII.

This led to the idea that lowering the yield strength could increase the
time to grow to critical crack length. This was feasible in static strength
design since the allowable stress had been held considerably below F for
fatigue and fracture purposes. The 7475-T7651 material was overaged at 3500
F to bring it to 7475-T7351. (yield lowered from 71 KSI nominal to 61 KSI
nominal.) In addition to the effect on crack tip plasticity, the overaged
condition was felt to have increased corrosion resistance in the agressive
sump tank water environment. The net effect of this somewhat unique "fix" was
quite gratifying as shown in Figure VIII. All large plates in stock were

overaged and new material ordered to this temper. This alloy and temper is
used on all F-16 lower wing skins.

CRACK TIP PLASTICITY MODEL

a m , .

i l * - msn viu io sm

FIGURE VII
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7475 COMPARATIVE TEST
1.60

SURFACE FLAW GROWTH "" MATERIAL EFFECTS"

1.40 -

1.20 -,Moo

0 11

ST TANK WATER IN 7475-T7
0 7MATERIAL

.60 -" - '- ' ' '

0 4 8 12 16 20 24 28 32 36 40

1 LIFE 2 LIVES

NUMBER OF 500-HOUR SEGMENTS

FIGURE VIII

The second development of tile spectrum testing showed that the use of
the specification required initial flaw size of .25 in. (surface flaw)
length was unduly prohibitive in terms of lowered stress and tile resulting
increased weight. It was established that .10 inch was an achievable size
to detect with fluorescent penetrant inspection. The experimental compari-
son is as shown in Figure IX. It resulted in a production shop demunstra-
tion program to prove the reliability of inspecting material fur a .10
inch flaw (crack) with 90% reliability at a 95% confidence level. This
demonstration was not only successfully conducted in our factory but inl
two others in Europe.
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It should be noted that 1.60 - -......... _i

initial testing was on 7475- SURFACE FLAW GROWTH IN
T7651 material. It took both f7475 G61 MATERIALN

the material yield decrease 1.40 0 -_
effect and the reduced initial i
flaw size to iach two (2) 1.20 _ .249" INITIAL CRACK
lives of our design spectrum, . IN SUMP TANK WATER
The result was to bring the j 4
.10" surface flaw and .05" Z 1.00 __

* bolt hole corner flaw into a
comparable degree of
criticality. .80

No attempt was made to 0
reduce the bolt hole corner 60.

crack initial size by non-
destructive test means. We .40
felt that it was too ex-
pensive to inspect many
hundreds of holes per .20

airplane with the current .00" INITIAL CRACK
NDI techniques. There- 0 IN SUMP TANK WATER

fore we accepted the specifi- ,
cation value for design and 0 4 8 12 16 20 24
require only visual inspec- NUMBER OF 500-IIOUR SEGMENTS
tLon of holes. SURFACE FLAW SIZE - FIGURE IX

Additional spectrum testing was conducted using both surface flawed
and bolL hole flawed specimens (Figures X through XII) to study the sensitivity
of numerous variables.

CENTER CRACK SPECIMEN

),, )

FIGURE X
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The surface flawed

specimen tests were con-
ducted on various thick-
ness and width plates
similar to the design Specimen load
shown in Figure X. " am Stabilizer

The bolt hole Specimn
Loading

specimen test included system Test Section

variables of bolt size,
stress level and bolt
load transfer in
addition to plate I

thickness. The
fixture shown in

Figure XI was unique
for this type testing

but was extremely

valuable in assur-

ing correct bolt

load parameters and Bolt Load
in assessing their Lai t- Ram Stabilizer

effects. temtitu

LOADED BOLT HOLE TEST SETUP

FIGURE X1

LOADED BOLT HOLE SPECIMEN

.,£ AIN ... ... ..

FIGURE X11
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Table V summarizes much of the testing that shows comparison of the 2124

and 7475 alloys. The 7475 was preferred because of its toughness and long

critical crack length. The 2124 alloy was used for machined bulkheads where

thickness exceeded that obtainable in 7475. This was acceptable design even

though the 2124 critical crack length is considerably shorter because the

2124 exhibited quite slow crack growth.

TABLE V

COMPARISON OF ALUMINUM ALLOYS

SURFACI FLAED SPISCMNS
INITIAL AX. MINN31 COW11U FIA

R1oom "2C1" $TMIS WIDM 111 4 AT
W U1VAL 03 II f 11. ar. poI lPUS N NClN

147-T17$1 -9 .100 "saa. l.T.V. 31.000 1 6 27 4.09:::: Place X-10 .250 lAft. S.TV. 31.00 1 6 17 4.11

K-11 .250 1a". D.A. 31.000 1 6 5S A.46

7473-T7351 K.12 .100 Laos. 8.T.W. 21.000 1 24 3.50
0.5" t le 1-14 .100 Lt". .V. 21.000 1 4 27 .41

R-1S .100 LOOS. S.T.. 31,000 1 6 43 3.9

K-16 .100 loons 5.T.W. 31,000 11 6 43 3.54

R-I .250 Lng. H,.H.A. 31.000 IT 6 39 1.64

2124-TI51 Ir. .250 LonA. S.1.1. 28.000 1 6 4 .7516

5.$" Pl 1.-2 .250 Ua. D.A. 28,000 1 4 1? .40

1.3 .250 TA. S.T.W, 25,000 1 4 24 1.30

. .20 Tran. .T.W. 25,000 1 4 351 2.4
L.11 .so L'ong . .T.W , 26.000 IT 4 39 1.56
l-.|2 .120 jang. I.T.. 26.000 IT 4 41 1.04

1.11 .250 Trans. 5.1.U. 25,000 1 4 3 1r.50T-3 .2so Trans. D.A. 25,000 1 4 It 1.20
?-Al .230 Trees. ,T.W. 241000 1 4 1W l.345

LAI .0 .rns .0 1 fs C,40 it &* I .so

U-TEAL 148130 123211 I|,R 0 '.li |,I1l1S 11.iS) iIZ131
gum1)3 New 61M111 LOAD 51)515 114CF AT 1TP1 020"

NAIR 006 111=1 IJe ONS "I.N us,T. 1w, FAM IV T0"
7615.17251
0. p" e 1 .It" IM 31,000 t . 11, is 2.53 9

12 .05 .350 2643 3100 Losn. CIA1. 1? 2.1% 1

Z-3 | 0 .250 35 3, l &M. 14. .9(11.P, 3.950 1

S .05 .250 1635| 100 Iq. 1T.3, 20(0416 33(10 it
1.5 .0 .250 2M$5 2100 Ito. T.1 13 2.55 IV

&64 .05 .250 2535 31,00 tI. 5.T. 31 2.34 It

1124-7651. t1 .05 .16s 1415 WS,04 TM, $*W.V. a: 2.15 T

Is" Plats .051 .119 141 2.5,00 lato, *.A . .146 1
tL- 1 05 .5 15 25 000 LM4. C. 1 43 ."2
lo8 .01 .11 1415 11,000 ts, l.1.1, 35 1.59 it
L-0 .05 .250 1415 21,000 Li. 5.1.1. 3T 2.05 If

t1 .03 .169 1411 l5,00 Tread. L,.A Is 1,5f1
1.5 as0 .159 141.1 25,000 1rae. CIA 1 1.0 IV

19 9 .05t .5 1.05 1,00 l0 tei. A.I. 323 1.30 lt

1002420k 3.4 .045 .159 744 16,0N 00 6 ha. .1s1, 63(1IU.P, .4663 4
.12P Sldt V.1 .045 .159 Pa0 15,.40 tu,. 111, 5010N.r ,05 Laf

.4 .01. .19 144 1600 Itrs. 0.11 A4 4 .338 41
I.1 .051 .11 1510 15,40 fro. 5.3. 74 "91 41

804.22 530 .045 .5 Us5 Is,400 Tets. S,.., 150 1 .5 61
01a1~m .0 .111 .1141 ova 15.40 ITease 5.3.4, 51a .51 41

(I. haW.e hilus Ti laso tts
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p Some of the other comparisons are shown in Figures XIII through XIX.
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777..,The final analysis of each critical part required a theoretical analysis
using a crack growth model since tests could not be conducted typical of every
part. Also, design changes occasionally occurred after testing and the final
part thickness and stress level changed.

The spectrum crack growth analysis was conducted on a cycle-by-cycle
basis. Damage integration calculations were performed using a General
Dynamics CDC 6600 computer procedure. The basic model is expressed as
follows: a--- - - ---

cr FATIL URZE

a a + -[a, da/dn =f( k)j a n- -~ a

WHEREN

N -- cycles, flt. hours

a Cra..nk Size After N Cycles of Spectrum Loading
n

a1  Assumed Initial Crack Size

da/dn Crack Crowth Per Load Cycle, n1, Expressed as a Functionhf k. Growch Inceme tiRae

-Stress Intensity Range Defined for Each Load Half Cycle
(Milnimum to Maximum) in The Spectrum

Th ai I/nrtThe asi dadn ateis generally modified for spectrum retardationef fec ts Using The Wheeler Retardati io.Mdel. Re tardat ion exponents must be
tstablisivd emipirically through correlation of crack growth tets. The
stress. intensity factor (K) relates crack geotiy, structural go etry,
and applied loading to local crack tip stresses.

The stress iuttensity factor was selected in Ltccordaiti with Ohe type
of flaw geometry. The da/dii rate was. selected for' theL most severe zissumed
enviroomental exposure experienced by the particular part. Ani example of
the eorrelotion .1. shown in,-igure. MX. It should be noted that the min
variable used .in curve fitting-was'The Wheeler Model returdallonl
exponent m. The final eurve u~vd for doosign'was alwayskept to the- left or
conservative Side US Shown in Figure !X,
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EXPERIMENTAL CRACK GROWTH RESULTS i

AND MODEL CORRELATION I

3.l

7475-T7351 ALUMINUM PLATE , L-T
u, SURFACE FLAW WITH HHA ENVIRONMENT

m] l TEST DATA

SELECTED LOWER-BOUND

......... . UALYTICAL FIT

4 8 12 16 20
ilEQUIVALENT FLIGHT HOURS (HOURS X 1000),,

FIGURE XX

The F-16 damage tolerance analysis and test program showed that this

approach is not only feasible but practical. It has resulted in a durable,

rugged structure that is safe and economical to maintain, The impact on

weight and cost was kept minimal by being selective of parts designated "frac-

ture critical." They were required to be safety-of-flight structural parts

designed by fracture allowables. In the F-16 design these were held to 82 parts

per airplane.

In designing to these specifications we learned that the single most
important item is to select fracture resistant materials. Secondly, we found
it necessary to test with realistic spectrum loadings and environments on

production material with typical processing and finish. Lastly, it is still
necessary to use good design practice with reasonable stress levels. The cost
diflerential for fracture requirements is not known precisely but is felt to be

small. The weight penalty was less than 1% of the basic flight design gross
weight which is used in establishing perfotmanco.

In sumaryv the fracture approach yields rugged, safe designs but requires
engineering judgment and a good data base of material properties.
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ABSTRACT

This paper sunniarizes recent and ongoing Amy Armament Research and
Development Command (ARRADCOM) tests for the development of design criteria
for acceptor structures subjected to low-to-intermediate range external blast
pressures. Test procedures and results, and design criteria are presented
for pre-engineered buildings (low pressure range) and for structural steel
buildings subjected to blast loads up to 6-8 psi. The data presented in this
paper, together with two of the referenced reports, should be implemented in
the blast-resistant design of steel structures within facilities for
manufacture and storage of explosive materials.

21



INTRODUCTION

Modern day Army Ammunition Plants require protection for facilities and
personnel from the effects of an accidental explosion. Most previous work in
this field has concentrated on the so-called "close-in" effects where
protection was provided for facilities in the immediate proximity of a
potential explosion. However, the majority of the affected personnel are
located in adjacent process or office buildings separated at either intraline
or inhabited building distances. Previous designs provided little or no
protection for these personnel from the results of damage to their structure
caused by an explosion in an adjacent building.

Therefore, in order to provide protection for personnel in "neighboring"
buildings, ARRADCOM has untertaken a test program to develop criteria for
structural steel buildings which will resist the effects of external blast
loads. This program was performed in two phases. The first phase consisted
of tests of pre-engineered structures to be used at low overpressure levels
corresponding to inhabited building distances (ref. I). Phase Two consisted
of tests of strengthened structural steel buildings to be used in intraline
distances. Both buildings were extensively instrumented to record applied
blast loads as well as structural response to these loads.

This paper describes the series of blast tests performed on the
pre-engineered and strengthened steel buildings at the U.S. Army Dugway
Proving Ground, Utah, between February 1977 and June 1979. The behavior of
each structure is described and the recorded damages are evaluated and
compared with those predicted by the methods and criteria listed in
References 2 and 3.

22
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V S

PRE-ENGINEERED AND STRENGTHENED STEEL BUILDINGS

GENERAL

In the design of steel buildings to withstand the effects of High
Explosive (HE) and other types of explosions, standard structural members can
be utilized for structures located in pressure ranges of 10 psi or less.
Standard pre-engineered buildings which are normally designed to resist dead,
wind, seismic and other conventional loads can, with some modifications
(particularly when ultimate dynamic strength is considered and inelastic
deformations are permitted), resist relatively large blast overpresssures.

Significant factors in the evaluation of the blast capacity of
conventionally designed structures include the difference in the relative
proportions of lateral and vertical design loads for conventional structures,
and the differences in the dynamic response of secondary members relative to
that of the frames. Quite often, it has been found that for blast-resistant
designs, the capacity of the frame members (in the case of the pre-engineered
structure selected for conventional loads) greatly surpasses those of the
supporting members (girts, purlins) and, therefore, modifications will be
necessary.

Hence, in order to verify those modifications which will produce
increased capacity in both structures and to identify unknown shortcomings of
pre-engineered and strengthened steel buildings, a series of tests were
performed at Dugway Proving Ground. Enough tests were performed on both
structures such that a qualitative evaluation of the buildings' responses to
blast loading could be made.

TEST DESCRIPTION

A total of thirteen tests, each utilizing approximnately 2,000 pounds of
nitro-carbo-nitrate, were performed on the structures - six tests on the
pre-engineered building and seven on the specially designed steel building.
The location of the charge during each test depended on the desired
overpressure at the building. It was observed during the first few tests
that the actual incident overpressure at the building was 10 percent lower
than the anticipated value and, consequently, the distance was appropriately
reduced.

Both the pre-engineered building (a modified version of the STR4 Series
produced by the Star Corporation) and the strengthened steel building had the
sanme overall dimensions; namely, 80 ft (24.4 m) long by 20 ft (6.1 m) wide by
12 ft (3.7 m) high. The pre-engineered building was oriented such that the
long side of the structure faced the explosion. Its walls and roof consisted

A of 24-gage cold-formed metal panels having a static yield strength of
approximately 80,00 psi (551,000 kPa). Certain modifications were made to
the pre-engineered structure. These included increasing the number of
Z-shaped girts to two per side. The sizes of both the panels and the girts
were increased' from 26- to 24-gage and from 8 in (0,20 m) by 3 In (0.08 in) by
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0.0642 in (1.63 mm) to 9.75 in (0.25 m) by 4 in (0.10 m) by 0.13452 in (3.42
mnm), respectively. The sizes of the purlins were also increased from 8 in
(0.20 in) by 3 in (0.08 m) by 0.0642 in (1.63 nn) to 8 in (0.20 m) by 3 in
(0.08m) by 0.0842 in (2.13 mm). Modifications were also made to the
foundation (made heavier and column footings tied together by floor slab) to
insure that any resulting structural damage would occur within the structural
steel portion.

The specially designed and fabricated columns, girts, beams, girders and
purlins of the strengthened steel building were wide flanges with a minimum
static yield stress of 36,000 psi (248,000 kPa). The walls and roof panels
consisted of 18- and 20-gage cold-formed steel panels with a minimum static
yield stress of approximately 33,000 psi (227,500 kPa).

Both structures were subdivided into four bays in the longitudinal
direction, each of which was approximately 20 feet (6.1 m) wide. The primary
structural framework in the transverse direction consisted of five rigid
frames, except in the pre-engineered building where one of the end-frames was
a "post and beam" setup. This type of frame obtains its strength to resist
sidesway loads by its interaction with the wall panels, thereby producing
diaphragm action.

The structures were extensively instruiented with accelerometers,
deflection, pressure and strain gages, to record applied blast loads as well
as structural response to the loads. Figures I and 2 show the location of
the charges and instrumentation arour d the structures.

TEST RESULTS

(A) PRE-ENGINEERED BUILDINGS

Table I suminarizes the pre-engineered building test results, including
free-field pressures; frame, girt and panel displacements; and a brief
description of typical damage for each test.

A minimal amount of damage was incurred in Test 1 (0.27 psi) which
consisted primarily of the enlargement of the sidewall panel screw holes
along the panel seams. This damage was attributed primarily to the
interaction between sidewall frames and the panels which served as diaphragmsin stiffening the frames against horizontal motion, thus reducing thesidesway motion. The repeated opening and closing of the panel seams during
the test (as observed through motion pictures taken from the structure's
interior) were the major source of the pressure buildup within the structure,
as recorded by Gages P15 through 17.

Similar damage was incurred in Test 2 (0.56 psi). In addition to the
roof, small permanent gaps were formed at the panel seams of the rear wall.
Screw hole enlargements formed in the first test were further enlarged.
Although the locked door (resistance to opening provided solely by the hinges
and striker) opened during Test 2, the pressure buildup in this test was not
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TABLE I. SUMMARY OV PRL-EN011CERED bulLDINU TEST RESULTS

PEAK RELATIVE HURIZURTAL DISPLACNE~NT

FRLE-FILO PRESSURE FRAME GIRTa PANEL

No. psi (kPa) i n (mmn) ill in i in UAMAGE

1 0.27 (1.86) 1.7 (43.2) 0.8 (20.3) 0.6 (15.2) (1) Enlargement of side wall panel
screw holes.

1.0 (25.4) (2) Small gaps between screws of rouf

k' panel seams.

2 U.b5 (3.19) 2.1 (b3.) b b b b (1) Further enlargement of side wall
panel screw holes.

2. 4 (61.0) (2) Small gaps between screws of backwall
panel scams.

(3) Uoor opened outward.

U .74 (5.10) 3.1 (As. 7) 2.5 (b3.b) 1.1 (27.9) (1) bent anchor bolt.
M. (76.2) (2) I-ront wall panel kinked along lower-

girt and pulled out at base of a few
points.

(3) Screw head pulled through front wall
panel at columns.

(4) Somie twisting and tearing of girt
clip angles.

(b) Door opened outward.

4 1.0 (u.btl) M. (96.4) 4.7 (119.4) ?.4 (61.0) (1) Further twisting and tearing of girt
clip angles.

4.1 (104.1) (2) Shearing of some girt connection
Uolts Without collapse.

(3) Twisting of girts.
(4) Front wall panel anchorage pul leJ

out.
(b5) Further k ink ing ut f ront wall panel.

_________________ _________________(b) Plastic defovrttions Lljjrts.

5 1.2 (a) 4.1 (104.1) b b J.8 (Uu.tr) (1) Further tistinij of girts.
7,4.6 (121.9) (2) Kinking of tront wall panlel at Oeh

girt and between 91 rts.
(3) Front WallI panel anclwrage compl etely

Pull Ied out.
(4) Panel screw holes piul led t~inrugh jt

girts.
(b) Plastic deformations of frame, girts

and troult!t w J ~an
b 1*J (U.96) 4.9 (124.b) 4.9c (124. )C /b.3 (10.4) (1) udrlrdge to front Wall paneul anld (ghrts

similar to Test 15.
(e BuckIng1 of root1 Iurl In Web%~
(3 Some bucklinij ofI trame gi rde r t I a nkje
(4) I1 ast ic mforiatiotis of fraow. girti,

and I runt wall panel.

aValues are given te:' upper' and lower girts.
014 imasuretilents wore uid.
0l~uestioiuable value.
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significantly greater than that of Test 1. The door did not open in the
first test. This is a further indication that the primary source of pressure
leakage into the building was through the gaps formed at the seams.

The structural damage in Test 3 (0.74 psi) was more extensive. The
front panel buckled at points where it was supported on girts. In some
places, the panel was slightly disengaged where it was fastened to the
foundation. This damage was attributed to the inadequacy of the detail used
for attaching the wall panels to the foundation slab. An improved detail
using steel angles attached to the concrete by anchor straps is required for
blast-resi stant design.

The major structural damage which occurred in Test 3 consisted of the
bending of one of the column anchor bolts and the twisting of several of the
girt angle connections to the columnns. The twisting is attributed to the
panel attachment to the Z-shaped girts which produced eccentric loads on
them.

The damage that occurred in Test 4 (1.04 psi) was similar to that of the
previous test but somewhat moref. severe. The increased loading produced
tearing of several of the girt angle connections to the columns as well as
failure of several of the girt connection bolts. Damage to the blastwall
panels was more severe, especially in those areas damaged in the previous
test.

The resulting damage in Test 5 was somewhat similar to that in the
previous tests. Further twisting of the girts occurred. Some enlargement
of bolt holes at several girt/column connection occurred where high-strength
bolts had been used. Permanent defprmations of the main frames, girts and
paneling were observed.

The damage incurred in Test 6 was essentially the same as that which
occurred in Test 5. However, the major damage occurred to the rear side of
the building which, in this test, was the blastward side. Permanent frame
deflections produced in prior tests were reduced in this test.

(B) STRENGTHENED STEEL BUILDING

Table II sunmarizes the strengthened steel bui-lding test results,
including the free-field pressures; center, end, longitudinal frames, girt
and panel displacements; and a brief description of typical damage for each
test.

Tests Nos. I and 2 were left out of Table II because of failure of th,
measuring instruments during both tests. However, the only damage observed
during Test 2 was a crack that appeared at the concrete base around Column
A3.

A minimal amount of damage was incurred in Test 3 (3.2 psi). The
overlapping panel joints were opened approximately 3/8 inch half way between
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TABLE If. SuM'i l(Y IF STRMiALilHE i) StE[L S UiLbl(G TEST KE5ULI1

PEAK HORILUNITAL L)ISPLACLM-'T

FREE-FIELL PRLSSURE CTR FRAmE GIRT* PANEL
Test

Hu. psi (kPa) i n (l n) ill (im)) in (cmn) DAMAGE

3 3.20 (22.06) 1.29 (32.8) 2.01 (51.1) 1.65 (41.9) (1) Overlapping panel joints on blastwdrd
wall were opened 3/8 in (O.95 cm)

1.5 419)halfway between Frams 2 and 3.
1.6b (41.9) (2) Three foundation mounting screws at

the panel joints at Frames 3 and 4
were pulled out.

(3) Slight web crippling at the center
girt near center frame.

4;3.b (L4.13) 1.57 (39.9) 0.79 (U0.1) I ,9o (7.2) (1) Panels were torn loose from
foundation on blastward wall.

?.55 (64.8) (2) Roof panels buckled between twu
purl i ns.

(3) The concrete at the 4-inch angle iron
foundation conn|ection showed movement
at the angle.

b b.31 (3b.61) 0.97 (24.o) 2.34 (59.4) 6.b (11.6) (1) Web crippling in wall panels on

Wall b by lower girt.

2.32 (5U.9) (2) Panels on Wall A openeg at soams.
(3) duckling of roof panels,

b b./9 (46.U) 1.13 (28,1) 2.6b (64.8) 1.b (192.b) (1) Web crippling in Wall 5 at foundation
joint, and the ower and middle girts.

2.41 (6.?) (Z) Minor web crippling at the girt
connect I ng hat sect ions.

(3) CoiNom A showed three broken
foundatiot, bolts. Lxamination
proved that two of toesw wore
improperly installed.

7 4.21 (?9.U3) 1.6 (U.8) 2.0 (be.1) 1.81 (46,U) (1) Wall B was ripped lousu frow
foundation.

3.69 (93.1) (2) Weib crippling in Wall i.
J3) ARoof flashing eewioved between

______ _._Frams I and 4.

*Absoluto displacetints of girts Are listeJ here. Itelativo displace ents are obtained by Sukitracttln displacowm t ut
girt at coluwn trom dispiacewo t.
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Frames 2 and 3. In some places, the panel was slightly disengaged where it
was fastened to the foundation and girts. Gage D13 recorded a displacement
of 1.78 inches which corresponded to a rotation of the supports of
approximately 4 degrees. This value is greater than the reusable criteria of
0.9 degree for a cold-formed member. The damage is attributed to the
connection detail at the foundation and its effect is to relieve the loading
on the panel , thereby reducing its deflection. Slight web crippling was also
observed at the center girt near the column.

More extensive damage was apparent in Test 4 (3.5 psi). The blastward
panels were torn loose from points where they were supported at the
foundation and girts. The roof panels buckled under the increased loading at
points between purlins near the blastward wall (Wall A).

The resulting damage in Test 5 (5.31 psi) was similar to that in the
previous test. However, damage was now incurred in one of the sidewalls
(Wall 5). Some web crippling was also apparent in the wall panels in Wall 5
near the lower girt and the buckling in the roof panels between the first two
purlins (observed in Test 4) increased.

Repairs, as in other tests, were done to the structure before Test 6
(6.79 psi). Damage to Wall 5 was more severe than the previous test; this
included web crippling at the foundation joint, and the lower and middle girt
for the full width. Some web crippling was also observed in the upper girt
in Wall A.

The major structural damage which occurred in Test 6 consisted of
failure of some of the foundation bolts. EKamination of the connections
showed that two bolts were properly installed, but two others on the easterly
side were improperly installed (cut-off was -essentially at the floor wall)
and one of these failed.

The foundation bolts that failed during the previous test were repaired
before Test 7 (4.21 psi). Almost all the paneils in Wall B between Frames 2
and 6 were ripped loose from the lower girt and foundation, and some of the
panel seams opened (Wall B was the blastward wall in this test). Web
crippling was apparent on all girts and some of the purlins buckled under the.
blast load. Slight damitge was observed in the wall and roof panels; this
included missing foundation screws at the panel joints in Walls 1, 5 and A.

EVALUATION OF TEST RESULTS

This section discusses the test results on both structures. in terms of
the measured deflection responses and observed damage levels of the inAinframes, blastwall girts and panels. The evaluation of these results on thebasis of dynamic analyses is also presented.

[ Several factors affected the frames' responses. The most significant of
these factors was found to be the negative phase of the pressure loadings.
Figures 3 and 4 present plots of the front wall pressure, backwall pressure
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and sidesway displacement versus time for Test 3 (0.74 psi) of the
pre-engineered building and for Test 3 (3.2 psi) of the strengthened steel
structure. It is seen that the peak reflected pressure on the front walls of
both structures is about twice the incident value, as expected. However, the
peak backwall pressures range between 30 to 80 percent of the incident
pressures, far less than expected.

The displacement curves for these tests show the sidesway buildup due to
the loading, followed by a significant negative (rebound) displacement, and
the peak positive displacement occurring in the second cycle after all the
blast loading was off the structure. This behavior can be explained by the
phasing of the blast loading as follows: the first peak is a result of the
net positive loading on the building walls (front wall minus rear wall
pressure). As the frame starts to rebound, the negative pressure on the
front wall and the positive pressure on the rear are both acting in the same
direction and in phase with the rebound. This combination of events produced
a peak negative displacement which is greater than the positive displacement.
A second positive displacement, which is greater than the first positive
displacement, is produced by the rebound of the structure from the negative
displacement combined with the negative phase of the loading on the rear
walls. At higher pressures, the negative displacements were nearly equal to
the positive displacement. This is due to the plastic deformation in the
frame.

Other factors which affected the frame responses of both structures
were:

the buildup of internal pressure, resulting primarily from leakage
through the seans of the panels, and

* the responses -of the secondary members (purlins, girts, wall and

roof panels) relative to those of the frames.

Through a series of dynamic analyses performed on the frames, using the
computer program titled "Dynamic Non-Linear Frame Analysis" referred to as
DYNFA (ref. 4), it was concluded that these factors had some impact on the
frame responses in the. plastic response range. In the case of the
pre-engineered building, the interior pressures had a greater effect on the
plastic deformations of the frame members than on the overall sidesway

* responses of the frames. This appears reasonable when one considers that the
plastic deformations in the frame occur in local bending modes of the
individual members. Since these modes have small periods of vibration, they
are extremely sensitive to the peak pressure. On the other hand, the
sidesway response of the frame is low frequency in nature and, therefore, is
more dependent on the total impulse of the loading rather than on the peak
pressut.

The pressure gages, located in the interior of the strengthened steel
building, recorded insignificant pressure levels which were, on the average,
only 16 percent of the incident pressures, .compared to 40 percent for the
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pre-engineered structure. Consequently, no analyses were done to determine
the extent to which the responses of the frames of the strengthened steel
building were affected.

The interaction between the secondary members and the main frames was
considered in the dynamic analyses for Tests 3 and 4 of the pre-engineered
and strengthened steel buildings, respectively. The results of these
analyses are given in Figures 5 and 6 in terms of horizontal sidesway versus
time curves for the center frames. The curves show that the responses of the
secondary members did not significantly alter the first half-cycle of the
sidesway response of the center frames. However, the rebound of both frames
wa's significantly altered.

In the case of the pre-engineered structure, the rebound of the frame
was significantly diminished and it was concluded that this occurred because
of the large amount of energy absorbed by the plastic deformations of the
girts. The remaining energy was transferred to the frame, thereby resulting
in elastic rebound of the frame. However, the rebound of the frame of the
strengthened steel building was increased due to the fact that a greater
amount of energy was transferred to the main frame than was absorbed by the
secondary members during deformations. The models used in the computer
analyses are shown in Figures 7 and 8.

The ductility ratios and rotations associated with the girt
displacements listed in Tables I and II have been compared to the design
criteria presented in Reference 2 as follows:

1. The 2.5 in (O,Ob4 m) of the upper girt of the strengthened steel
building in Test 4 (3.5 in) corresponds to a roation of 1.19
degrees, which is between the reusable criteria of 1 degree arid
non-reusable criteria of 3 degrees. The corresponding ductility
ratio is 1.25 based on an elastic deflection of 2 in (0.051 m).

2. The 4.8-in (0.122-m) deflection for Test 5 (1.2-psi incident
pressure) of the pre-engineered building corresponds to a ductility
ratio of 1.4 which is between the reusable (1.25) and non-reusable
(1.75) criteria values. Here, extensive twisting of the girts
occurred, which would render the iember non-reusable, which is
consistent with sthe actual rotation of 2.3 degrees compared to the
criteria value of 1.8 degrees.

To further evaluate the girt responses, single degree-of-freedom
analyses were performed for the actual pressures on the blastward wall that
were measured for Tests 3 and 4 of the pro-engineered and strengthened steel
buildings. Comparisons of the analytical and measured girt responses for
these tests are given in Figures 9 and 10. In the first case involving the
pre-engineered building, the computed displacement was greater than the
measured value; whereas for the strengthened steel building, the reverse was
true. The discrepancies: between the measured and computed girt responses
result f rom:
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1. The pressure buildup inside the pre-engineered building.

2. The interaction between the girt and frame responses and

3. The effect of the actual yield stress of the material used to
fabricate the girts. The actual yield stress of the material used
for the girts of the pre-engineered structure was not determined by
tensile testing and, therefore, the analyses were based on the
minimum specified yield stresses for the material used to fabricate
these components of the building. In the case of the strengthened
steel building, the actual yield stress of the material used to
fabricate the girt was used in the single degree-of-freedom
:analyses.

The peak panel displacements of the pre-engineered building given in
Table I were measured relative to the girts. The measurements are for a
section of panel spanning between girts, which is assumed to behave more or
less as a fixed-supported beam. On the basis of the measured response
records for the panel and post-shot dynamic analyses, it was concluded that
the panel measurements recorded was not accurate. This was attributed to the
manner in which the panel displacements were measured (i.e., subtraction of
absolute measurements of girt and panel deflections), the high frequency
nature of the panel response and the excessive damage to the panels which
made correlation between measurements and analysis possible.

For the strengthened steel structure, the recorded panel displacements
already account for the displacements of the girts. Based upon past
experience with the pre-engineered building, the deflection gages were
mounted to frames which were attached to the members (purlins and girts)
supporting the panel. Thus, a direct measurement of panel displacements were
obtained. For Trial 6, the 4-foot long panel (distance between girts) showed
a 7.6-inch displacement during rebound. This corresponds to a rotation of 18
degrees, which is far greater than the reusable criteria of 0.9 degree. The
opening of the panel seams and the pull-out of several screws connecting the
panels to the foundation are consistent with the criteria. The effect of
this was to relieve the load of the panels. Test results also showed the
inadequacy of the roof panels. Buckling of the panels was evident after all
the tests. A displacement of 1.87 inches during Test 7 (which corresponds to
a rotation of 3.6 degrees) and the raising of the panels at their seams are
consistent with the reusable criteria of 0.9-degree rotation.
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COMPARISON OF THE PRE-ENGINEERED AND STRENGTHENED STEEL BUILDINGS

The first section of this paper dealt with the test performed on the two
steel buildings. The tests were described and evaluated for each structure,
and the results were compared to the design criteria presented in References

A I2 and 3.

To further understand the behavior of the pre-engineered and
strengthened steel buildings, and to pinpoint the similarities and
differences in their responses to dynamic (blast) loads, the two structures
are compared in this section.

The overall dimensions of the structures were identical; namely, 80 feet
long by 20 feet wide by 12 feet high. Both structures were subjected to
several tests involving the detonation of 2,000 pounds of nitro-carbo-
nitrate of different locations around the buildings. The measuring gages
were located at the same positions on the structures (except for the interior
pressure gages and those gages monitoring the behavior of the longitudinal
frames), thus allowing for a comparison of the responses of the two
structures to blast loads.

MAIN FRAMES

A typical interior rigid frame of the pre-engineered building comprised
of two columns and a girder which were fabricated of place stock having a
minimum static yield stress of 50,000 psi. The center (typical) frame of the
strengthened steel building consisted of hot-rolled W-shaped members with a
minimum static yield stress of 36,000 psi.

The responses of both structures to normal blast waves were very
similar; namely, a positive peak displacement followed by a negative
displacement, as the wave front travelled from one end of the frame to the
other, Both structures showed a significant (maximum) sidesway displacement
after all the loading was off the structures. However, at higher pressure
levels (peak side-on verpressures of approximately 1,.3 psi), some plastic
deformations were observed in the columns, girts and panels of the
pre-engineered building. No plastic deformations were observed in the
strengthened steel building, although buckling of the wall panels occurred in
the latter tests.

The longitudinal frames could not be compared because no pressure gages
were positioned to monitor the behavior of the longitudinal frame of the
pre-engineered building.

SECONDARY MEMBERS

The blastward girts of the pre-engineered building consisted of Z-shaped
members, ZU feet long and an ultimate flexural resistance of 16.6 kips. The
outer flanges of these girts were securely fastened to the wall panels,
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whereas the inner flanges were unbalanced. This resulted in greater
deflections of the girts during rebound and, consequently, for peak side-on
overpressures as low as 0.74 psi, the clip angles connecting the girts to the
columns were twisted. As the peak side-on overpressure increased, the girt
connection bolts failed, and in those members whose connections survived the
blast loads, plastic deformation was apparent. The only damage to the girts
of the strengthened steel building was slight web crippling observed after
all the tests (Pso = 3.2 through Pso = 6.79).

Test results showed that the panels in both structures failed at higher
pressure levels. Due to the inadequate connection details at the panel
seams, the interior pressure levels were relatively higher in the
pre-engineered building than in the steel building. Thus, the effects of
these pressures (interior) were more significant in the analyses of the pre-
engineered building.

In the evaluation of the effects of the secondary member displacements
on the responses of the frames, it was observed that an excellent correlation
of the first half cycle of the sidesway responses of both structures was
obtained between analysis using the basic frame model and that using the
refined model However, during the rebound phase, analyses showed that the
center frame sidesway displacement (in the pre-engineered building) was lower
than shown in the test results. The opposite occurred in the case of the
strengthened steel building. This is believed to have occurred because a
larger amount of energy was absorbed during the plastic deformations of the
girts in the pre-engineered building, thus reducing the effect on the rebound
of the frame.

Since no gages were furnished to measure the responses of the purlins in
the pre-engineered building, no comparison could be made for these secondary
el ements.

The ductility ratio for the columns and girders of the pre-engineered
building approached the non-reusable design criteria of 6 for an incident
pressure of 1.0 psi and exceeded it as the pressure increased to 1.25 psi.
The girders of the strengthened steel building also approached the criteria
at 3.5-psi side on overpressure and exceeded the limit as the pressure
increased to 4.15 psi.

CONCLUSIONS AND RECOMMLNDATIONS

Based upon the test evaluations presented in the preceding sections, the
following conmments are offered:

1 . Use of pre-engineered and strengthened steel buildings to provide
protection at overpressures ranging from 2.0 psi to about 6.79 psi
are practical.
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2. in the case cf the pre-engineered building, some modifications will[ be needed to insure that the blast-resistant capacity of the
individual structural components are consistent.

3. Other building revisions that may be required of both structures to
fully develop the full capacity of the structure include:

a. Provide bigger washers or provide other means to prevent the
heads of screws from pulling through the metal.

b. Strengthen the connection of wall panels at the foundation.

c. Use high-strength bolts and increase capacity of anchor bolts
to be consistent with the blast capacities of the structures.

d. Increase the resistance of the wall panels by increasing the
size of the cold-formed panels.

4. Dynamic analyses to evaluate the blast resistance of the main
frames and secondary members (purlins and girts) should include the
following effects:

a. The negative phase of the blast pressure.

b. The interaction between the responses of the secondary nmembers
and the frame, responses.

5. The interaction between the sheet metal panels (siding and roofing)
and their supporting members (girts and purlins) should be
considered in evaluating the blast resistance of panels used on
pre-engineered buildings.
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C3 SHELTER DESIGNS FOR THE TACTICAL BATTLEFIELD
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ABSTRACT

Preliminary designs of two new Command, Control, and Communications
(C3) shelters for the tactical bat.iefield have been formulated. The

hostile threats accounted for in the designs include tactical nuclear

weapons, fragmenting conventional munitions, and attacks by electronic

warfare equipment and by chemical/biological agents. Inasmuch as the

sequence in which these threats may be employed is unknown, various

scenarios were considered. The conventional design requirements stemming

from operational and ambient environmental conditions (e.g., deployment,

temperature extremes, etc.) were also imposed. The designs were severely

limited in weight and physical dimensions because of such requirements

as transportability on standard DOD vehicles and efficient usability of

inner space for crew and a variety of standardized equipment. This

paper discusses the various expected environments and loadings and the

predicted structural behavior, An extensive program of analysis and

testing has been initiated to simulate loadings and responses. The

planned validations include specimen tests, and model and full-scale

simulated tests in shock tubes and in the field. Currently available

results from this program and results from earlier efforts which form

the basis of the preliminary designs are presented. Design trade-offs

affecting weight and cost are briefly discussed. Present indicati ns are

that the novel wall design concepts provide a viable means for hardening

shelters but at the expense of appreciable weight and cost penalties.

INTRODUCTION

Current DOD plans call for HArdened Tactical Shelters (HATS) to

complement the currently operational and unhardened S-280 and S-250

versions (see Figures 1 and 2). These command, control, and communications

shelters must survive under the "most severe situations" that can be

associated with a number of hostile threats including nuclear weapons,

fragmenting conventional munitions (hereafter referred to as conventional

weapons), and attacks by chetaical/biological (B) agents and radiation

from electronic warfare equipment. Thus, the new designs must strive

towards a degree of hardening compatible with the military specifications

reflecting the anticipated threat levels from various types of attack.
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Three important further stipulations need be stated to point out
some major design implications. First, the most severe conditions
should be considered in design. Two examples illustrating this point

4 , are: (i) the fragments impinge normally into the shelter walls, and
(ii) the shock wave propagation is such that it results in the largest
and most damaging loads. Thus, several shock directions need be considered,
since different directions may be critical for different shelter structural
components. Secondly, it should be assumed that the nuclear, conventional
warfare, and CB threats can occur in all possible combinations and

isequences, e.g., a CB attack preceding or following a nuclear attack,
a conventional warfare prior to a nuclear attack, etc. (In these com-
binations, a single nuclear encounter may be assumed.) Two example
implications raised by this point are: (i) the shelter skins may be
allowed to yield but they shall not tear following a nuclear blast
encounter, to preclude entry of contaminants from a subsequent CB attack,
and (ii) the fragments from conventional warfare (of specified size
and velocity) shall not pierce the conducting inner shield, to preclude
severe degradation in shielding provided for protection against electro-
magnetic pulse (EMP), electromagnetic radiation (EMR) and electromagnetic
interference (EMI). Thirdly, the requirement that the shelter shall
survive to allow mission completion should be interpreted as follows:
(i) the shelter structure shall have sufficient strength to protect
the equipments inside so that they would remain fully operational after
attack(s), and (ii) the shelter structure shall have sufficient rigidity
to limit the maximum deflections at the centers of the wall panels to
less than prespecified levels so as to avoid wall impacts with equipment
racks placed nearby. Also, the permanent deformations, should they
result, shall not impair the operation of equipment, doors, etc.

With the threat levels given in quantitative terms later, and in
view of the brief discussion above, it should be apparent that the design
conditions will be most severe. They will include large thermal inputs
coupled with high dynamic stresses in the shelter structure (and the
Total Environmental Control §ystem (TECS) and Modular Collective
Protection Equipment (MCPE) mounted on the shelter to provide CB
protection), and penetration of fragments to cause structural damage,
and component damage to TECS and MCPE. In addition, the protection
against CB agents will require ducting, ducti ng valves, and special
finishes; and the electrical loads induced by the EZ4P and EMR will be
"large". As a result of these loadings one should expect the shelter
structure and the TECS and MCPE to be deformed and partially penetrated,
the shelter-truck combination to be rotated so as to require tic-downs
to prevent overturning, and the E P/EMR/EMI shield to be highly stressed.

i: .. :Some of the needed preliminary work has been completed providing

. .- initial guidelines for the hardened designs, During the past several

years, the U.S. Army Ballistic Research laboratory has conducted
analytical and experimental investigatioas to assess the survivability
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of Electrical Equipment Shelters under simulated tactical combat conditions.

They have utilized shelters such as the S-280 and S-250 with and without

certain modifications. Unmodified, these shelters have walls of sandwich

construction configured with aluminum skins and interior stiffeners, and

with foam cores. The unhardened shelters have also been provided with

protection from EMI by insuring electrical continuity in the aluminum

skins, conductive sealants where needed, conductive gasketing around

doors, and conductive honeycomb barriers on apertures.

In the analytical investigations referred to above, the shelter

structural elements were modeled as beams, panels, and complete shelters

when using a number of response codes such as NASTRAN, ADINA, DEPROP
[1,2] and DEPROB [1,21. In addition, the truck-shelter combination was

modeled by the TRUCK code [3] to determine the overturning response and

tie-down parameters. The complimentary test programs involved struc-

tural elements and shelter-truck combinations in testing machines, shock

tubes, and in large scale high explosive (HE) field tests.

The full-scale field tests were conducted during the DIAL PACK

(4,5,6], MIXED COMPANY [71, DICE THROW [8,9], and MISERS BLUFF [10]

events. In all cases, the shelter was placed so as to receive the shock

head-on to either its roadside or curbside wall. In DIAL PACK, some

eight shelters were set on the ground, anchored, and subjected to different

overpressure levels. Some of the shelters were empty, while the others

had actual racks with weights simulating various equipment. In MIXED

COMPANY, twelve empty S-280 shelters were placed on the ground and
anchored. They were located at five different overpressure levels.

Various types and degrees of hardening were tested, with some shelters

having added inside and/or outside aluminum skins, and other with I-beams

placed inside and backing the walls hit head-on by the shock. In the

DICE THROW event, ten S-280 and 8-250 shelters with operational equip-

ment were mounted on trucks; and again they were exposed at different

overpressure levels. Two of the S-280 shelters were retrofitted with

Kevlar* skin/aluminum honeycomb on both the inner and outer skins. A

different, hardened shelter built by Brunswick was also tested, at

around the 6 psi (41.4 kPa) overpressure level. The wall panel of the

latter was an aluminum skin/paper honeycomb sandwich with two internal

vertical stiffeners. In the MISERS BLUFF event, four additional 8-280's,

fully equipped and mounted on trucks, were tested at higher but differentI overpressure levels. Of these, one standard shelter was first subjected

to a thermal pulse (thus simulating for the first time the thermal pulse

from a nuclear burst, a simulation lacking in other liE tests) followed

by the blast wave from the liE burst. With another one of these shelters,

a Kevlar layer was bonded to the outer skin; but this shelter was exposed

to thi blast only. One drawback in all the field tests was that the

poaltive phase durations (and thus the toual impulses) were less than one

would get in nuclear blast encounters, resulting in less severe over-

Kevlar Is a registered trademark for an aramid fiber produced by
I. E.l. WuPont do Nomours aud Co. (Inc.).
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turning conditions. Nevertheless, these tests have verified the computed
responses from the TRUCK code, and thus provide some confidence for
future analytical predictions.

Utilizing this background and results from tests conducted since
(some of which will be commented on later), the preliminary designs of
the hardened C3-shelters were effected. In what follows, the impor-tant
design aspects are covered. Following a short section summarizing
quantitatively the hardness-related design requirements, one of the two
configurations is presented along with discussions related to the
analytical methods and test results used, the choice of materials, the
sizing, etc. The configuration covered here is the hardened version of
the S-280 shelter. It will henceforth be designated as the A-Shelter.
The design of the S-250 shelter (B-Shelter) is similar and the differences
will be discussed briefly.

HARDENED SHELTER DESIGNS

Hardening-Related Design Requirements

The degree of hardening to be provided in the designs must be
compatible with the anticipated threat levels which may be specified
quantitatively as follows:

1. Nuclear Threat. The burst is of moderate yield and at low
altitude. The shelter is located at sea level and at a range
such that:

(i) The encounter is with the Mach stem of the reflected (and
traveling) shock wave, with the shock plane perpendicular
to the ground. Thus, the material (gust) velocities
behind the shock are horizontal. Otherwise, the shock
orientation is arbitrary, requiring consideration in
design of all critical azimuthal directions.

(ii) At the location of the shelter the peak free-field over-

pressure (just behind the Mach stem) is 7.3 psi (50.3 kPa)
and the pressure positive phase duration is 1.0 second.

(iii) The thermal pulse has a fluence of 1.66 BTU/in2 (65 cal/cm 2)
and is deposited in the 2 seconds before shock arrival.

(iv) The associated EMP is intensive with a broad frequency

band requiring at least a 60 dB attenuation over the range
0.15 MHz to 18GHz, and even an 80 dB attenuation in the
sub range 0.20 MHz to 1 MHz. These attenuation figures
reflect the combination of EMP, EMR (electromagnetic
radiation, see requirement under electronic warfare
threat below), and the usual EMI shielding (specified
also for unhardened shelters) requirements.
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2. Conventional Warfare Threat. A fragment from a conventional
weapon weighing 60 grains (3.9 g) and striking normally any
shelter wall at a speed of 1640 ft/s (500 m/s) shall not
perforate the wall, i.e., there shall be no puncture of the
electromagnetic shield.

R( 3. Electronic Warfare Threat. The shelter shall be shielded from
the electromagnetic radiation from this type of attack. This
requirement has been combined with that under item (iv) of
"Nuclear Threat" above.

4. Chemical/Biological Threat. Hardened air conditioning and
filter units, and decontamination vestibules (i.e., hardened

4i TECS and MCPE units) are assumed to be available. Thus, the

main shelter design tasks associated with this threat are to
provide

(i) Proper mountings of all the equipment,

(ii) Suitable ducting and valves for proper operation of air
filtration and of environmental control systems, even

during the positive and negative phases of the nuclear
blast field,

* (iii) Sufficient air tightness to allow positive pressure
method of collective protection for CB defense, and

(iv) Exterior surface finishes which can be easily decon-
tamined following a CB attack.

Other Design Requirements

In addition to the hardening-related requirements, the shelter
designs must meet appropriate environmental and operational requirements
which are always specified in the MIL SPECS for Electrical Equipment
Shelters (and, whenever possible, including those requirements agreed
upon by the Joint Committee on Tactical Shelters, JOCOTAS). Among them
are those dealing with transportability, drop and railroad humping

.4, tests, operations in extreme climates, ate. Two specific items worthy
of note here are (i) the solar lnad in a hot desert operation which
results in outer skin temperatures of 200*F (93*C), and (ii) the require-
ment that the overall shelter heat transfer coefficient be kept below
0.35 BTU/hr ft2OF (0.171 cal/hr cm2°C) to minimize the needed air

conditioning capacities.
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Limitations

Because of air and truck transportability requirements, it is
necessary to limit the .2xterior dimensions of the shelter; and in order
to accommodate existing standard equipments and the crew, the inner
dimensions have to be kept at specified values within close tolerances.
Table I shows the dimension specifications for the A-Shelter. With
these dimensions, it turns out that the maximum allowable wall panel
thickness is 2.5 in (6.35 cm).

Table I - A-Shelter Dimension Specifications

Interior Exterior
in (cm) Maximum in (cm)

Length 138.0 + 1/8 (350.5 + 0.3) 147.0 (373.4)

Width 81.5 + 1/8 (207.0 + 0.3) 87.0 (221.0)

Height 77.0 + 1/8 (195.6 + 0.3) 86.75 (220.3)

Meeting the hardening-related requirements imposed weight and cost
penalties. Every effort was made to reduce the total shelter weight.
The specified goal was to maintain it to within 2100 lbs (953 kg), i.e.,
some 700 lbs (318 kg) above that for the unhardened S-280 C. However,
design and cost factors dictated acceptance of weight overruns which,
according to the latest weight ledger, may amount to as much as 8 percent.

Wall Cross-Sectional Design

The wall cross-section shown in Figure 3 is the one eventually
selected among several candidate configurations. It is of sandwich
construction, with fairly thick inner and outer skins made of Keviar
laminates and spaced by a honeycomb core and Kevlar-based, box-like
pultrusion stiffeners. The inner Kevlar skin is also faced with a thin
aluminum sheet to provide the enclosure shielding for electromagnetic
radiation protection. Besides providing thermal shielding and to some
degree insulation, the Kevlar skins are the main contributors of strength
and rigidity for carrying the blast-induced banding loads. Much lesser
contributions in bending strength and rigidity are expected from the
aluminum skin and the stiffeners. The combination of the honeycomb core
and the periodically-spaced stiffeners (at the same longitudinal locations
as in S-280) has the role of carrying the high shear loads predicted
for the blast encounter period. Consurvatively, one may assume that
the total shear is carried by the core and the webs of the box-shaped
stiffeners. (The B-Shelter has similar construction exoept that the
wall and core thicknesses are 1.75 in (4.45 cm) and 1.41 in (3.58 cm),
respectively.)
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Kevlar Laminate 252.35 in

0.1 in(041 m)(5.97 cm3 Keviar Pultrusion
thick

(0.38 cm)

( . 0.30 in 0.30 in 2.50 in

'(0. 76 cm) (0.76 cmT/63 m

0.15 in
(0.38 cm)

Keviar Laminate Aluminum Skin Kraft Paper Honeycomb Core
0.16 in (0.41 cm) Thick 0.032 in (0.081 cm) Thick 2.16 in (5.49 cm) Deep

Figure 3. Wall Section at Box Stiffener Location for A-Shelter

The Keviar cloth plies of the laminates are chosen for several
reasons. First, they afford excellent protection against fragmentations.
Secondly, they have higher strength to weight ratios and much lower
thermal conductivity than aluminum. And finally, through charring of
a small fraction of the outer skin thickness, they provide shielding
against the high thermal pulse from the nuclear burst. Although Keviar
type 29 plies with low content vinyloster or similar resins would have
been preferrable from the viewpoint of fragmentation protection, the
choica in this design is to use X(evlar type 49, with moderate conteint
(say 25-30 percent by weight) epoxy resin in order to achieve the strengths
required by the high level blast loadings.

As to the core material, several alternatives were considered,
including foams, polycarbonate forms such as Norcore and Quadricore, and
aluminum and non-metallic honeycombs. Because o~f the high shear strengths
needed, the expected maximum temperatures, and the heat conduction
considerations, the only type of core deemed acceptable is the non-
metallic honeycomb. With regards to the stiffeners, the Keviar pultrusions
arc preferred (despite their high costs) over aluminum sections because
of their low thermal conductivity (thus avoiding "hot spots" which occur
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with aluminum stiffeners faced with thin wood thermal barriers) and
their close matches in moduli and thermal expansions with the Kevlar
skins. On the negative side, it is recognized that the shear strengths
of the pultrusions (which is a critical factor in design) are only about

Wone third of those of aluminum requiring thicker webs and thus weight
penalties. As to the aluminum electromagnetic shield, a type with
moderate to high strength and with at least 5 percent ultimate elongation

4 is deemed adequate.

j Each wall (including roof and floor) is made of a single panel, i.e.,
no seams are allowed. The six walls are assembled using edge and three-way
corner treatments. At cross sections with no stiffeners, the arrangement
is as shown in Figure 4. At locations with stiffeners, the "C" and
mushroom-shaped edge pultrusions are interrupted to allow connection
of stiffeners from adjacent panels using L-shaped aluminum inserts.
The stiffeners thus connected form frame-like closed rings. The three-
way corner fittings are special hefty aluminum castings which also serve
as the mounting plates for the lifting and towing eye assemblies.

The wall cross-section design procedure involved essentially the
following sequences of steps:

(i) Determination of the required Kevlar skin thicknesses, based
on fragmentation protection considerations.

(ii) Determination of the type and density of the honeycomb core
and the sizing of the stiffeners, based on considerations of
required shear strengths.

(iii) Determination of the required aluminum skin thickness, based

on EMP/EMR/EMI protection considerations.

(iv) Having thus established the sizings of the various components,
checks for the strength and rigidity levels of the wall panels

*to insure structural integrity when subjected to the blast-
induced bending loads.

(v) Evaluation of the thermal characteristics of the cross-section,

especially with regards to thermal conductivity to insure
compliance with previously noted specifications.

K In these assessments, the roadside (or the identical curbside) wall was
isolated and treated as a single panel (or a segment of it as a beam)
with clamped or simply-supported boundaries (with no translations at
the boundaries). It was necessary of course to iterate these design
steps in order to impose certain design trade-offs concerning weight,

cost, strength, etc. In what follows, these design steps are discussed

individually with more details, along with relevant "handbook data" and
supporting analysis and test rcsulta.
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Figure 4. Wall Panel Edge Assembly for A-Shelter

1. Fragmentation Protection. Based on the simple method suggested by

Reches [11], a set of curves was prepared which defines the critical
(normal) impingement velocity versus fragment size for several values
of the Kevlar skin areal density. These curves are according to the
Johnson equation for cylindrical steel fragments with L/D-1, and use
cErtain empirically derived constants for Kevlar protection which are
tabulated by Reches. Assuming a skin density of 0.05 lbs/in3 (1.38 g/cm ),
these curves indicate that a 0.32 in (0.81 cm) total Kevlar thickness
should prove sufficient in providing the protection from the specified
fragmentation threat (e.g., 60 grain (3.9 g) impinging normally at
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1640 ft/s (500 m/s)). Unfortunately, it turned out that the Reches
results apply only to low resin content, easily delaminated, low density
(0.037 lbs/in3 (1.02 g/cm3)) "flexible" to "semi-flexible" Kevlar laminates.
Additional experimental data from industrial sources indicated that the
0.32 in (0.81 cm) total thickness would be marginal if one uses "moderate"
resin content, higher-density (0.048 to 0.050 lbs/in3 (1.32 to 1.38 g/cm 3))
"rigid" Kevlar skins laminated under fairly high pressures. (These
rigid Kevlar skins are needed for reasons of strength.) Some recent
tests on two sandwich specimens (with two 0.16 in (0.41 cm) Kevlar skins
and a total thickness of 2.5 in (6.35 cm)) conducted at BRL indicate
this to be the case as shown by the results listed in Table II.

Table II - Shelter Panel Fragmentation Tests

Test Impingement Impingement Perforated Residual
No* Velocity (m/s) Yaw Angle (Deg)x  Velocity (m/s)

1 542 1 Yes 234
2 532 6 Yes 240
3 t 531 2 Yes 230
4J 484 0 Yes 60
5 567 6 Yes 226
6 473 3 No -

7 tt 498 18 Yes 114
8 529 0 Yes 152

All tests with 60 grain steel cylinder, L/D=1, 0.5 in. gun launched.

tqpecimen 1, with aluminum skin as in Figure 3, with paper honeycomb core.
Specimen 2, with aluminum skin at mid thickness.
From a direction normal to the panel, i.e., normal impingement angle - 0.

The specimens were not built specifically for these tests. They were
about 4 in (10.2 cm) wide and 10 in (25.4 cm) long and cut from larger
available panels. The resin type and content by weight are not known.
From density measurements, it appears that the skins were "rigid", dense
(0.05 lbs/in (1.38 g/cm3 )) laminates. The guess is that the resin was
epoxy with the resin content around 25-30 percent. Because of the
narrowness of the specimens, the penetrations may have been enhanced by
edge effects. Although most of these tests showed penetration at speeds
near 500 m/s, those closer to the 500 m/sec condition showed low resi-
dual velocity. It appears possible to improve the situation by choosing
a superior type resin and adjusting the resin :'ontent, without signi-
ficant sacrifices in strength. With further tests to guide such trade-
offs, it should be possible to meet the fragmentation protection require-
ment (i.e., no perforation by 60 grain fragments arriving at 500 m/s)
with a total Kevlar skin thiokness of 0.32 in (0.81 cm). A conservative
alternative is to increase the total skin thickness; but this would
result in weight and cost penalties which cannot be justified at this
time, pending further tests.
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2. Blast-Induced Shear Loads. Consider the roadside panel which has
"unsupported" dimensions of roughly 77 in x 138 in (195 cm x 351 cm).
To choose and size the honeycomb core and the stiffeners (which jointly
sustain the shear loads), it is necessary to determine the maximum shear
load during the specified blast encounter. The maximum shear occurs at
the mid point of the longer side and next to the edges, and may be
estimated in the following manner. With a 7.3 psi (50.3 kPa) head-on
shock, the peak reflected overpressure is 17.5 psi (120.7 kPa). Assuming

no attenuation and taking a dynamic magnification of 2.0, the equivalent
uniform static loading for the entire panel is 35 psi (241.3 kPa). A
vertical strip 22 in (55.9 cm) wide and 77 in (195 cm) long taken from
the center of this panel is isolated and treated as a beam. (The beam
contains one pultrusion stiffener centered as in Figure 3; and the 22 in
width is chosen since it represents the separation between stiffeners.)
On this basis, the maximum shear load amounts to about 29650 lbs (131.9 kN)
and occurs near either end of the beam regardless of the edge fixity
condition. For the cross-sectional dimensions indicated in Figure 3,
and with due account to the difference in the moduli of the core and the
stiffener, it is estimated through an approximate analysis that about
62 percent of this load is carried by the honeycomb and the remainder by
the stiffener. Assuming uniform stresses over each of the two components,
the required shear strengths turn out to be 431 psi (2.97 MPa) and
8670 psi (59.8 MPa) for the honeycomb and stiffener, respectively. The
actual maximum shear stress values are expected to be lower than the
above values for two reasons: (i) The Kevlar skins and the flanges of
the stiffeners carry some of the shear loads, and they have been neglected
in the analysis; (ii) By isolating the section as a beam, the load
carrying capacity of the plate in a direction transverse to the beam is
also neglected. Based on some charts obtained from classical theory of
isotropic plates, it is estimated that the total shear load of 29650 lbs
should be reduced by a factor of 0.85. (See Hexcel Design Handbook for
Honeycomb Sandwich Structures [12].) If this 0.85 factor is applied to
the above required shear strengths, the corresponding revised values
would become 364 psi (2.52 MPa) and 7370 psi (50.8 MPa). Consider the
use of a Kraftpaper honeycomb (lexcel WRII) as the core material. With
a proper resin, cell size, and paper thickness, it is possible to obtain
the required shear strength with core densities of 6.8 lbs/ft 3 (108.9 kg/m 3)
or more. From extrapolation of available data from Hlexcel, it is estimated
that the plate shear strengths of a 6.8 lbs/ft3 WRII honeycomb core.
2.16 in (5.49 cm) deep and at room temperature, are about 395 psi (2.72 Mla)
and 272 psi (1.88 MPa) in the ribbon and "long" directions, respectively.
With the core placed so that the ribbon direction is parallel to the
stiffener (i.e., in the beam direction), this weight WRIZ core would be
adequate provided no significant deteriorations in strength result from
elevated temperatures. It is known that WRII strengths deteriorate
severely when subjected to temperatures above 180*F (82*C) for "long"
periods, i.e., several minutes or longer soak times. TIle maximum
temperature in the core under the solar load of a hot desert operation
is expected to be in the range of 150-175*F (66-794C) for the roof but
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lower for the side walls. With no thermal pulse from a nuclear pulse,
the WRII core should prove acceptable. With the thermal pulse, the
maximum core temperature is expected to increase by some 100*F (56*C),
raising a doubt as to whether the WRII would fail in shear, even though
the soak period is a few seconds. On the other hand, the blast-induced
loads are also of short durations; and some recent data from shock tube
tests on panels with WRIT honeycomb cores indicate that the dynamic
shear strengths of these cores are considerably higher than their static
counterparts given earlier. Based on these discussions, and in view of
its much lower cost (by nearly an order of magnitude) when compared with
those for other non-metallic honeycombs, the WRII is accepted at this
time but subject to further extensive tests.

As to the requirement that the pultrusion have a transverse shear
strength of 7370 psi (50.8 NPa), no difficulty is foreseen in achieving
this level if the pultrusion is reinforced with Kevlar and uses a
suitable type and amount of resin, even at temperatures as high as 250*F
(1210C).*

3. EMP/EMR/EMI Protection. The aluminum skins from all six wall
panels are overlapped (as shown in the edge treatments, Figure 4) and
form an "enclosed box" with no "gaps" in electrical continuity. With
proper grounding, this provides levels of attenuation (for electric/magnetic
fields and plane waves) which meet the specifications when tested
according to MIL-STD 285 procedures. Note that this shield is purposely
located as the innermost wall layer to avoid holes resulting from
fragment penetrations. When properly bonded (and fastened mechanically
with certain precautions, as needed) to the inner Kevlar skin, it also
contributes, although to a much lesser degree than the Kevlar skins, to
the bending strength and stiffness of the wall section. Utilizing the
analysis technique and the data from Campi [13], it is estimated that a
0.032 in (0.081 cm) aluminum skin will prove sufficient for a-:taining
the specified dB levels of enclosure shielding at all frequencies between
0.15 MHz and 18 GHz. Aperture shielding such as at exhaust ducts, RFI
gasketing at doors, conductive sealants at mechanically-fastened seams
to minimize long-term performance degradation, filtering at signal entry
panels, etc. present other aspects of EMP/EHR/EHI shielding which were
considered in the design.

The use of a single enclosure shield has been questioned nd is
under further study at this time. The main objection centers around the
dissipation of the high currents resulting from the EMP. It is conceivable
that these high currents may result in reradiations into the interior
Of Lhe shelter from such areas as the seams of signal entry panels. With
special procedures developed through extensive testing, it is very likely
that such panels can be mounted so as to eliminate reradiations. An
alternative is to provide dual shields by adding a second and electrically

*Based on discussions with one ol the major pultruson manufacturers.
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separated aluminum enclosure, as in previous designs. However, this
would impose considerable weight and cost penalties which cannot be
justified at this time.

4. Structural States in Response to the Blast Loadings. Having thus
established the wall cross-sectional/design, the question remains whether
the shelter would have sufficient strength and rigidity to withstand the
blast-induced bending loads. Forthis purpose, somewhat simplified
dynamic analyses were conducted ,to predict the maximum stresses and
deflections for the largest paiel, i.e., for the roadside or curbside
wall. A head-on encounter wa assumed since this is deemed the most
critical shock orientation bsed on past experience. The time and spatial
variations in the loadings W4ere first calculated using the BLOCK code [14]
(which is the aerodynamic subroutine in the updated TRUCK code). Rather
than accounting for the siatial variations, it was deemed simpler and
acceptable for present purposes to assume a uniform, averaged loading.
The time variation of this uniform loading, shown in Figure 5, was then
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inputted in the structural response codes DEPROB and DEPROP. Both
of these codes account for geometric and physical nonlinearities, i.e.,

membrane stresses, non-linear stress-strain relations, but omit strain
rate effects. Two structural models were considered. With the much

simpler DEPROB, a 22 in (56 cm) wide segment, 80 in (203 cm) long and
backed centrally by a single pultrusion stiffener (see 2 above), was
taken from the center of the whole panel and treated as an isolated
beam. With DEPROP, the entire wall panel was modeled with some approxi-
mations which were required to include stiffeners along with the multi-
layered skins. Most of the calculations for maximum stresses and
deflections were effected with DEPROB. A few check calculations were
made with DEPROP which is more accurate but which requires computation
times an order of magnitude longer than those with DEPROB. Whenever
checked, the results from the two sets of calculations showed reasonable
agreement. Both simply-supported and clamped edge conditions were
analyzed. The ends were assumed fixed, i.e., no longitudinal motions
were allowed, and the compressive edge loads imposed by adjacent panels
were neglected. Table III summarizes the results from the beam (DEPROB)

analyses for the final configuration as shown in Figure 3.

Table III - Summary of Maximum Structural Responses From the Beam
Analysis for the Final Wall Configuration

Clamped Simply-Supported
Edges Edges

Peak Tensile Stress in Kevlar, kpsi (MPa) 43 (296) 42 (290)t

Peak Compressive Stress in Kevlar, kpsi 30 (207)** 1 (76)tt(mPa) 

Peak Tensile Strain in Aluminum, % 0.46x  0.95x

Peak Compressive Strain in Aluminum, % 0.70O Legligible

Peak Displacement, in (cm) 1.50 (3.81 )x 3.22 (8.18 )X

Time of Peak Displacement, msec 5.0 6.6

+At outer skin, clamped edge At inner skin, clamped edge
.At inner skin, center span tt.At outer skin, center span
XAt center span 'xAt clamped edge

In these calculations, two linear segments approximated the elastic-
plastic behavior of the aluminum skin with the maximum stress equal to
42 kpsi (290 W'a). Also, the Kevlar laminates were assumed to have a
density of 0.05 lbs/in3 (1.38 g/cm3), and moduli E-4.5 x 106 psi
(31000 MPa) for the inner skin and 3.5 x 106 psi (24000 MPa) for the
outer skin. (The reduced value of E was used for the outer skin because
of the expected elevated temperatures there.)
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Regardless of the edge conditions, the aluminum skin is expected to
yield (since any strain beyond about 0.42% implies yielding) but not to
fail since the ultimate strain for the chosen aluminum is o'er 10%, a value
much higher than the values indicated in the table. The Kevlar tensile
stresses (and also the pultruded stiffener tensile stresses) are below
their allowables. The critical result is the peak compressive stress in
the inner Kevlar skin which amounts to 30 kpsi (207 MPa) with clamped
edges. Kevlar laminates have much lower compressive strengths than
tensile strengths. Available test data indicate that the best one could
attain with proper blend of Kevlar cloth and resin may yield compressive
strengths of about 23 kpsi (159 MPa). Nevertheless, the wall cross-
sectional design is tentatively (i.e., pending further developments)
accepted for the following reasons. First and foremost is the fact that
the edges are not ideally clamped. An edge fixity factor of about 0.8
was estimated. This depends, of course, on the edge treatments, and on
the loadings of adjacent panels which are at lower levels. If this
factor is applied to the 30 kpsi figure, the compressi.ve stress require-
ment drops to about 24 kpsi (165 MPa), a value much closer to the avail-
able strength of 23 k-psi. Secondly, these maximum compressive stresses
occur right at the panel edges, but drop sharply going away from the
edges. At the edges, the C-shaped pultrusion stiffeners (see Figure 4)
should contribute in carrying the loads, a condition which was omitted
in the analysis documented in Table III. A test case accounting approxi-K 1mately for the thickness of the C-stiffeners indicates a reduction of
some 25% in the Kevlar peak compressive stress. Thirdly, it is known
that beam type analyses applied to low aspect ratio plates tend to yield
somewhat higher stresses than those from more accurate plate type analyses.
And finally, the unaccounted for strain rate effects may allow an allowable

compressive stress for the Kevlar laminates higher than the 23 kpsi
value quoted above for the static case. What this increase amounts to
with the strain rates inferred from the times of peak displacements .-

shown in Table III cannot be estimated without some basic tests oni
Kevlar laminates.

5. Thermal Considerations. Two specific specimen tests were conducted
to determine certain thermal characteristics of the wall cross section.
The first pertains to the thermal conductivity of a 24 in x 24 in
(61 cm x 61 cm) panel with the same materials and cross-sectional geo-
metry as In the present design, except that the panel had nb pultruded
stiffener. In the second test, a thin Kevlar laminate was subjected to
a thermal pulse simulating that from a nuclear weapon to assess the
thermal damage to the skin and the increases in the temperatures at the
inner face of the outer skin where the honeycomb core ie bonded to the
skin.

The thermal conductivity test was done according to ASTM C518-76
using a heat flow meter. The heat was applied from the bottom of the
horizontally placed specimen, maintaining a thermal difference across
the thickness of about 72*F (40C). The stabilized heat transfer
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coefficient was found to be 0.28 BTU/hr-ft2-°F (0.137 cal/hr-cm 2-_C).
(Had the heat been applied from the top or the plate had been placed
vertically, it is expected that the heat transfer coefficient would have
been lower.) This result is acceptable for keeping the overall shelter
heat transfer coefficient to below 0.35 BTU/hr-ft 2-F, although higher
than that for earlier designs with foam cores which are excellent
insulators. Also, in earlier designs the aluminum stiffeners, despite
being faced with wood thermal barriers, created hot spots raising the
overall heat transfer. In contrast, the pultruded stiffeners in the
present design have much lower conductivity than aluminum thus preventing

Ahot spots; and despite the presence of these pultruded stiffeners, it
can be confidently stated that the overall shelter heat transfer coeffi-
cient can be kept below the 0.35 figure.

In the other test, conducted by Quigley at BRL [15], Kevlar 49-
epoxy sheets, 0.091 in (0.23 cm) thick, were placed in a solar oven and
exposed to two trapezoidal - and one nuclear-shaped thermal pulses. For
the single data point with the nuclear pulse, the rise time was 0.9 sec,
the total duration was 8.3 sec, and the fluence was 1.66 BTU/iU

2

(65 cal/cm2) (the same fluence value specified in this design). The
recorded data was minimal. Before the thermal pulse, the skin temperature
was 70"F (210C). A "few mils" (say the thickness of the outer ply) was
charred and the inner face temperature reached somewhere between 226'F
and 252 0F (1080C and 1220C). This is an increase of about 180OF (1000C)
above the ambient. Extrapolating roughly this result to the present

* case of 0.16 in (0.41 cm) skin thickness, one would estimate a temperature
rise of about 1000F (56*C) for the outer skin inner surface temperature.
If the temperature at the same location and prior to the pulse is assumed
to be say 150°F (660C) (which is conceivable in a hot desert operation
with the shelter air conditioned), the temperature at the core/outer
skin bond could be as high as 250°F (121*C) at shock arrival time. This
indicates that the temperature effects on the physical properties of the
Kevlar outer skin, core, pultrusions, and the adhesives had to be considered

* in the design. Obviously, further and more controlled tests of this
nature, with an actual panel cross section rather than with a thin
Kevlar laminate, need be conducted for more realistic thermal assessments.

CONCLUSIONS
iiPreliminary designs of two new C3 shelters have been presented.

They were designed for the extreme environment of the tactical battle-

I • :field. Some details of the threats and the resultant loadings and
structural behavior were given. The designs are based on an extensive
program of analyses and testing. Design trade-of fs between weight
and cost were considered.

A contract has been let to fabricate four each of these two shelters.

An Integrated Test Plan includes specimen, mWdel and full-scale tests
to be conducted in the laboratory, shock-tube and field.
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Although appreciable weight and cost penalities have been incurred,
these shelter designs represent a significant increase in the surviv-
ability of the C3 systems that they will contain.
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COMPOSITE TANK FLOOR ARMOR

ANTHONY SAN MIGUEL
Staff Scientist
Systems, Science and Software
La Jolla, California 92038

ABSTRACT

A summary is given of previous related tests and theoretical approaches used to
design tank floor armor. Survivable dynamic response requirements for a sitting crew
member are identified. The methodology of scale testing is then reviewed. Scale
tests using both steel and steel/polymer composite plates are next described. Finally
measurements of the dynamic response of various composite plates are reported and
discussed in the context of attenuation of dynamic load to the crew member. It is
concluded that composite tank floor armor can attenuate blast loading better than
monolithic steel armor plate of equal areal density.

INTRODUCTION

Combat experience has shown that tanks can readily be put out of action by blast
from land mines. The blast defeat mechanisms are shock, deformation, fracture and
overturn. Armor design of tank floors [] apparently is based only on the criterion that
the armor not fracture as a result of a nominal 'belly" mine blast loading. It appears
that the blast induced dynamic response of the floor upon crew members and other
critical operational components has not received as much attention as perhaps it
should. Without such information it is difficult to evaluate how to improve tank floor
armor so as to improve the overall mission survivability of tanks.

Tank floor armor is made of class 2 rolled homogeneous armor plate intended for
use where maximum resistance to structural failure under conditions of high rate of
shock loading is required, and where resistance to armor piercing ammunition is of
secondary Importance [2]. Unfortunately, the history of design related analyses and
tests has been such that the majority of design information generated is based on the
response of a variety of steel plates tested with unclamped edge support. )esign
equations have been developed which predict permanent plate deformation and
fracture as a function of thickness (3,4,5,0]. Recent studies have shown that transient
plate response can now be predieted with the aid of computer codes [7,81.

In this ilaper the question entertained is whether or not eomposite tank floor
armor should be considered as an alternative to monolithic steel armor. The answer is
provided by first generating a baseline by reviewing tank floor armor technology.
Next the required function of the tank floor armor is identified in the context of tank
mission survivability from the point of view of dynamic response requirements for the
orew members and other vital component. Model test methodology to be used as a
tool for estimating the response of prototype armor plates Is then reviewed. This is
followed by a description of scale test apparatus. Then a family of composite armor
degigns using combinations of steel, balsa wood, Kevlar ond high density steel
honoyconb'slabs is proposed. Test results from scale models of these plate designs are

]
I0

I i""



reported and the answer to the question as to the feasibility of composite tank floor

armor to defeat blast is given.

TANK FLOOR ARMOR TECHNOLOGY

It is beyond the scope of this particular discussion to review in detail the
state-of-the-art of technologies and information that are identified in Figure 1.
However, to understand why a composite tank floor armor should be considered to
replace monolithic steel armor requires a brief synopsis of the genesis of tank floor
design technology.

STATEAD A016061
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iii Figure 1. Methodologies used to predict the response of a tank floor
i: subjected to blast loading.

i: Until the last few years, little regard was given to the relationship between tank

~floor design and tank mission effectiveness. With the advent of
survlvabllity/vulnerabllity methodology being imposed upon combat vehicle designs,

: new questions must now be answered related to component dynamic interactions
*i within vehicles subjected to extreme loading environments.

!!:i:. In 1972, liennessy (31 identified a simple empirical equation to predict the
i thickness of, * armor plate required to withstand (i.e., not fracture) the blast of
: i 1 anti-tank mines. lFurthermore he identified the significance of stress risers

__,.,: i(attachments to plates), the increase of plate strenghtl due to cross rolling,adverse
:Ieffects caused by low temperature, anti the observation that prltanent plate

. .: deformation decr.ased linearly withl increasing material iardness. tIennessey's work
! brought together the first systematic methodology for inodorn tank floor designl.
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Also in 1972, Haskell [41 suggested using Friedlander's equation to predict the
reflective pressure induced on tank floor armor as a consequence of mine blast.

* : Haskell pointed out that it was necessary to consider a plate hold down weight ratio of
28:1 and that the earth in which the mine was buried did not effect the intensity of the
blast loading to the plate. Haskell used an approximate semi-inverse energy analysis
approach in correlating design variables. The objective was to predict the thickness of
the armor necessary to preclude failure.

In 1975 Norman [51 reiterated what was suspected for some time: that the
dynamic response of tank armor plate was probably large enough to incapacitate the
crew members even if the tank floor was not fractured. He showed that armor
thickness was proportional to permanent plate deformation, thus indirectly suggesting
that the thicker the steel plate, the better its capability to attenuate shock loads.
Norman estimated that the step velocity response of the armor floor could be
represented by a velocity step input of 340 ft/s (104 m/s). It is well known that this
magnitude of velocity step would readily incapacitate ap unprotected tank crew
member. Norman proposed that crushable materials be identified to attenuate the
velocity step.

The only pertinent data on crushable materials was that generated in 1969 by
Frye (9]. Frye tested 12 lb/ft 3 (0.19 g/cra3) aluminum honeycomb with no
success, but data for 30 lb/ft 3 (0.48 g/Cm 3) steel honeycomb suggested blast
armor feasibility. It is noted that Frye was only concerned with floor fracture and not
dynamic response.

In 1975 Westlne [6) concluded an extensive study which used dimensional analysis
to predict the permanent deformation of a tank floor as a function of anti-tank aline
size and loeation. Westine assumed that plate data obtained from an assortment of
tests had free fixity edge conditions. Ile also assumed that clamped fixity edge
conditions could be accounted for by introducing a multiplication factor of 1.5.
Westine emphasized the importance of the soil in which the mine was laid and used
this assumption to correlate data.

Sedgwick (7] showed in 1974 that the computer code 1-4LP could b. used to
characterize the blast loading of an anti-tank mine. Sedgwick reported that It
appeared that dry soil was not an important variable in elwraeterizing blest loading for
pancake charges similar in aspect ratio to land mines.

Finally, Lottero [8) extended the analysis of the tank floor response to a land
mine by using the computer codes D0111, and REPSIL. D1RF characterized the blast
loading whereas RIEPSIL predicted the tank floor response. The OXamp)le tlt IA)tero
used to illustrate computer applicability was based on an exporiment perfowinod in
1975.

In overview, current tank armor floor design anilysis has developed to the point
el being able to predict the transient pliieoniena of an anti-tank ine blast and to
then predict the consequential residual deformation of the tank floor armior, assunioig" ! ~a priori that the armor will not firat fracture. P'otenitial vital oo,,nenit kill

mnechanisms, caused by the violent de-formation of steel tank floors disc to blust, Iwve
;.. :. not been positively determiiined. An approximuate experimental data biase Ires nlo( yet
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been generated. Interest in the use of composite armor to attenuate the response of

tank floors to mine blast(s) has historically been low key.

SURVIVABLE DYNAMIC RESPONSE REQUIREMENTS

There is speculation that a tank crew member will not survive the dynamic
response represented by a step velocity change of 15 ft/s (4.6 m/s) over a duration of
one millisecond. Since the dynamic response of a tank floor subject to a mine blast is
quite violent, current practice is to suspend the crew member above the tank floor.
This solution to the problem of crew member survivability is now being re-examined.

Crew member survivability studies directly pertinent to tanks subjected to blast
have been made by Strother [101 and Wenzel [11]. Closely related studies are also
reported by Hirsch [12,13). Shock isolation requirements that the tank crew member
seat must meet if injury is to be avoided are given in any of a number of crash design
handbooks [141. The data reported in these references has been generated from
volunteers, accident reports, and human simulators such as animals, anthopomorphic
dummies, and cadavers. As might be expected, the wide variation in the
physicological and psychological structure of humans precludes a simple prediction of
injury that will occur as a function of shock loading. Further insight into the
uncertainties associated with predicting/measuring crew member survivability is given
by King [15]. The point being made is that snspunding the crew member above the
floor does not ensure that he will not be incapacitated as a consequence of a mine
blast.

It is proposed that survivable dynamic response requirements be based on the
mission survivability of a tank. In this manner the survivability of the crew member is
prominant since he i- the most critical system component. Intrinsic to this approach is
that the survivability of a crew member is dependent upon other critical components
functioning after a land mine blast. The degrad-tion of tank mission effectiveness can
range from significant fracture of structure (such as optics) to the generaton of noise
in electronic circuitry. Such degradation probably results in greater vulnerability to
enemy attack and henee lowering of crewman survivability.

If it Is sumed that all critical eomponents within a tank tre of equal
importance for crew inember survival of a miine blast, then the survivable dynamie
response design requirements are that the tUank floor armor absorb and redistribute the
blost load in a relatively mild manner. in prinviple this goal should be achieved it
space Is made available to use shock isolation materials in composite struturnl
configtirations. One way to tIeacrate the data needed to design such structure is next
,ooii sed.

NI OI" I, 1I1.ST ME I'l Tl)OI.OLG Y

Scaled model test data represents a significant portion of tll tile data identified
in Figure I. (are must be taken whenever such (dta Is %tud to predict prototype

ns important to recognize that scale testing is at best onlyi response. T'o begin with, it is a'

an approinatiott of prototype testing. 'ris is because all model testing requires the
use of assumptioms to simplify tile complexity of tile real world problem. sebled tests
by definition assuie that locatiotis, tines and forces are honliologous (16,171 ill"6

=i; .... W



corresponding systems. It is because of this assumption that the response of a model
system can rationally be used to predict prototype response.

Scaled model tests have been the bases for tank-floor studies because of both
safety considerations and the complexity of blast-structure interaction phenomena.
The objective for tank floor armor scale testing is to obtain quantitative data for
prototype design, to identify significant design variables, to estimate the extreme
performance potential of an existing prototype system, and to investigate new
phenomena when there are no other alternatives.

In this paper the results from quarter scale tests are reported, i.e., X 1/4. The
well known scaling relationships [16,17) between model, m, and prototype, p, are as
follows:'

length; xm X' xp

time ; tm Xtp

velocity; im ip

acceleration; R Al

mass; 111m A3mp

force; m A~p

strain; NO~ le [ij)

stress (or pressure); [oij) m [a ij] p

energy; Em 3Ep

Unfrtuatey, ravity effects do not sc-ale. This is because the scaiin4 aws would

model plastic deformation response can only be representative of prototype plastic
) deformation response If the real life plastic failure criteria Is Invariant, and suchi is

not the case for materials in general. Strain rate effects and related yield phenuanonu
cannot be scaled. The general design rule of thumb Is that model tests be interpreled
in terms of deformation and that prototype tests be used to obtain failure criteria.
Therefore, displacement is the Important measurement fit~ a tank floor arior/nine
blast test in which a tank fnoor plate response is characterized by a step itcrease lit
force, undergoes a pulsed Increase in, acceleration, resulting in a continuous timte
history of velocity, and ant even smoother time displacement.

A concluding note on the scale testing of a tank floor subjected to blast Is that
most types of transducers designed to sense velocity and displacement are siot suitable
for use in dynamic models. This is because these trasdueers require the attachiiient
of relatively large mosses to the model, therciore seriously affecting the ittertial
ixopert les of the armor system being tested.
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V Physical dimensions used for armor blast scale testing are given in Figure 2 and
3. In essence, an explosive of disk geometry characterized by dimensions d and a is
placed a distance R from the bottom of the tank hull. Upon detonation a time
dependent pressure is applied to the plate at ta, resulting in a positive impulse, I
which is bounded by t. Using the Hopkinson blast wave scaling law [18], where k = X =
1/4, the scaled model parameters are obtained. The mass of a 22 lb (10 kg) prototype
explosive is scaled to a 0.34 lb (154 g) model explosive. Observe from Figure 2 that the
maximum pressure is the same for both prototype and model (since [oij ]m

a [ij]p). However, the time scale ana impulse have been altered and must be
interpreted in a homologous manner. Another uncertainty consideration is that the use
of the Hopkinson blast law at close standoff distances could lead to misleading results
since the expansion and shock waves decay at different rates which are not subject to
scaling.

NEGLECTING. VISCOSITY, SRAI-ATE, G. AVITY, N A-LINEA. ETC.

}. ~ ~ ~ ~ ~ ~ ~ ~ ~ ~ ~ ~ ~ ~ S Di-place Fiewmlpitn ls aesa- iue3 yaicrsos cln

:i~ii lastStraing
shw-nt 'gre3 oeta theamximu dipaeen ofte e ura e fth

M* Et -E"
Itol

igure 2. Hopkinson blast wave seal- Figure 3. Dlynamic response sealing
ing of tank floor armor. of tank floor armor to

blast loading.

However, experimental evidence exists [191 to show that the law is a reasonable
approximation. The assumed response of the prototype and model tank floors are
shown In Figure 3. Note that the maximum displacement of the Inner surface of the
model tank floor is scaled (k = 1/4) from that of the prototype. However, the
maximum strains are the same. Again the ti e scale and the plate response must be
interpreted in a homologous manner. It Is noted that such scaling assumes that
v 'scosity, strain rate, gravity and other non-linear thermo-viscoolastic phenomena can
be neglected.

SC A ly. TEST

A review of all the test date reported In the literature identified iII Figure I
showed that scaled model response date exhibited wide scatter, One reason for
significant data scatter was due to the manner in which the vorious sized model
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plate specimens were held along their edges. For structural analysis considerations, as
well as to physically approximate a prototype tank floor, the fixity of the model test
plate should approach classical clamped edge conditions. This means that the
boundaries should be relatively fixed in space and that both shear and moments must
be readily reacted by the holding fixture. Another consideration was that the holding
fixture should be representative of a scaled tank mass and mass distribution. The
attempt made to achieve these goals is illustrated in Figure 4.

;}.. Filgure 4. Tank scaled test fixture Figure 5.. Copper' pin probe transducer
. attach~ed to tank floor. to measure time-f-arrival,

;i i .average velocity and instan-
:.2itaneous velocity (hence

to:i average acceleration) of

} l (430t g) tak. Th modeltest lato sattched n foor sdsuorfra gfitr
•The total weight of the test fixture is 1620 lbs (735.5 kg) scaled from a 51 ton

b~y means of rows of 1/4 inch (0.65 eam) and 3/4 inch (1-91- CIO) brass bolts equally
sp, eed. Theo framing fixture Is attaclhed-to the test fixture on two sides; by means of
16-3/4 inch (1 .91 cma) steel bolts. Tic hold down ratio of the test fixture to framing
fixture is about 28:1. The overall len~gth of the test fixture Is 6 feet (183 ema) and its
width Is 31 inches (78.7 ema). T1e model tanzk floor plate is 2 ft (61 oem) by 2 ft (61 ent),
with 16 inctes (38 cma) x 15 Incites (3A ena) being exposed from tiw framing fixture and
availale to react against the blast load.
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Transient plate deformation data is obtained using eight pure copper pin probes
that were housed in a collar fixture as shown in Figure 5. In this manner electrically
measured time of arrival of the tank floor surface is obtained. Since the relative
position of the end of each pin is measured, average velocity data can be obtained. In
addition, a novel measurement of instantaneous velocity can be obtained by measuring
the plastic radial strain induced along the end region of the pin. By assuming
incompressible flow for the copper pin, the instantaneous velocity at the time of pin to
plate contact can be obtained by measuring the pin diameter after the test, and using
the velocity-longitudinal strain relationship developed by White [20,211. Knowing each
time of arrival enables the computation of average acceleration of the tank floor
surface.

The pin holding collar was rigidly attached to the test fixture as shown in Figure
6. Also shown in Figure 6 is a stainless steel rod painted with alternating white and
black markings. The rod is loosely placed in a hole within the center of the collar
holding the copper pins. The purpose of the rod was to measure plate-rod interaction
response so that additional characterization of plate deformution due to blast could be
obtained [22-31].

Fiagure 6. Stailess steel rod used to measure platecoutponent iteraction
located in collar holing concentric copper pins.
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CANDIDATE COMPOSITE ARMOR DESIGN

Composite armor materials appeared in World War 11 as flak suits (nylon-steel)
which weighed about 4.5 lb/ft2 (2.2 g/cm2). A summary of lightweight armor
materials through 1959 is given by Mascianica 132]. Although significant work has
been performed since the Korean War with lightweight non-metallic materials
(ballistic nylon, fiberglass reinforced plastic), little has been done in the realm of blast
protection [33]. Eichelberger [34] has recently discussed tank armor evolution and
concludes that although composites offer much more efficient protection than steel

V, against HEAT warheads, with little or no loss in efficiency against kinetic energy
rounds, the combination of weight and thickness are still deemed unpractical. lie
further stated that many of the composite designs lacked the structural strength to
survive multiple-shot attacks.

As a consequence of a review of the material literature, three materials were
identified as candidates for use in hybrid composite armor designs which would defeat
land mine blast loading. These materials are steel honeycomb, balsa wood and nylon

Interest in the use of steel honeycomb as a blast isolator was stimulated by thle
A: test results of Frye [9]. His tests showed that steel plate sandwiched steel honeycomb

of density greater than 30 lb/ft 3 (0.48 g/cm13) could survive mine blast without
structural fracture. A second stimulus was that David [35] reported that steel plate
sandwiched stainless steel honeycomb, when subjected to initial velocity changes of
the order of 650 ft/see, exhibited an increase in ability to dissipate energy by a factor
of 2 to 3 over that observed for static loading crushing tests such as reported by
McFarland (36).

Balsa wood was considered a candidate because its specific energy absorption
was nearly equivalent to that of steel honeycomb, for static loading conditions 1318).
Furthermore, the spring back of Balsa wood is negligible when tile grain is parallel to
the load. This property could seave to provide the space necessary for other materials
to absorb blast energy.

No study of composite armor Would be complete without consldering Kevlar.
lhe energy potential to absorb blast loading is significant it a design 6s 0hosen which
allows Me m~aterial to stretch and not fracture.

As longitudinal and shear waves troverm, a composite ma~terial# strO&NOS are
transmitted andi reflected at ce material interfacee. For design purposes, an
estimate of attenuation or amplification to be expected fromo a given ccemposito
layered design is given by Kinslow (38). The method is based op. assumtptionis which
predict stress wave transmissions and reflectiots on th~e basisiof impodancee misiitch
relations and criteria.

Based upon the above consideriations, the baseline com~posite armor dsign that
was chosen is shown in Figure 7. The actual materials and layer thiekniesses
investigated in this study arm listed in Table 1. OMe numbers listed it. the table
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correspond to the layer numbers shown in Figure 7. Table 1 lists the test number, the
material layer and corresponding thickness, the order in which the materials were
layered, the total composite plate thickness tested, the total weight of the two foot by
two foot plate tested (excluding test frame and bolts), and the areal density of each
composite plate. Constraints placed on the composite armor were that it not exceed a
3 inch (7.6 cm) prototype thickness, that its prototype areal density not exceed 65
lb/ft 2 (320 kg/rn2 ) which is equivalent to about 1.5 inch thick steel, that t he
prototype cover plate be steel armor and not exceed a 3/4 inch (1.9 cm) thickness, and,
finally, that the prototype hull plate be steel armor and not exceed a 1/2 inch (1.27 cm)
thickness.

GOALS
icke, , Are 1. 4130 Rc 30 SteelThickness Areal lDnsity

Material Inches #/f f2. Balsa wood

1 0.125 5.10 3. Mild steel foil

2 0.125 0.13 4. Kevlar/microsphere/elastomer
3 0.010 0.41 5. Mild steel foil
4 0.125 0.94 6, Hostelloy honeycomb filled
5 0.010 0.41 with 60% microsphere/elostomer
6 0.150 0.55 7. 4130 Rc 30 Steel
7 0.188 7.69

Total 0.733 16.01

Full Scale 2.93 64

Figure 7. Candidate composite tank floor armor.

The armor design shown in Figure 7 was chosen on the assumption that the steel
cover plate would transmit the reflected impulse into the tank in a uniform
homogeneous manner. The functions of the steel honeycomb (filled or unfilled with
crushable microspheres/elastomer) was to slow down the motion of the cover plate and
to attenuate the transmitted shock waves and associated reflected waves by means of
crushing, refraction, reflection and viscoelastic phenomena. The steel unbonded
membrane cushions the motion of the honeycomb against the Kevlar (woven roving
weave impregnated with 20% microspheres/elastomer) via membrane action. The
crushable, viscoelastic behavior of the Kevlar adhesive was expected to further
attenuate the transmitted stress waves. Since the Kevlar as shown is not bonded at
either boundary to the steel membrane separators, the Kevlar is free to move and
absorb/slow down the stress waves and honeycomb loading. The second steel
membrane encourages a uniform load to be transmitted to the balsa wood. The balsa
wood serves to allow the Kevlar to strain and to further absorb the attenuated residual
energy to the hull plate. The expectation was for the steel hull plate to react to a
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nominal load of longer duration (as compared to the initial impulse loading history).
Furthermore, it is expected that much of the blast loading will be diffused into the
-test fixture structure in a manner representative of the prototype.

TRANS IENT PLATE DISPLACEMENT DATA

Two sets of transient plate/rod displacement data were obtained for both quarter
scaled monolithic steel and composite armor plates. Transient plate surface
displacement data were obtained from the electric shorting of copper pins shown in
Figure 5. Transient displacement of the stainless steel rod's center of gravity was
obtained from film (Figure 6). Resulting velocities for both the plate and rod were
graphically generated from the displacement data. The instantaneous plate velocity
was obtained by measurement of the radial plastic strain for each copper pin as
described above. Typical data from fifteen quarter scale tests are shown in Figures
8-10.

Data in Figure 8 is from a 0.25 inch (0.64 cm) thick monolithic steel plate model
representative of a one-inch thick prototype tank floor. Data in Figure 9 is from a
0.79 inch (1.9 cm) thick composite floor model (Figure 7) representative of a 3.1 inch
(7.9 cm) thick prototype tank floor. Finally, data in Figure 10 is from a 0.375 inch
(0.95 cm) thick monolithic steel plate model which is equivalent in areal density to
that of the composite plate. Also shown in Figures 8-10 are the permanent rod plastic
deformation (a), the estimated time of plate-rod separation (b), the permanent
deformation of the plate (c), and the maximum elastic deflection of the rod (d). In
each figure, circles (®) represent plate surface displacement, squares (S ) represent rod
center of gravity displacement, triangles (Q ) represent plate lateral velocity, stars (*)
represei.t rod center of gravity velocity, and diamonds (>) represent instantaneous
velocity measurements.

The basic characteristics of the steel plate responses are similar to those
predicted by Lottero [8] and measured by Wenzel [11], Jones [23], Bodner [261 and
Florence [28]. T' e basic characteristics of the steel rods are identical to those
reported by Valentine [29], Abrahamson [30], and Wright (31]. Similarly, the plastic

* deformation and buckling of the copper pins were identical to that reported by
Holloway [25], and White (21].

Close agreement is found between theory based on test data [6] and tests
performed in this study if the soil Rayleigh wave velocity is correctly assumed.
Design equations proposed by Westine [6] and those measured in this study for 0.25 in
(0.64 cm), 0.31 inch (0.79 cm) and 0.38 inch (0.95 cm) thick plates are compared.
Westine's design equations predict (using a soil Rayleigh wave velocity of 846 ft/s)
maximum residual plate deflections for fixed edge-clamped steel plates of 0.95 inch)
(2.4 cm), 0.72 inch (1.8 cm) and 0.56 inch (1.4 cm), respectively. In this study, the
deflections measured werE 0.94 inch (2.4 cm), 0.66 inch (1.7 cm), and 0.55 inch (1.4
cm), respectively. These agreements are excellent. The ratios of maximum deflection
to permanent deflection for the scaled monolithic plates were within the range of the
ratios obtained by Wenzel (19].
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Figure 10. Displacement and velopity measurentents of a 0.375 In. (0.95 cm)
steel plate clamped on four edges and a 0.25 Inl. (0.84 cm)diameter by 18 in. (45.7 cm) length stainless steel rod placed
vertically on the oentor of the plate.
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Quantitative and qualitative data obtained from the rod related to plastic
deformation and buckling as a function of impact velocity was also in agreement with
that reported elsewhere [29-31].

In the context that only three monolithic steel plates were tested, it is concluded
that the data obtained using the specified test apparatus is valid and representative of
quarter scaled tank floor response to blast. For the purposes of this paper, steel plate
data is considered as a baseline from which to compare the responses obtained from
composite floor armor.

DISC USSIO N

It is not the purpose of this paper to discuss the theoretical and experimental
phenomena of plate, plate/rod and rod deformation induced by blast loading. The
purpose is to present reasonably valid data that can be used to estimate the potential
advantages and disadvantages of hybrid composite tank floor armor as compared with
monolithic steel armor.

Table 2 lists an overview of the data. Various relative ratings were obtained
based on six different types of measurements. The six measurements used to rate the
composite plates were velocity/force measurements obtained from the copper pins,
longitudinal permanent deformation of the stainless steel rod, permanent plate
deflection, average maximum velocity of the plate surface, average plate
decelerations, and maximum initial acceleration.

Data given in Figure 9 shows the greatest blast loading attenuation of the various
combinations of balsa wood, honeycomb (filled and unfilled) and Kevlar composite
plates tested, based only on permanent plate deformation. Comparison of Figure 9 with
Figure 8 shows that the composite plate (Figure 7) significantly attenuates the blast
loading with respect to the baseline for monolithic steel tank floor armor (one-inch
thick prototype). Comparison of Figure 9 with Figure 10 shows that the structural
response of the composite armor is more or less equivalent to that of a monolithic steel
armor of equivalent areal density. However, the shock isolation of the composite armor
is significantly greater than that of the equivalent areal density steel armor. This is
evidenced by the residual permanent deformation of the steel surface plate (1.42 cm
versus 0.94 cm) and the stainless steel rods (0.95 cm versus 0.71 cm) and the G load
attenuation given in Table 2.

Model data given in Figures 8-10 must be interpreted, as discussed above,
whenever prototype behavior is being estimated. Recall from Figures 2 and 3 that the
time scale, impulse and displacements in Figures 8-10 must be adjusted by a factor of
four. The model plate accelerations are four times those expected for the prototype
plate. But, the forces transmitted by the model plate to the test fixture representative
of the adjacent tank structure are one-sixteenth times those expected for the prototype
model. Therefore, in the context of shock isolation to critical items within a prototype
tank, the shock isolation improvement expected is an order of magnitude greater than
that observed from the scaled model tests. Improvement in shock isolation over that
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inherent to the one-inch baseline floor armor is obviously even greater. Those
predicted improvements in shock isolation must, of course, be verified by prototype
tests.

It is obvious from Figure 8 that the crew member of a conventional tank must be
suspended from the floor if he is to survive the blast effects from a land mine. It is
not known if and how the shock loading can indirectly incapacitate the crew member
or other critical components within a tank. Speculation made in 1968 by Wenzel [111 is
confirmed. Velocity data in Figure 8 confirms the floor velocity estimates made by
Norman in 1970 [39] and updated in 1975 (51 which predicted that average tank floor
velocity changes could be at least 340 ft/s (104 m/s). Hence, it is apparent that
significant shock isolation improvement is needed if tank mission survivability against
mine blasts is to be realized.

CONCLUSION AND RECOMMENDATIONS

Data was presented to confirm that the shock isolation of monolithic steel floor
armor to mine blast is unacceptable for the survivability of critical items within a
tank. Scaled tests showed that a composite armor consisting of balsa wood, Kevlar
and steel honeycomb offers a significant improvement in shock attenuation over that
of monolithic steel armor plate of equi-alent areal density. Prototype tests should be
performed to evaluate the predicted improvement in shock isolation of the given
composite design. Other hybrid composite designs should also be evaluated.
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DYNAMIC STABILITY OF STRUCTURAL ELEMENTS SUBJECTED TO STEP-LOADS

GEORGE J. SIMITSES
Professor
Georgia Institute of Technology
Atlanta, Georgia 30332

ABSTRACT

The dynamic stability of two mechanical models, subjected to suddenly
applied loads of finite duration, is presented. These models are character-
istic of structural elements and configurations, which (a) have initial geo-
metric imperfections, (Model A) and (b) are subject to unstable bifurcation
(Model B). The emphasis is placed on presenting a clear definition of the
concept of dynamic stability and clear criteria and related estimates. For
each model a complete stability analysis is presented for quasistatic appli-
cation of the load as well as for dynamic application (suddenly applied loads
with finite duration, including the extreme cases of infinite duration and
ideal impulse).

I. INTRODUCTION

Dynamic stability of elastic structures has drawn considerable attention
in the past thirty years. The importance of the subject lies primarily in tle
constant demand for lightweight efficient structures, wich requires a good
understanding of how structures respond to loads that induce dynamic effects.

The term "Dynamic Stability" encompasses many classes of problems and it
has been used, by the various investigators, in connection with a particular
study. Therefore, it is not surprising that there are various interpretations
of the meaning of the term.

The class of problems falling in the category of parametric excitation
are the best defited, conceived and understood problems of dynamic stability.
An excellent treatment and bibliography can be found in the book by V.V. Bolo-
tin 11].

Moreover, many authors refer to problems of the "follower force" type as
problems of dynamic stability [2-31. The primary reason for this is that
critical conditions can be obtained (in many cases) only through the use of
tie "kinetic" or "dynamic" approach to static stability problems (fluttr in-
stead of divergence type of instability).

In addition, problems of aeroelastic instability and flow-ind, wed insta-
bility (fluid flowing through pipes) also fall under the general heading of
dynamic stability.

A large clogs of structural problems that has received attention recently
and does qualify as a category of dynamic stability is that of impulsively
loaded configurations and configurations Wich are suddenly loaded with loads
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of constatt magnitude and infinite duration. These two types of loads may be
thought of as mathematical idealizations of blast loads of (a) large decay
rates and small decay times and (b) small decay rates and large decay time
respectively. For these loads, the concept of dynamic stability is related
with the observation that for sufficiently small values of the loading the sys-
tem simply oscillates about the near static equilibrium point and the corres-
ponding amplitudes of oscillation are sufficiently small. If the loading is
increased, some systems will experience large amplitude oscillations or in gen-
eral divergent type of motion. For this phenomenon to happen the configura-
tion (turns out) must possess two or more static equilibrium positions and
"tunneling-through" [43 occurs by having trajectories that can pass through an
unstable static equilibrium point. Consequently, the methodologies developed

* by the various investigators are for structural configurations that exhibit
snap-through buckling when loaded quasistatically.

Solutions to such problems started appearing in the open literature in
the early 1950's. Roff and Bruce [52 considered the dynamic stability of a
pinned half-sine arch under a half-sine distributed load. The ideal impulse
problem as well as the case of a suddenly applied load with constant magnitude
and infinite duration were considered in this paper. Budiansky and Roth [6)
in studying the axisytnmetric behavior of a shallow spherical cap under sudden-
ly applied loads defined the load to be critical, when the transient response
increases suddenly with very little increase in the magnitude of the load.
This concept was adopted by numerous investigators £72 in the subsequent years
because it is tractable to computer solutions. Conceptually, one of the best
efforts in the area of dynamic buckling, under impulsive and suddenly applied
loads, is the work of Htau and his collaborators 18-111. In his studits, he do-
fitted sufficiency conditions for stability and sufficiency conditions for in-
stability, thus finding upper and lower bounds for the critical impulse or
critical sudden load. Wtdependetly, the present author [123 in dealing with
the dynamic buckling of shallow arches and spherical caps totted the lower
bound as a minimum possible critical load (HlCL) 4atd the upper bound as A win-
imum guaranteed critical load (MGCL).

The purpose of the present paper is twofold. First, it is intended to
clearly demonstrate the concept of.dynjmic instability, including critorta and
estimates, for impulsive and suddenly applied loads of infinite duration
through some simple mechanical todels (one- and two-dogrees of ftedom). Sec-
ond, to extend the concept to the case of suddenly applied loads of finito
duration. These models are representative of imperfection sensitive struc-
tures, and of systems that exhibit unstable bifurcation (shallow arch and
spherical cap).

ii. MODEL A. GOEft4THICALLY IMPERECT HOWL

Consider the model shown on Vig. I. This modcl consists of Lwu rigid
bars of equal length, L, pinned together. The left bar is pinned on an im-
.tovable support, A, w tile the right end of the second bar is pinncd on a Wov-
able support, C, and loaded by a 1writontal constant-directional force P. A
linear spring ofstiffness k connects the bar common pin, 1, to an imovable
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L support, D, which is L units directly
A below support A. The initial geometric

imperfection, 80, is an angle between
the horizontal line, joining supports A
and C, and bar AB (or BC). The deformed

L position is characterized by angle 0,
as shown (in its positive direction).

ID II - 1. Static Analysis

a WrThe stability analysis of this

Figure 1. Geometry and Sign model under quasi-static appiication of
Convention (Model A). the load P is performed by employing

the energy approach. Through this ap-
proach, equilibrium is characterized b

dU T/do 0 (1)

where U is the total potnetial, and the character of equilibrium (stable or

unstablW) by the sign of the second derivative.

Tohe total potential is:

AL I +5iWI - +sin 0-- p (cos 0 - Cos O) (2)

where p - 2PAkL, and UTP denotes tile nondinonsionalized total potential. The
superscript p implies "under load p.'

Tie static equilibrium points are characterized by

W'.910p - n - 11slnu3 coto/j+sin0' for 0 0 0 (3)

Not that, for 0o  0 equilibrium is char atert-d by

either e 0 or p cotO (l-l/lZsnO) (4)
Equilibrium poltitions are plotted on Fig, 2 as 1) versus 0-0. for various val-
ues of the geometric imperfection 00. The stability test reveals that the
dashed lite positions are -table, uitle the solid line Ivsitions are unstable
.td snapping (violent buckling) takes place through the existence of a limit
point. Also note that positions characterized by negative values for 0-0 o
(not shatn herein) are stable and there is no possibility of bueklins. There-
fore, our interest lies in the area of 0 > 0 and 0-0 > 0.

11 2. Ideal Impulse

Assume that the load is suddenly applied with very short time, so that
tile impulse, (PtP), can be imparted instantaneously into the system as ini-
tial kinetic energy. Through impulse-mmeotum, one can easily derive the
following relation

(Pt 0 ) + sin s, ()
20

<1



.50

&(rad)-

.40 0/1

\\LCU OF

.35- LIMIT PT$.

0 5.10 .15 .20

Figure 2. Load-Displacement Curves (Model A).

where m is the mass of each rigid bar, 6o L at 0 0. and t the duration
time. Since the system is conservative, then,

U0 + TO const. T 6T (6

where UT0 denotes the total potential for p 0 Lsce Eq. (2)3, T ois the kinetic
energy, given by

T mL 2 (1 +3 sin 20)(6) 2 /3 (7)
and To is the initial kinetic energy, emparted by the impulsive load. N~ote
that the constant in~ Eq. (6) is Tj because 14(0 0) *0. Also* by Eqs. (7)
and (5)

sin2
0 2(8

T L(l+3sin2 O 0~ 2(~ ? ite) (

In order to understand the "concept" of stability or instability under an imi-
pulsive load for this one-degree-of-freadom, tdel, let us consider Fig. 3,
Vihic-h is a plot of 60 versus 0-0.
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Figure 3. "Zero-Loadif Total Potentl.al Curve (Model A).

According to Eq. , and since T is positive definite, motion is pos-
sible if and only if

0 0T i -U T (9)
This implies that, for a given initial ki..catic energy, and consequently a
given impulse, Eq. (8), say T? - D (see Fig. 3), motion is confined in thQ re-
gion a<0-9~ <@ , It is clearly seen then that, as long as T? - D < kL'x

W - a/in-*) 2  tile motion of the system is bounded and it contains only thestable "izero Toad" static equilibrium point, B. Such a motion is termed "un-
buckled." For the motion to cease to be "unbuckled," i.e. to become unbounded,D must be, at least, equal to the value of U? at the unstable point C. Then
that point (C) can be reached with zero velocity and the motion can become un-bounded, Clearly if D is even slightly higher that che Uo- value at point C,thc motion does become unbounded and it can contain other static equilibrium
points, such~ as point C, Such a motion is called "buckled" and a cri tical con-
dition exists when the impulse is large enough to satisfy th Uolt

To UO(c) (10)

introducing nondimensionalized time and load parameters
T (kim)h p 2P/kL (I

0 0

........1



and making use of Eqs. (10) and (8), one obtains

+ s in 0)1i 4+se
(pT-o)cr = 2/3 (12)sino 1+ 3s in2 °

Two observations are worth mentioning at this point: (a) Because this is
a one-degree-of-freedom model, the critical impulse (pT ) given by Eq. (12)
represents both the minimum possible (MPCL) and minimum guaranteed (MGCL)9

values as defined in [12]; (b) Although, the concept presented so far is
clear and it leads to a criterion and estimate of the critical condition, it
might be impractical when applied to real structures. In the particular
example shown so far, it is clear that, according to the presented concept
of dynamic instability, "buckled" motion is possible if the system is al-
lowed to reach the position 0 = TT/2. In many cases such positions may be
considered excessive, especially in deflection-limited designs. In such
cases, if e cannot be larger than a specified value, then the allowable im-
pulse is smaller and its value can be found from Eq. (10), if C is replaced
by the maximum allowable value of 0, say @L" In this case

8+ sin20) i i ,lsino)

(oallowable = (13)

sinOo)l+3sin2O °

II - 3. Constant Load of Infinite Duration

The concept of stability, for this case, is also based on the defini-
tion of "buckled" or "unbuckled" motion. For this case, the sum of the
total potential and kinetic energy is zero

UP + T -0 (14)

Fig. 4 shows plots of Op versus 0-0 for various values of the applied load,
p. It is seen from la figur iha? for p <0.432 motion is confined between
che origin and 0-0o u A. A critical cotdition exists when the motion Can
become tintoundod by including position A (buckled Potioki). Thus the cvit-
ical load is found by solving the following equations, simultaneously

p T 0 miid p - V1+sinQ% Cot

2-d tJ (5
Vith T < 0

dO
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Tito ittequality condition onsures that 0 at n unstable equilibrium

this load case also. -(HPCL) and (HGCL) are the sam.

11- .Constant Lodo inite D~urat ion

The concept of dynamic stability and the related Lritireoutiti ad estimate
f~or this load case, are extensiokis of those used in rte previous two dynamic
cases. Moreover, th~ese previous cases are limiting cases of the present ogle.
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Since the system is conservative,
one can write

-P TP (16)"
UT +0 (16)

where T is a time parameter charac-
terizing the load duration time.

Similarly,
-o -o-

UT + = 50 (To)+T i ( T (17)
T T 0 0 0

The following observations are .40
made concerning the boundedness of
motion for load p applied for T units.
First, it is recognized that if the
applied load is smaller than the crit-
ical load for the case of constant &4
load and infinite duration (see Fig. 4)
then the system will simply oscillate
about the near stable static equilib- 'C

rium position and there is no possi- -

bility of "buckled" motion, regardless
of the duration time. Therefore, dy-
namic instability can exist, if at all,
only for loads greater than the crit-
ical load of case 11-3. The question,
then, is for how long, ,o mtist such a ,00

load be applied in order for the mo- 0 , 10
tion to become unbounded (buckled). &Wio radians
This question and its answer are best Figure 5. Static and Dynamic
understood by referring to Fig. b. Critical Loads (Model A).

In Fig. 6 the total potential for
zero load, Ut  and for load, p,
greater thatl the case 11-3 critical loadIUP , are plotted versus 0-0 . Let
0 denote the position 0 reached by the svsfem at the end of the duration
time1, T . A critical condition can exist (buckled motion is possible), if
the load p, applied for r units. has imported sufficie.t energy into the[ sytCm, so that It can ranch position ACUT(11 - 0 )1 with z.ero kinetic energy.
Note that position A corresponds to thle uns tab le static equilibrium 1wait ioo
under : ero load.

On tie basis of these observations, one is interested in estiout tug tile
critical -Odtion (the combination of p and -r for this dynaluic instability
to exist). This is accomplished through tie folowing steps. (a) at the
instant the load p is released, o, there oxists conttuity in kinetic energy,

-P(,r) To(7o) or TP(G) T '(0) (18)

•.(b) from PEq. (16) T"P() - -. ;( (19)

(e) use of lKqs. (19t) aad (18) in F.q. (iV) yields

94



is U (w.e)-u 0 (8)

T 2 T

which fr thismodel bcomes ~ 2 ap(cs 0 -o9)21

If) Fro Eq71) hog q.()ad() n a idteepeso o

d/d0 an cosqunl

of~ ~Fgr 6, Tfo o~ n optel tenta Courpodivlue (ode A).rmq (1

w hicelt for this model a eJ presentd rahicl o Pig (c~ C0s9 (21s

(dp rom tE (1) toug Eq. for cosan~d a, n infin d drti n exrsion fr
sul/Ts als coseuetly~frotrml sal( 0)yles p stes

2. 2

Tufirnayivn thi cacle 8 froe E ls (2i) h an dtile cresoniied

from Eq 2))oe htcmuainly ti airt sinvle

of 8(frm 0 to ad cmpue tie crreponing alus o po romEq.(21
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design, say 0 O A U 0) must be replaced by U (A i ) n Eq. (21).+.~~ 2ein Ta 0 ,ut

111. 14DDEL B. A SNAP-1ThROUGtl ?DDEL
Consider the model shown on Fig. 8, which consists of three equal

length rigid bars. The three bars are pinned to each other, and they are

; connected witth rotational spring# of atiffness 0 (linear)i The lef t bar in

pinned onto an immovable support, while the right bar is pinned onto a
movable support, which in turn is connected to a wall through a linear
extensional spring (horizontal) of stiffness k (linear). The middle bar is
originally horizontal and the loading consists of two equal concentrated
forces, P, applied at the ends of the middle bar and remaining vertical.
The original angle between the horizontal line, joinitng the supports and the
end bars is t. The angle between the horizontal and the left bar in a de-
formed state is 0, while the angle between the horizontal and the right bar
is(p.
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Undeformed

Figure 8. Geometry aud Sign Convention (Model B).

This is a two-degree-of-freedom model, and as it will be seen, from
the ensuing discussion, certain new features enter into the solution.

Assuming that cy,O, and 9 are small angles such that their sine can be
well approximated by the angle itself and the cosine by one minus half of
the angle squared, then the expression for the total potential is gi.ven by

U [~ 502 + %IA2 .- ; - 2&- aa
T 2_

V2 (23)
+-u (01 -O ( + 90)-PL (2a-Ocp

2

iscaatrzdbThe independent variables are p and 0 and the symmetric response mode

New variables r &s, are introduced such that the symmetric response
is characterized by s 0.
These are

[ (r-s r~ (24)
or r- (0+ 9)/2/ a* (y~ - )/2 v (25)
where 0 /kL2 is a nondimensionalized rotational spring stiffness parameter.
Throughi introduction of additional nondimensionalixed parameters

p * -~-(26)

T 'kL2

and by letting (2A
the. Eo Ilow~ing expression for the total potential is obtained.

(2+92t )+ 2 2 2
4(( +8.AAr+ )+ %-r _3s) 2p t%7-.r) (8

1V -1. $tatic Analysis
it cao easily be 51ious that, if. Pi 0 (no rotational springs), the systemis unstable for ze.0 load, P it0, and tiws the 0cseieclddfo

the present dismission, which also allows the nondimensionalization given by
Eqs. (21) ad (28) (division, by'a nouzero number).



The static analysis is performed by employing the energy approach.

adFor equilibrium 0 2 :(A _3s 2 r +62p (29

2 U T 2 2
0(18a-r r3~rQ _s( 3r 6s,) (32)

Ther anreod possibe lon rmtor EQ (32)31

th (qu i um Sy utironse Es. 0,9 and(3)bcm

(A-i-) r Qs) r 3s 0 (33)

(ii) Existence of asyimetric response, s 0

A- 3 r + 3s2 2r Q (34)

The equilibrium positions, Eqs. (32), are plotted on Fig. 9 as a load-
deflection, Q-r, curve.

on the basis of the results and by performing the stability test (second
derivatives), the following conclusions are drawn.

(a) For A < I. there is no possibility of buckling
(b) For I < A~ 3 the response is symmuetric (a 0) and buckling occurs

through the limit point (pt. C on Fig. 9). Positions between A and C aro
stable, and the critical load is given by

2Q= or qcr 3 (35)

(c) For3<A<'4thereisa possibilityof asymetxic modest but for this
range of A-.values, point B is to th* left of point C (Fig. 9)v i.e.

rA < 7 3 (36)
and buckling still occurs through the 'limit point. Therofore, Per 'a given
by Eq. (35).

cha Pt H) Psitions A oBaesalpositions UCO and 80 tie.us a

in order to simplify matterst it is assumed that the three bars are
veightless and that the impulse is imported into the system through two masiscst
at at points U and C. This is also used in determining the initial TOI, kinetic
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Figure 9. Load-Displacement Curves (Mod~el B).

energy of the system. Thus

(PTO 2M F r) r j , n To m.O (-r2

where To is the durazion time.

introduction of the new nondimensionalized parameters.

I tand T */Ok 2  (9

yields (dr to4~

Tite concept of dynamic stability to similar to the one used to coae 11-2.

UT + T wT1 (

A critical condition exists, if the Impulse, (pv~,), imparts sufficiont kinottic
energy into the system so it can reach, with tero velocity, an uustabLu Static
equilibrium point on the "zero-oadOO total potential, Ii..

Clearly,, then fromn Eqs. (41 and (41)
- 1/~(~)~ /i60 (unut. at. pt.) (2

Thts, before (pr 4 cn be-found, one must have knovledge 6f- all Sta-
tionary points and. eft~rchrc (stable#_onstable etc.). Startitig withi
the expression for i!*[Eq* (28) vith p - 02, rtquiriug equilibrium, and "k- .
fottting a stability analysis the folloving results -are obtained,

SL~tona~P bins ad.Their diaratter.

Pt. I at (, A 0) Stable (felatkva Hiaimtim)



Pt. 2 at -4 !)2,O03 Unstable (Relative Maximum)

Pt. 3 at [-(VJA + JA-4)/2,03 Stable (Relative Minimum)
Pt. 4 at L- J-2/21 Unstable (Saddle Point)

Pt. 5 at Ii-A/2 -- 2/23i2 Unstable (Saddle Point)

We observe that there are two pos-
sibilities of the motion becoming un-

12- bounded; (a) by reaching Pt. 2 with
zero velocity, in which case the system
will definitely move toward Pt. 3 (far
stable point); in this case the corre-
sponding critical impulse is termed
(MCCL) because U (Pt. 2) is the lar-

Bgest of all OT0 (stationary pts.,) thus,
/ regardless of the path of motion in the

r, s space; (b) by reaching e~ither Pt.*Cot7 4 or Pt. 5, in which case there is a

S single possibility of the motion becom-
ing unbounded and enclosing one tinstable

4- point. Note that, in this case, there
is a possibility of u-nbounded motion,
but this is not guaranteed, because thea system can simply oscillate in thle T,
s, space bounded by lines of equal. po-
tential to aUO (Pt. 4) enclosing only

0 ..... ~ L the. noar statie. stable point-, Pt. 1,o 2 4 S a 0 and thle "saddle" points, Pt. 4 or'llt. I.
AThus, the corresponding critical im-

~i~uo 1. SaticCriica pulse iwcalled (MI'L). (MPCL) and.
LaS (MCL) denote upper aud lowetr bounds of

By--q.- (42)0

(t4PCL) pr)r-

Note Lhat critical conditions c. i exist otily for A,~ 4. if A 4. there
to to fa stable static equilibrium point otA the "zero'.loadll total potential.
The results are plotted on~ Vis. 11.

S3. Constant tLoad of Infinite D)uration.

Tito concept of dyn~ic Stability-is stotlar to the onte used fo ot .d.
grpe-af'.frcedom modelai lte only difference to thatO in this 'Case, there id a
lover outtd (NVCL) and an upper bound (tIGCL). The lower lnound correspondsu to
loads for uhich thore is a possibility of O'buckled" motiont, uhile the upper
bound correslponds to loAde for which the motion will definitely be "tbuckled.'*
woccouse the exs~tte of, bounds Is dependetnt upon the value of- A the discua-
siou will be based on the rnge. of A-values..



0

04 12 1

Figure 11. Critical Ideal impulse (Model 1)

(a) For A < 3 there are nio saddle points and the system behaves as a one-de-
re-of-fedn sytm refore, for this case the governing equations are

I I 1 .1 ;i (A-1-r r Qv

and - 40 at the~luii
dr'

- Mtce that for thtis ease "buckled"

Thkis the upper i lower -biw are

(b) For,.4% 3o there-exist 11sadd9
tintso the tolativ e iat* upo i -
ptit to the retta Motwtxial pint.dd
AlI three are utistable static eqmtli,'
brum, points. Thoefov-l, -the motion

saddle poii or through the relatlave

w~uu 06441t. it wiiI o t- beo shown
2 that,* int C mafo instantes, "buckled".

A ~ioi i- r~tleand io others g A"O

~ pro(Zodiflg w thot

0 to 12 91 IV.s wce

(Iai te )wratioaj, fwdO -al MOO a .3 tied load
th ~tl tial has a tower value



,t a "saddle" point than at a relative maximum point. This can be proven
through computation of U at the corresponding points.

'-Iarenthesis 2: Regardless of the value of p and A (for A > 3 the total po-
tential at any s position, but a fixed r-position (r = r < A-3), has a higher
potential than that of a position characterized by r = r and an s-position on
the ellipse 2 2

r + = A - 3 (45)

Note that the ellipse, Eq. (45), defines the locus of static equilibrium
points ("saddle" points).
Proof: Let AU denote the difference in total potential, between the any s-
position and that of an s-position on the ellipse (r = r). Then, from Eqs.
(28) and (45) ip L-2 9s2 2y r+A+ (A-r 2  32)22( - r)]

T
9 -2-4A - 2r r - 2p(,[A -)]2

2 2 22fr2pV -)22 22 9 1L (-2 2S3(r +3s - A)+ + (A-r -3s)

,- 2 2 2= (A - 3 - r 3s 0 Q.E.D. (46)

Clearly the difference is zero when s is on the ellipse and positive for all
other s.

Parenthesis 3: For p > A + 2i3 [loads higher than the static critical
load - see Eq. (37)], if r1 < r 2 5 A-3, then the total potential on the el-
lipse, Eq. (45), is higher at r2 than at rl.
Proof: By Eqs. (42) and (59)

- U=uP(r 2  - UTP(r l  2(r2I ) [p - + (47)
-T T 2' T'1 '2 1 - 2 1

Since r2 - rl is positive, LP is positive if p > + 62 + r1 ). But p
-- A + 2I'-3, thus if T + i > Z + (r2+rl) then definitely p > W+ (r2
+ rl). Clearly from the statement of the parenthesis 2V > r, + rl, which
concludes the proof.

-Y As the load is increased from zero, at low values of p the zero potential
lines in the rs-space enclose only the near static equilibrium point and the
motion is "unbuckied". At same value of the load, the first unstable point(s)
at which the total potential can become zero is tare) the "saddle" poii't(s)
according to Parenthesis 1. At this load there is a possibility of "buckled"
motion through the saddle point. This load, then, is called (MPCL). The gov-
erning equations for finding this critical load, as well as the corresponding
' position (sr coordinates) of the saddle point are:

2U= (r a+pZs- r+A) + k(A-r 3 - 2p(A) 02 32)

(A - r - 3s)r p (48)

A- 3- r2  3s =0

Note that "saddle" points are unstable, thus, 'there is no need for applying
the stability requirements. The solution to Eqs. (45 yields (MPCL): pec(9

3(q/-l) and "saddle" point at r U fi -3/2; s- (+ -7/4)k. Z49)
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The solutions to Eqs. (43) and (48) are plotted on Fig. 12.

As far as the case of the upper bound is concerned (MGCL), there are two
ways through which a guaranteed "buckled" motion can be achieved. One way is
to require U_ at the relative maximum unstable static point to be zero. In
this case the motion is definitely buckled and the critical load can be ob-
tained from the solution of Eqs. (43). The second way is for loads which are
equal to the static critical load for asymetric buckling (I + 2--3). In this
case, although the total potential at the relative maximum point is higher
than zero, guaranteed "buckled" motion can be achieved because of Parentheses
2 and 3. In this latter case, p (MGCL) is given by the expression for the
static load. Both results are s9own graphically on Fig. 12.

Note, that the upper bound is the smallest load computed, either by the
solutions of Eqs. (43) (for /7-4 e A -< 5.3), or by the static critical load
(for A a 5.3). Moreover, for very large A-values the upper and lower bounds
approach each other,(3,/A).

III - 4. Constant Load of Finite Duration

In this particular load case, the critical load is bounded between an up-
per bound (MGCL) and a lower bound (MPCL). In either case the question to be
resolved is as follows: For a specified duration time, To, what is the value

of the load such that the subsequent notion can definitely become unbounded
for the former case, (MGCL), or can possibly become unbounded for the latter
case, (MPCL). Since the load is released after T0 time, the motion becomes
unbounded through either the relative maximum point on the "zero-load" total
potential or the "saddle" point on the same potential. Therefore, the solu-
tion is sought by requiring the load for duration time ,o to impart sufficient
kinetic energy into the system in order to reach the unstable static equili-
brium points (stationary points) with zero velocity.

On the basis of the above discussion one may proceed as follows (in a

similar manner as in 11-4):
-o (o T + T 0 ); T -

and (50)
!+T p o00T 0

Note that at vo the syntem is at some position (r,s), which implies that
the path associated with the motion during 0 .T t To can play a significant
role.

Requiring continuity in kinetic energy at T one may write

VT0 Tg. (,r 0 (51)

Conseqiiently, requiring tile system to reach an unsta.Sle static equilibri-
um point with zero velocity yields

CIT(unst. st. pt.) =I-T -O 1 o (52)

This tast equation, when the xpressions -for t1 and t are substituted on
rthe right-hand-side, becomes

Uj(unst. at. pt.) =2p(q/A-r) (53)

i~i 103



From this equation it is clearly seen that for a fixed r-value, there is
only one p-value. Therefore, a better question to ask is "out of all possible

paths in the rs-space, which one must be followed in order that the system
reaches position f with minimum time (To)?" Thus, the problem in reality
falls in the category of the "brachistochrone" problem.

The left hand side of Eq. (53) is given by either
-o 9, -o0 (Pt. 4 or 5) 9

(54)
-0 5A 3 2 1rT

or UT(Pt.2) A - -1- 4 A4A + I(A + 2 &1 _4A)2

The kinetic energy expression is given by.. .F d r d s 2

It is clear, so far, that the (MPCL) case corresponds to using the first of
Eqs. (54) into Eq. (53). The (MGCL) ':ase corresponds to using the second of
Eqs. (54) into Eq. (53). Only the lower bound (MPCL) is found in this paper,
and the following reasoning is em~loyed. When very high loads are used in Eq.
(53), the corresponding position r is very close to the initial position r

7K. Because of this, the probable and logical path is a symmetric path, s O.

Then, from the second of Eqs. (50) one may solve forLt) and conse-
quently through integration for To' or

r dr
To (56)
0 1 18p(4-r) - -r) - 2(A-r )2 (

Then, for a given high load p, one can solve for i from Eq. (53) and for 'o
from Eq. (56). Co tationally, the problem is easier solved as follows:
Assig valuesof WAJA r < K)and solve for p and to from Eqs. (53) and (58).

If the combination of p, -r is such that r < /A then the best candi-
date for a path of motion, during 0 < T < 'T seems to be a tric, a a 0,
'for / T g r < qS' and asymmetric, see Eq. (45)Pfor r < 7A 7primarily
because of Parentheses 2 and 3 of Art. 111-3. For this condition, the gover-
ning equations consist of Eqs. (53) in combination with the first of Eqs. (57)
(equation of motion),which lecds to the time - -equation (here the equation
of the path is employed as well as continuity I[n the speed,dr/dt).

The equations of motion are:
2

d-r- 4[r(A-1-r2 -3s) p + -; d 5 12s(A-3-r.3 2) - 0 (57)
"dr 2  dT

The total time, ,ro is given by
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To T r (58)

where Tis given by

T1 (59)
[ 8p(VKA-r)- 4(,fA-r) 2  2- 2 31

dr (60)

Computationally, values or r are assigned 2- < r <~'3 and p and Tare
obtained from Eqs. (53) and (58).2

The results are shown graphically in Fig. 13. Note that as T ''c

approaches the value corresponding to the critical condition of constant load
of indefinite duration. As r - 0, (jvr approaches half of the value ob-
tained for the ideal impulse 2ase, Eqs? 43), because there are two loads p.

Am 4.2
5.0

:6.0

1010

IQ-
- GAO0
-5650

10~ to10

F'igure 13. Critical Conditions for Step-Loads
(Lower Bound; Model B).
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V. CONCLUS IONS

Two models are completely analyzed for quasistatically applied loads
as well as suddenly applied loads of constant magnitude and finite duration,
T o including the extreme cases of -* 0 and T- . These models are~0o

f representative of (a) imperfection sensitive structures and (b) of structures
that tend to snap-through because of unstable bifurcational paths such as
shallow arches and shallow spherical caps.

A: The detailed analysis for the dynamic load cases leads to clear defini-
tion of the concept of instability under dynamic conditions, as well as clear
criteria and related estimates for this class of problems.

Moreover, on the basis of this presentation, criteria and estimates may
be formulated for more general dynamic loads, such as time-dependent loads.
In addition it is the belief of the author, that the analyses of the one- and
two-degree-of-freedom models are also applicable to a large class of structur-

tk al elements and configurations, because many of them do behave as a one- or
two-degree-of-freedom systems. Examples of these include the two bar frame
loaded in a direction parallel to one of thebars with or without eccentricity
[13] (one-degree-of-freedom), and the shallow arch [5,9,12] (two degree of
freedom). This contention should not be confused with vibration modes or
how many terms in a series are needed to represent the static or dynamic re-
sponse of the system.

Finally, it should be stressed again, that in the case of suddenly
applied loads of finite but small duration, the level of the critical load
is very high, which suggests that the structure is critical because of
material behavior, rather than kinematic response.
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ABSTRACT

A practical scheme for the transient response analysis of
submerged double hulls impinged upon by incident pressure pulse
is described. Its validity is demonstrated by comparing results
to analytical solutions for two elementary double hull config-
urations. An approximate treatment of the shielding effect of
the outer null is also suggested.

INTRODUCTION

The transient response of submerged fluid-coupled double
hull structures impinged upon by incident pressure waves has been
studied for two elementary configurations which lend themselves
to be analyzed by the classical partial differential equation
techniques such that the transient scattering and radiation pro-
blems in the fluids and the dynamic response problem of the
elastic shells are solved simultaneously. These cases are the
axisymmetric response of two initially concentrated spherical
shells [l] and the plane strain response of two co-axial cylin-
drical shells [2]. It has been learned that a thin outer shell
tends to be transparent to short incident pulses and that the
primary shielding effect of the outer shell against long incident
pulses can be estimated by asymptotic formulae.

In practical situations, however, the double hull config-
urations are much more complex than the cases mentioned above.
Moreoever, for damage predictions, the response analysis is often
required to be carried into the nonlinear elasto-plastic regime
including possible dynamic instabilities. For such analyses, the
use of numerical and/or approximate methods is inevitable.

A PRACTICAL ANALYSIS SCHEME

An analysis scheme which is practical within the current com-
putation technology has been proposed in reference [3]. It is
briefly summarized here and will later be tested vis-a-vis the
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two analytical solutions mentioned in the preceding section.

For general double hull configurations, the solid structural
members as well as the entrained fluid will be treated by the
finite element method which has recently made great strides in
computing the nonlinear dynamic elasto-plastic response of met-
allic structures. There already exist various generalized com-
puter programs (codes) for linear and nonlinear analyses, e.g.,
NASTRAN, ADINA, PETROS, SKAGS, etc. [4]. Here the entrained
fluid is considered to be compressible and inviscid. Finite ele-
ments for such an ideal fluid have long been formulated for tran-
sient analyses of fluid-structure systems, e.g. [5,6,7]. In par-
allel to solid finite element practices, there are elements based
on displacement and force (pressure) formulations and their rel-
ative advantages have been discussed in references [8,9]. The
"pressure" elements have the least number of degrees of freedom
per element since each node has only one unknown. When they are
used for the fluid-structure interaction problems, however, the
resultant system matrix is nonsymmetric with the associated num-
erical difficulties. Since many finite element computer programs
are structured for only symmetric matrices, it would be impos-
sible to use the "pressure" elements in such programs without
major reprogramming. Even for programs with nonsymmetric matrix
operation capabilities, the use of the "pressure" elements still
requires some additional programming for satisfying the boundary
conditions imposed by such elements. The "displacement" elements
have more degrees of freedom per element since each nodal dis-
placement has n components for an n-dimensional element. None-
theless, the use of such elements for fluid-structure interaction
analyses ends up with a symmetric system matrix and the associ-
ated numerical efficiencies. Moreoever, by appropriately modi-
fying their material property matrices, many "displacement" solid
elements can be "mocked" as fluid-elements and therefore many
existing structural finite element programs can immediately be
used without any reprogramming [8,9]. For both types of elements,
the use of suitable constitutive relations (equations of state)
in the formulation could also take into account the effect of
possible cavitation [10,11]. The effectiveness of the fluid
finite elewents for this type of problems, however, is not pre-
viously known and will also be examined here.

The treatment of the interaction of the incident pressure
wave with the finite element structural system requires some con-
sideration. It is neither necessary nor practical to use the
finite element or finite difference method to analyze the wave
field in the external fluid. Firstly, for any realistic config-
uration the finite element representation of the structural sys-
tem already requires a substantial portion of the capacity of a
modern computer. To do the same for the,.external wave field
which is in general 3-dimensional would require even much larger

*i computer capacity albeit there exist many finite difference and
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.

finite element hydrodynamic computer codes. Moreover, the pro-
pagation and accumulation of numerical truncation and round-off
errors often render the accuracy of such large scale computations
uncertain. Secondly, for many practical situations, the

* . strengths of the incident underwater shock waves are such that
the problem does not require the full set of hydrodynamic equa-
tions. For instance, if the strength of the underwater incident
wave is below 4 x 107 p, it behaves practically as an acoustic
pulse propagating in an acoustic medium [12]. This linearized
"acoustic" treatment is used in the present analysis scheme for
analyzing the transient scattering and radiation wave fields and
determining the interaction loading on the structure. Here, the
exact solution is represented by Kirchhoff's Retarded Potential
Integral which reduces the 3-dimensional wave field problem to a
2-dimensional problem at the fluid-structure interface [13].
Even for this 2-dimensional problem, a full-fledged solution of
the interaction problem is still being considered to be too dem-
anding on the current computing capability and further simplifi-
cations can still be used to advantage. The currently most
widely used approximation for this type of problem is the Doubly
Asymptotic Approximation (DAA) [14,15] which greatly reduces the
computation for the wave field in the external fluid. It is
therefore adopted here. Its range of application has been dis-
cussed in references [15,16] and its mathematical expression is
briefly described in the following paragraph.

For the analysis of a submerged complex structure impinged
upon by an incident pressure pulse, it is well known that for the
early part of the interaction or in the high-frequency limit the
scattered and radiated wave forces can be simply given as

)Fs  pece [A) {s (1)

The above equation has been written in matrix form for convenient
interfacing with finite element structural analyses and therein
(0 is the vector for scattered and radiated wave fluid particle
ve ocities normal to the structure's surface in contact with the
external fluid, [A) ii the finite element area matrix for that
surface, and p and c are respectively the mass density and the
sound speed of the fluid. It is also well known that for long
time interaction (or in the low-frequency limit) the wave forces
are simply

F =Mv] {s (2)

where lUsIdenotes the fluid particle acceleration vector and

where [M ) is the added mass matrix which may be readily deter-
mined byVan analysis of incompressible fluid motion appropriate
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to a distribution of elemental source on the structure's exter-
nal surface [17]. Equations (7) and (2) are actually two asymp-
totic relations, therefrom Geers [14,15] formulated an approxi-
mate expression for the scattered and radiated forces

(pe c e) [A] {Fs} Mv {F} (3)

where the dot denotes time differentiation and [A] " and [M
are the inverse of [A] and [M ] respectively. This expression
is asymptotically exact for b~th early-time (high-frequency)
and late-time (low-frequency) fluid motion, effecting a smooth
transition in the intermediate range. It is therefore termed
Doubly Asymptotic Approximation. Equation (3) is to be solved
simultaneously with the equation of motion (linear or nonlinear)of
the finite element structural system subjected also to forces
due to the incident wave and the boundary condition at the
interface between the structure and the external fluid

jw {u } + {us (4)

where J is the normal velocity vector of the structure
element at the fluid-structure interface and 0. represents
the incident wave fluid particle velocity in the same direction.

,, Various computational strategies for such a simultaneous solu-
tion have been formulated and several computer codes have been

*, disseminated [18,19]. Equation (3) is a system of first order
differential equations. If the external fluid-structure inter-
face of an N-degrees-of-freedom structure has N' (N' ', N)
degreees of freedom normal to the interface, by this approxi-
matlon the entire fluid-structure interaction problem has N +
N'/2 degrees of freedom.

Ao appraisal of the effectiveness of this analysis scheme
is made here by means of comparisons with the presently avail-
able analytical solutions.

THE TEST PROBLEMS

Figure 1 sketches a submerged fluid-coupled cylindrical
or spherical shell system impinged upon by an incident plane
pressure wave. The fluid surrounding the outer shell and that
between the two shells are considered to be ideal compressible
fluids in linear wave motions and can be charaiterjzed by their
unperturbed mass densities and sound speeds c and c)
respectively. The external fluid is of infinite extent. The

S,.shells are initially concentric. In this study, the strength
of the incident wave is sufficiently weak such that the shell
deflections are elastic and small and the deviation from the
concentricity remains negligible for the time duration of

11
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Fig. 1: Sketch of the Test Problem.
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interest. The middle surface radii, thickness, mass densities,
Young's modul ang PoIssog's Eatios of the outer and inner
shells are (a , h , p s , v ) and(a, h, p , E, v), respec-
tively. For the case of two coaxial cylind ical shells, it is
a plane strain problem, while for the two spherical shells the
problem is axisymmetric.

The deflections of the inner shell in the r- and 0-
direction normalized with respect to the outer shell radius a
are genoted by w and v respectively and those of the outer shell
by w and ve respectively. Since this is a linear problem, it
suffices to only consider the case for which the incident wave
is a step wave. The numerical results here are for two steel
shells with water in both the exterior and the inter-shell
rgign . The incident pressure normalized with respect to
Pc B ls equal to unity. The material properties and
dimensions are:

c c = 1524 m/sec

p = 100 kg/nm3

P e P 7785 kg/m 3

5 S (5)e 1

Ee E 0.206844 x 012PA

V= V = 0.3

h/a 1/69
for the cylindrical

he /ae 1/3451 system

h/a 1/50
for the spherical

he/a e 1/2501 system

a/ae  0.8

h/he 4

COMPUTATIONS AND RESL.S

For the cylindrical plane strain problem, the simultaneous
solution of the Doubly Asymptotic Approximation equation of wave
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motion in the external fluid and the equation of motion of the
double-walled shell system is carried out by an Underwater Shock
Analysis (USA) code [19] interfacing with NASA's general purpose
structural analysis code NASTRAN [20]. The Doubly-Asymptotic-
Approximation-NASTRAN computation has been demonstrated to be
highly effective for the cylindrical plane strain configuration
since it reproduces the results of an exact analysis of the
transient response of a single cylindrical shell to an incident
step wave [21].

Due to the symmetry of the present problem it is only
necessary to use a finite element model for the region, 0 < 0)
< 7T. In the plane strain fashion, each half shell is reprisen-
'ed by 28 plate bending elements, and the entrained fluid by
NASTRAN "displacement" hexahedron solid elements, each composed
of five tetrahedrons "mocked" as fluid elements [9]. The finite
element gridworks used for the computations are depicted in
Figure 2 with 56 fluid elements and Figure 3 with 112 fluid
elements. The lumped mass matrices for the systems are used.
It is also decided that the first, instead of higher, orderF. hexahedron elements are used for the maintenance of completeness
and interelement continuity. The complete NASTRAN finite ele-
ment models are then interfaced with the USA code for computing
the transient responses using an unconditionally stable stag-
gered time integration technique [22].

The finite element solutions are carried out by first using
an integration time step equal to 1/50 of the transit time for
the incident wave front to traverse the distance of one outer
shell diameter. This time step size is based on the experience
in obtaining the analytical solution. Results are computed for
100 time steps. Later, half of this time step is also used and
produces results which merely change the 5th or 6th digits of
the coarser time step results.

-igure 4 compares the analytical and the NASTRAN-USA finite
element solutions for the time histories of the hoop stress
resultant

No (O-T) (w + (6)

at various locations of the interior shell using the gridwork
of Figure 2. In Figure 4,

*-T cet/a e

V (i M)

" a/a
e
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INCIDENT PRESSURE PULSE

Fig. 2: Finite Element Gridwork with Two Layers ofFluid,
Elements.
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INCIDENT PRESSURE PULSE

Fig. 3: Finite Element Gridwork with Four Layers of Fluid
Elements.
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- -- -2 FLUID LAYER MODEL SOLUTIONS
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-04

-02

02 4 6 8 10

Fig. 4: Time Histuries of Hoop Stress at the Inner Cylindrical
Shell Middle Surface, Using Gridwork of Figure 2.
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and

9 = (1 - &)ce/c

where t is the time. It can be seen that there is a very good
agreement for the arrival times and magnitudes of N 0(O,T')
between the analytical and finite element solutions.

Figure 5 compares the same hoop stress time histories of
the finite element solution using the refined gridwork of Fig-
ure 3. There, it can be seen that doubling the number of fluid

IF elements further improves the finite element results in that
the peaks and valleys of the stress-time curves rise and fallCfollowing more closely with those of the analytical solution.
These peaks and valleys represent the circumferential stress
waves encircling the shell with the dilatational wave speed
[2,21] - a distinct response feature of this problem.

The time histories of the hoop stress resultant at various
locations of the outer shell computed based on the gridworks of
Figures 2 and 3 are plotted in Figure 6. It would be interesting
to note that in the absence of the entrained fluid the stress in
the outer shell, based upon the solution in [21], would be
approximately 3.5 times higher than the present results.

For the axisymmetric response of the spherical shell
system, the simultaneous solution is carried out by the DAA
computation procedure developed in [18,23]. Figures 2 and 3 now
represent the cross-sections of the axisymmetric finite element
gridworks. Now the outer and inner shells are discretized by
NASTRAN's CONEAX axisymmetric conical shell elements and the
entrained fluid is modeled by "pressure" fluid finite element
formulated in the fashion of NASTRAN's TRIAAX axisymmetric ring
elements. The transient solution is integrated using a Newmark-
Beta direct integration subroutine in NASTRAN [23). Since this
is intrinsically a 3-dimensional problem and therefore numeri-
cally more difficult than the preceding plane strain problem.
A sample result from reference [23] is compared to the analytical

i ,,, solution [1] in Figure 7 where the time histories of the normal-
ized relative radial deflection of the two apexes (o = 0 and

0 ') of the inner shell are juxtaposed. This NASTRAN-DAA
solution is obtained using three layers of fluid ring elements
for the entrained fluid and an integration time step equal to
1/25 of the transit time of the incident wave front to traverse
one outer shell diameter. The agreement is obviously quite good.

DISCUSSIONS

The above comparison study has demonstrated the viability
of this analysis scheme. In particular, the good agreement of
the response data for the inner shell indicates that the

Ila



'alp!

1A0.

-0.2

-ANALYTICAL SOLUTION

-0.
w

QS

Q -0.2

0

40 2 4 6 8 10

T (T-

t Fig. 5: Time Histories of Hoop Stress at the Inner Cylindrical
Shell Middle Surface, Using Gridwork of Figure 3.

119

............Mo.....



-4 FLUID LAYER MODEL SOLUTIONS
-0.6 -2 FLUID LAYER MODEL SOLUTIONS

-0.4
~ -..- 0.329

-0.2

0 0

0

R 0.4 10--- -0.329

z

P,-0.2

6=900

0

-0.4 - -0.329

-0.2

0 6180*

0
0 2 4 6 8 10

T =ct/a 8

Fig. 6: Time Histories of Hoop Stress at the Outer Cylindrical
Shell Middle Surface, Using Gridwork of Figure 3.
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dynamics pressure loading is correctly transmitted through the
outer shell and the entrained fluid. Although the test problems
are for linear and elastic responses, it could be expected that
the same would also be true when this scheme is used for non-
linear elasto-plastic response analyses.

For practical problems, the fluid finite elements for the
entraine'd fluid are in general 3-dimensional and the number of
degrees-of-freedom for the finite element system increases very
rapidly with the number of such elements. In view of the pro-
spective numerical and computational difficulties to be encount-
ered, it might be more advantageous to approximately represent
the shielding effect of the outer hull without including it and

P the entrained fluid in the nonlinear elasto-plastic damage
analysis of the inner hull. Based on the analytical study of
[1,2], such an approximation can be suggested for the analysis
of stiffened or unstiffened cylindrical double hulls with thin
outer hull and finite length. For exponentially decaying type
of incident plane pressure pulses

pinC p exp[(x-c t)/c e1 (8)
e e

where p is the wave front pressure and ' the decay constant,

this approximation would modify equation (8) and the new incident
wave formula to be used for analyzing the interaction of the
modified incident wave and the inner hull is

Incp = Kp exp[(x - Ce t)/c e'1  (9)

where the coefficient K depends on the duration of the incident
wave and is a function of the fluid properties and the elastic
properties and dimensions of the inner and outer hulls. It
approximately takes into account of the transmissibility and
dynamic response effects of the outer hull, the response effects
of the inner hull, the added mass, the compressibility and the
reverberating effects of the entrained fluid. This coefficient
is given by

e
K 1 , if T << a /Ce

prMe(2 + M)

(l- .(2+Me) + Pr(1+j)(M+Me) + 0.5P MMe[l+- C (l-)_)2
rr r

if Z 2a e/ce
e 2  (10)

2Me C2~ eJ
c e + 2p M ' + 2p & roWe
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if > 2a/ce

where

P/ep = p/r
e

C =C /Cr
pe (11)

M = ea/(psh)

-~e/e e
M= pea/(psh )

C2 = E/[p (1-v 2 )(ce ) 2]

C2 Ee/pe[l.(ve)2](ce) 2}

In equation (77), h and/or he are the average or the smeared
thicknesses of the stiffened hulls. It should be noted that
equations (9) - (11) are primarily meant for the calculation of
the elasto-plastic strain of the inner hull.
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ABSTRACT

The DEPROP computer program determines the dynamic elastic-plastic
large displacement response of cylindrical and flat panels to arbitrary

blast loadings. The analysis is capable of analyzing urstiffened or
discretely stiffened panels in which the stiffeners in both coordinate

* directions are allowed various eccentric positions relative to the single
layered, multilayered and sandwich panel skin configurations. The
inelastic formulation is based on the extension of the plasticity con-
stitutive relations from deformation theory to regions of elastic
unloading and reyielding. A confidence level is established for DEPROP
by comparing the analytical solutions with experimental results from

various panel blast tests and with other nonlinear computer codes.

NOMENCLATURE

a = radius of cylindrical panel
A - undeformed surface area
As - area of stiffener

b - width of stiffener segment
E - modulus of elasticity
Es - secant modulus

Et * strain hardening slope

G G shear moduli of y and 0 stiffeners

h, li t total thickness of panel

11 . distance from inner panel skin surface to the furthest
edge of the ith stiffener segment

5i - distance from the inner panel skin surface to the
coordinate surface

Hi weighting values for Legendre-Gauss quadrature formula

I4, k =weighting values for Simpson's quadrature formula
in y and 0 directions

J U/00

Jy. J * torsional constants for the y atn l stiffeners
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K Ka

k, /2 for C-C or C-S opposite boundaries for w-equations

11iVT for S-S opposite boundaries for w-equations

11F/v' for u and v-equations
= Yrik~

Z. length of panel

'Ta
M, N number of spatial integration points in the y and

a directions
NSG, NSB -number of y and 0stiffeners

NSEG = total number of segments for a stiffener
p = pressure
R = a/h
T = kinetic energy

U, V, w = axial, tangential and radial displacement components
U, V, W -displacement components divided by a
x, 6t z -cylindrical coordinates

16rT

0
Ik-l\

Y

Yj

6ij' 6mr 0 6 Kronecker delta
A E components of total strain

ij
c *components of strain

r- total number of layers
00 - subtended angle of cylindrical panel

Kij - components of change of curvature

v w Poisson's ratio
a zeros of the Legendre polynomial

PO Ps P composite, skin and stiffener mass densities

a components of stress

m *spatial functions for displacments
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INTRODUCTION

A digital computer program DEPROP, has been developed as a special

purpose code to calculate the linear elastic and elastic-plastic
structural response of aircraft panels to blast overpressure loads
[1], [2]. The analysis is formulated for cylindrical or flat panels
with clamped or simply supported edges. The panels can have discrete
stiffeners in two perpendicular directions. The modal method of solution
is used with numerical spatial integration techniques employed to obtain
the discretization of the structure required to incorporate the physical
nonlinear behavior.

The panel analysis is an extension of the DEPICS computerized
analysis [3] for the dynamic response of linear elastic cylindrical
shells which included geometrical nonlinearities. The DEPROP analysis
employs the Novozhilov nonlinear strain-displacement relations for large
displacement response of thin panels based on the assumption of undeform-
able normals. The inelastic formulation is based on the Mises-Hencky
yield surface, a kinematic hardening model and the ilencky stress-strain
relations from the deformation theory of plasticity with modifications
for regions of elastic unloading and reyielding. Material behavior of
the skin and stiffeners is represented by a bilinear stress-strain
curve. Displacement, strain, and stress time histories are calculated
at selected positions on the panel.

The geometry of the unstiffened or stiffened, cylindrical or flat
panel is illustrated in Figure 1. The cylindrical coordinates (x, 0, z)
and the axial, tangential, and radial displacement components (u, v, w)
are shown in Figure 1 on the coordinate surface of the Panel. In
DEPROP the skin of the panel can be single or multi-layered for elastic
materials, while for elastic-plastic material behavior the skin is
limited to single layered and sandwich (honeycomb) construction.
Figure 1 depicts discrete stiffeners located along various integration
grid lines in both of the dimensionless-y and 8 coordinate directions.
The stiffeners must be oriented parallel to either or both spatial
coordinate directions of the flat or cylindrical panel, and stiffener
locations are reutricted to coincide with spatial integration grid
lines. The stiffeners in the circumferential coordinate direction
can have variable cross sections.

The eccentricity of the stiffeners either above or below the panel
skin is taken into account in the analysis. Both bending and membrane
deformations causing normal strains and stresses in the stiffener's
coordinate direction are included, but lateral bending of the stiffener
is ignored. Titus, in the analysis the stiffener is assumed symmetrical
about tile plane of bending. The torsional stiffnesses of the stiffeners
are included in a limited manner by assuwing that the twisting is always
elastic, Therefore, tile shear stress associated with torsion of the
stiffener is assumed small compared to the normal stresses aM is neg-
lected in the elastic-plastic formulation.
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v-Stiffener

7"... Stitffener

Pa" ,l Skin

rIiaro 1. Sttffead Pa l Geowery

The analysis accommodates stiffeners with any shape whose c.o9
section can be represented as a series of connected rectangular sag-

'.ments. Since lateral bending of the stiffeners is ignored, stiffeners
such as channels and i-sections nre treated symetrically as I-sections.
Figure 2 illustrates the stiffener configurations inctuded in DPROP.
Configurations A and 8 of Figuro 2 show the stiffener attached to the
outer and Inxer surf-ces, respectively, of any panel skin construction
i.e., single-layered, multilayered and sandwich (honeyeomb). Con-
figuration C shows the stiffener located in the interior of a sandwich
panel and configuration D 'shows the stiffener attached to the Inner
aurfacs of a sandwich panel Lhat, has been crisped'for conuect ion put-
poses.

ANALYTfl AL thOW ,TXO

The governing equationo of motion for the panel are obtained from
the principle of virtual work for a dynamic structural system in which
the uaterial behavior and the force systels are nonconeroutive. The
displacemtnt componeuta are represented by truncated series of the
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products of undetermined time-dependent coefficients and orthogonal

spatial functions which satisfy the boundary conditions in the form

M N

u (xQ't) = u n (i=1,2,3) (1)

M--l n=1

where for notation convenience u, u2  u3 correspond to u, v, w, respectively.

With these functions introduced into the virtual work equations, a set
of 3MN coupled modal equations of motion are generated and are given by

d 3T + ff o Ivffud o-t .i f i u dV - = (2)
mn mn A-V A

(m=1,2,3...M) (n-1,2,3...N)

where the integrands of the generalized forces are

N - $ pNvL , N W (3)

Smn m m

where
wN -

u x
N =-(w + v)/av e

Nw  1 - (w - ve)/a + ux

A - undeformed surface area

f ff P (X, , Z) ( 2 + 2+ 2) dV
V

Dots denote differentiation with respect to time.

It is assumed that the blast pressure, p(x,B,t), acts on the coordinate
surface of the cylindrical or flat panel. As the panel surface deforms,
the elemental pressure force vector remains normal to the coordinate
surface so that it changes direction during deformation. The magnitude
of this force vector also changes as the element surface area of the
deformed panel changes. The rotary inertia zontributions to the kinetic
energy have been neglected. The volume and surface integrations con-
tained in these equations are perf med numerically by various techniques,
except for integration of the kinetic energy which is performed ana-
lytically. This set of simultaneous sacond-order differential equations
are solved numerically in time by use of the central difference method.
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(C, too C x on the coordinate surface are expressed in terms of the

displacemetit components and their spatial derivatives:
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1 2 2 2
C ~U + [w + U+ Vxx X 2xX X

3. 1 12 2 2c0 - xw +- -(w + Xv) + (v0  Xw) + u0  (4)
6e a v6 a 2a2 6

exe =v ~ (we + Xv) +-1vx(v - Xw) +-1ueux

Similarly, the change of curvature quantities (K ,K 60 , KXO) of the

coordinate surface which characterize the bending and torsional deforma-

tions of the panel are given by

K w (1i+ v/a-Xw/+u

00 00 2 0 2 (-w + v + u~
a a a

+- 0(w0 + Xv0)(v0  Xw) + 2 O0 "x (5)

a 2

+- (v0  W) +- - (w +V) +-L w (w0 + v)
a a a

Ko *w + + 2 w (V +auxXw)

+-X~ 0  + v)a X
aa

Only those nonlinear terms which primarily involve the radial displacement
and its derivatives are included in Equation 5. The subscripts on the
displacement components in Equations 4 and 5 denote partial spatial
derivatives. The parameter X is introduced in the strain-displacemeat
relations so that they apply to both curved and filat panels. Thus,

*1 for curved panels. For flat panels, A~ - 0, a a 1, 0 is replaced
by y, and 0is replaced by b, the width of the flat panel.

j Constitutive Relations

In DEPROP, the behavior of the panel material is treated as elastic-
plastic for isotropic single-layered and sandwich panels and elastic

for isotropic and orthotropic multilayered panels. The elastic-plastic
analysis for the single-layered panel has been established as the basic
formulation in the DEPROP program. The elastic multilayered analysis
is established as an alternate option based on appropriate modifications
of the elastic-plastic formulation. In the DEPROP analysis the solution
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involves total strains and stresses; therefore, for response in the

inelastic region, it was convenient to use the deformation theory of

plasticity instead of flow theory which involves incremental strains
and stresses. Plastic deformation theory is based on an averaging

process that permits a total strain solution dependent upon only the

final stress state at the end of a loading path. In general, deformation

* theory is an approximation of the more rigorous flow (incremental)
theory, except for proportional loading. However, since the dynamic

response solution is solved incrementally in time by numerical methods

in DEPROP, the strain increments are small over each time step for

which the equations of motion are solved. Thus, the plastic deformation
theory provides a much more accurate solution when the averaging process

takes place separately over each small time increment as the response
solution is obtained by a step-by-step timewise procedure.

It is assumed that the material's uniaxial stress-strain curve
is modeled by the bilinear representation shown in Figure 3 in which
the strain hardening is defined by slope E . This stress-strain
representation is interpreted for the biaxal state of stress through
the use of the effective stress (a)-effective strain (E) concept in
which the secant modulus (E ) indicated in Figure 3 is defined by

- a + E (- )
E G 0 t 0 (6)

where a , e are the yield stress and strain, respectively, from the0 o
material's uniaxial bilinear representation. Thus, the effective
stress, effective strain and secant modulus quantities are used to
relate the biaxial stress-strain condition to the assumed uniaxial
bilinear stress-strain representation for the isotropic material.
A kinematic hardening model is employed in conjunction with the Mises-
Hencky yield surface which accounts for the Bauschinger effect when
reyielding occurs due to the strain reversals during unloading. The
kinematic hardening models discussed in [5] assume that during plastic
deformation the yield surface translates as a rigid body in stress space
with the size, shape and orientation of the elliptical yield surface
being invariant. The kinematic hardening model to be used in this
analysis is illustrated in Figure 4 for the Mises-Hencky yield surfaceI in the plane of the principal stresses a and a . Corresponding to
the initial yielding position (i) and thl unloading position (f)
indicated in Figure 3, the rigid translation of the yield surface for
a shift of the stress state from position (i) to position (f) is shown
in Figure 4. The change in totkl stress components from position (i)
to position (f) are defined by a and, similarly, the corresponding

change in the total strain components are defined by Wij, so that
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,,, r er-i r-i r-I
a j +0 -aij(

A ~ij ii i(f) ji

(7)
r ff r-1 +'r- nr-1

where

r = the number of elastic unloadings from yielded conditions
(r=l,2...)

''0 Wo. -, = ~ =0
iJ ij
(i) indicates initiation of yielding or reyielding
(f) indicates final position prior to unloading

The Mises-Hencky yield criterion for the translated yield surface is
based on the effective stress given as

Ni 'r r .2 -vr Ir . ur .2 nr 2 1/2

[aIICl) 2 (1ll-ll) (122-22) + "' r + 3(U12 2 (8)

Furthermore, it is advantageous in this analysis to relocate the origin
on the e axis after each unloading such that the extended elastic
unloading curve passes through the zero position. This is accomplished
by defining the effective strain as follows:

-{1~~[~ +,2) (Nl - l 2 + v W ( 22 ))
2) 2'a . -1 11) +t22- 22)

(i- )~2 N _ W ) (I _r 2 . r.

- (1-4v +v)( l " r) (+v X-2 (9)

S alv)5 11 11 2 22/f ' r2 1/2

' -,2 1l ) 2 12)

where v 1Es (l-v)
E

Thus, the elastic-plastic behavior of the material for subsequent
.ieldings after an unloading has occurred is always based on the same
a versus e curve which originates at position (0,0). This apgroach
requires that the stress-strain relations be modified by the a and

i- quantities for unloading and reyielding conditions to account for

the past stress-strain history. The general form of the inverted Hencky
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stress-strain relations for the elastic, elastic-plastic, elastic unloading
and plastic reyielding regions are identical, so that the general stress-
strain relations is given by

r E
I qij ior s W, r PV (Wr ) sCk-k)i

i-G E + (10)

(i,ji,k 1,2)

where for the following -regions of response,,

a) initial elastic loAng Es=E, a = 0

s ij iji b) initial plastic loading Es=Es ) aij ij=

"-! r ,q W/r

c) qth elastic unloading Es=E, CLa V i q
i i ii

d) qth reyielding E =E, a a = i j

Thus, there are four basic regions of response for which the stress-
strain relations have been established Equation 10. For an elastic-
perfectly plastic material, Et = 0 and a are set equal to zero in

Equations 8 and 10. It should be noted that for a strain hardening
material, a stress path which may move along the yield surface (neutral
loading) would not be properly represented in the analysis, since, upon
unloading, the yield surface would be rigidly translated.

The constitutive relations for the stiffener's material are based
on those used for the skin, except they reduce to the uniaxial case.
The stiffeners may be of material different from each other and different
from that of the panel skin to which they are attached. For elastic-
plastic solutions the stiffenere are segmented by a sufficient number
of layers so as to represent the stress distribution across the cross-
section.

For elastic, isotropic or orthotropic multilayered panels, the
stress-strain relation formulation follows the approach presented in
(6]. In orthotropic layers, the geometric cylindrical coordinate axes
and principal orthotropic direction are assumed parallel. For the elastic
solution, additional membrane, bending and cross coupling stiffness
coefficients are computed at all integration points at which stiffeners
are located. In computing these stiffness coefficients, the segmented
stiffener is treated as a multilayered configuration with variable widths.
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Displacement Component Functions

In Equation 1 the displacement components are expressed in series
form as a product of time-dependent coefficients and independent spatial
functions $ (x) and n (0). These spatial functions are selected so asm n
to satisfy the geometric boundary conditions of the panels. The boundaries
of the panel are assumed to be either clamped or simply supported and
held from inplane movement. The spatial functions for the u and v dis-
placements are assumed to be the same whether the edges are clamped or
simply supported and are given by

u u
(y) sin (m + l)y, m(a) sin (n)a

in m (1
V v

(y) sin (m)y, 4n(8) sin (n + 1)8

The boundary combinations for the y and a directions are based on
opposite edges being both clamped, both simply supported or one clamped
and one simply supported. The w-displacement functions for the y and a
directions are based on the natural vibratory mode shapes of a uniform
beam and are given as follows for the three boundary combinations:

-1,

For clamped/clamped or clamped/simply supported

my mycosh"'  w Qm lmsinh XMY sin MY )
w n o n m

cosh-- cos -c sinh-- sin )

in IT I n R sI

where

X m or An are the roots of cos Xi cosh A 1 1 for the clamped/clamped

* iboundary condition

A m or Xn are the rooLs of tan Ai - tanh Ai for the clamped/simply

supported boundary condition

cosh Xi - cos X[i "-1i n or m)
Ssinh i sin ( o

For simply supported/simply supported

W sin (m)y

* (13)
sin (WO

n
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Governing Equations of Motion

The spatial integrations in Equation 2 are to be accomplished
numerically thus providing a mechanism for discretization through the
spatial points selected to compute the representative elastic-plastic
behavior throughout the panel. For integration through the thickness

Y4 of the panel in the z direction, it is convenient to separate the inte-

grand into parts which either are or are not explicitly dependent on
the z variable, that is invokving membrane strains and bending strains.
The total strain quantities E for an arbitrary position in the panel

consist of the membrane and bending components given by

E iCi Z (14)V, ij =  ij + zij (4

Therefore, the integrand can be given by fm + zfb where

fm E xx 1C e x0
f+ -- +

xx DW 00 8W xO 3W
mm mn mn

bK K 0Kx (15)

xx +01 0 x+' O
mn mn  mn

and the total stress components are obtained from Equations 10 and 7
in which i,j=l denotes x and i,j=2 denotes 0. The Legendre-Gauss
quadrature formula [7] was chosen for the numerical integration in the
z direction where L is the number of points selected through the thick-
ness of the panel. In the y and 0 directions it is convenient to have
even spacing and it is advantageous to have spatial points on the clamped
edges and at the center of the panel. Simpson's quadrature formula [7]
satisfies these desirable features and therefore was selected over
various Gaussian quadrature formulas. The number of s~atial points
selected in the y and 5 directions are given by M and N, respectively,
where R and N must be odd numbers. The integrand quantities for the
stiffener are given by

ac z 3K1xx +_ xx
f +O - (for y-stiffeners)

mnmu (16)
00 o i K0

f a 00  +a ° 00 (for 5-stiffeners)
mn mn

where z is the distance from the coordinate surface to the center of
i1

the i th stiffener segment and is expressed as z + . ( (+11 4
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where the plus sign is used for "outer" stiffeners and the minus sign
for "inner" stiffeners. The trapezoidal rule is used for the numerical
integration through the depth of a stiffener in the equation of motion.

In the spatial surface integration of the kinetic energy the addition
of the line integrals in the y and 0 directions to include the mass of
the stiffeners leads to inertial coupling of the modes. The Mpq coef-

ficients associated with the w-equations of motion of the inertial

coupling matrix [M] are determined from

Y NSG! -- mr i iw w
M =kkP6 n +6 p PAs n k k) (17)pq mr ns oh n n S

+ ~ NSB

where
3fV pq extends over all the modal combinations selected for the solution.

r,s are particular values of m and n, respectively

In general matrix form the w-equations of motion are given by

i [M1] {r} {f4(18)

For the solution of these equations in DEPROP, Equation 18 is placed
in the form

Wr ] 12fs (19)
r 2s

It should be noted from Equation 19 that the inertial coupling matrix
has been inverted. In order to accomplish this operation, a matrix
inversion subroutine is used in the DEPROP program. Although the
above derivation is only demonstrated for the normal motion of
the stiffened panel, similar inertial coupling matrices have been
established in the program for the inplane motions of the panel (u
and v-equations of motion).

For the elastic-plastic solution of a stiffened single-layered panel
the equations of motion are given by

mjkL'LH[]2"W + f Es

1 , I 9
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*0

1 fb +62 [-i NSEG
f (Yjt 8 k)J+ -h- ka °  i bi (h-h-) f"(Yj)

NSEG 1
+ (H) bi(hi-hi-I) f (YJ 8k

j ifl

+ L 3(R-1) j + 3(M--1) ~JIK x
2a3  y y GHj Ka] x e- - (YJ'k = 0 (20)2 a ao Hk  G x +W G8 jJ8k

where

~~ 21
Qw 2L2Rp(- XW -+ JV +-U aW

2L2Rp(JW++ 3V

3+V)

Qu -2LRp Wy D
mn

Although Equation 20 is given in terms of Wn, the equations of motion

for the tangential and axial displacement directions are obtained by
omitting the torsion term and using the appropriate k k and
expressions. y

For elastic solutions the equations of motion are simpler since
the stiffness coefficients of the stiffeners are integrated directly
with the stiffness coefficients of the panel skin (see (1) and [23).

For sandwich panels, it is assumed that the core of the sandwich or
honeycomb always remains undamaged and the normal stresses are carried
just by the face sheets. It is further assumed that the stress across
each face sheet is constant. In the equations of motion given by
Equation 20, the single layered expression in the first brackets
(associated with the first summation over i) is replaced for the sand-
wich panel by

2L2 &3 m k i fb ,k(21)h (hi-hi-l) fiY'jk ) + a iyj k)
!i
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where

A -H1

z3  = (h3 + h) -H

In stiffened honeycomb panels the honeycomb core is often crimped
where the panel skin intersects the various stiffeners for attachment
purposes (see configuration D of figure 2). It is assumed that the core
is fully removed over the stiffener, so that the bending resistance of
the panel along the stiffener line is negligible compared with that of
the uncrimped honeycomb panel. Thus, only membrane stresses in both
coordinate directions are assumed to be transmitted through the honeycomb
face sheets at positions along the stiffener lines for this type of
construction.

The second-order differential equations given by Equation 20 and

corresponding equations for V and U are to be solved numericallymn mn

in time. The integration method used to obtain an approximate time ise
step-by-step solution is based on the central difference formula given by

2
Xk'+l=Xk (At) + 2 k - k-l (22)

where

X represents the normalized undetermined time-dependent displacement
coefficients, Wn , V and U

mn mn M

In solving the set of simultaneous second-order differential
equations, spatial integrations must be verformed in the y and 0 direc-
tions and in the z direction for the elastic-plastic solutioit during
the stepwise time integration. The required integrations are performed
numerically during each time step using the values of the displacement
coefficients Wma, Vmn and U for the particular time step to compute

the displacements and their derivatives, the strain quantities and the
stress quantities used in Equation 20.

Special numerical schemes [1] are used to treat the overshoot
during the time increment in which yielding occurs, to establish the
criteria for determining elastic unloading and to obtain a consistent
determination of e, Es, vs and o during each time step

I DEPROP Comparisons with Experiments and Other Analses

Comparisons are made between experiment results from various tests
performed on unstiffened and stiffened panels subjected to blast loading
and those predicted by the DEPROP analysis. In Figure 5 the permanent
center displacements of 18 in. by 18 in. clamped unstiffened aluminum
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plates of 0.063 in. and 0.071 in. thicknesses, which were blast tested
at Eglin Air Force Base [8], are compared with correspond!ng DEPROP
predictions. it should be noted that these plates were close to the
point of rupture along the clamped edges.

*3.0 007 -i.Tlk-

5.0

In

1.01
ALUMNIUN CIAMPMD PLATE (18 In. x 15 in.)

--- KXPERN&:MTAL, PIBMANEW T 

0 .
TINE~ (ft*v4)
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Comparisons of DEPROP predictions with strain and displacement

measurements made on an unstiffened 15 in. by 15 in. aluminum plate of

.05 in. thickness, which was tested in the shock tube at the Naval

Surface Weapons Center (NSWC) [9], are presented in Figures 6, 7, and 8.

The response of this plate was in the elastic region and the assumed uniform

pressure loading was generated from measured pressure time history data

taken near the edge of the plate.

CLAMPED SQUARE PLATE

.4 
15 N 15 x .05

P (reflected) . .5 psi

---- EXPE IMENT (shot 39)

.3 
/

if.2

~1.

i-4 C'Ti S"SL"h/  (W A"041 L~OSAtPAEA S

panel vitl clme de.n10.T suerlal tutrlgo

u:i.e trac sldbokof61T6aui. Tit tes .pe.,,., ,Is

:-lon nd 6-.0 nehed r adiu~ s. Tee inerale In stiffented li drthe

. "circumferential direction is located in the center of the p~anel an~d to
-P; tiownally 0.1i nch thick and 0.4 Itte. deep. Ask impulsive loading was

obtaineod by placing a hitgh explosive (11F.) sheet 'with a foamk buffer oveir

a proscribed area of the panel. Tire magnitude# 1, of the impulsive

1"oatu applied to the pantel is 0.102067 ps-s .
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CLAMPED SQUARE PLATE
15 x 15 x .05
INNER SURFACE
DEPROP - ON EDGE
EXPERIMENTAL (shot 39) -1/8" FROM EDGE

DEPROP (25 modes)

-4000 EXPERIMENT kchan. 7)

............ EXPERIMENT (chan. I)
P (reflected) - 8.5 psi

-3000 1,

. -2000 .
/ : \'.

-1000
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FIGURE 7. EDGE STRAINS FOR .05" CLAMPED SQUARE PLATE AT NSWC

i .. 3000 .

3001 
CLAMPED SQUARE PLATE

I 15 x 15 x.05
INNER SURFACE

2000- FROM (CENTER

~ 2000 ~- DEPROI' (2S modmis)
,, Ij -.... EXPERIMENTAL (howt 39)

j \, . ~ P (reflec~ted) *8.5 pal

1.0 2.0 3.,

TIME (maec)

FIGURE 8.NEAR CENTER STRAINS FOR A .05 Ia CL M ED SQUARE PLATE AT NSWC
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This clamped cylindrical stiffened panel subjected to an impulsive
loading was modeled using the DEPROP program to predict the analytical
response for comparison with the experimental results. Figure 9 illustrates
the geometry of the analytical model for the stiffened panel. The cir-
cumferential stiffener located midway along the length of the panel is
rectangular in cross section and has 1/8 inch filets where it inter-
sects the panel skin. The shaded area indicates the p-rtion of the panel

that was impulsively loaded by the HE sheet. As shown in Figure 9
the stiffener is divided evenly into five segments for the elastic-plastic
solution. The width of the first segment is increased to account for

A the area of the filets.

Clamped Edges

+++ ~All l|tith Jinto.u ,n ,.¢1e# io .

"ii " '@indicates position nd dlr+ction \

" of strain m~Asuremot.

0 099 9 017

0.".
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Iniltre 9. H dT irctiond+ca SIfllwJ P'iA Nut,
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Comparisons between analytical and experimental results for the
MIT stiffened cylindrical panel are made for the four measured inner
surface strain time histories and two permanent-set displacement
measurements. Figures 10 and 11 show the comparisons for the four
measured sttain positions where the solid lines are analytically
determined from DEPROP and the dashed lines are experimentally measured.
At position 1 the experimental strain trace terminated just after
reaching the peak and at position 3 the strain trace briefly went out
of recording range during the peak portion of the response. This
stiffened panel underwent large plastic deformations throughout the
panel skin and the stiffener. Figure 12 illustrates the analytically
determined displacement time histories at two positions on the panel.
The measured permanent set values at these positions are compared to
the level of oscillation near the end of the analytical time histories.
The projected analytical permanent sets are slightly lower than the
measured values. This might be expected since the stiffener exhibited
plastic lateral buckling over a small region near the ends of the
stiffener which can not be represented in the analytical model.

0.05

0.04

0.0

Axial Strain at Position 1
x 2.7 in, 0 26.85"

. 0.0X -- OlPRO Analysta

1. - - - xperiment

. 0 ...
020.4 0.6 08a

Tim (a)
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DE~PROP Analysis
- -.-- Experiment

0.03
4U,

Axial Strain at Position 3

0.0 /x -0.9 in, 6 20.88*

0.01 /\

(n10.2 0.4 0.6 0.8
I.. Time (ins)

Ciretimferential Strain tit Position 4

-0.02 X 1.5 in, 0 -14..92'

rioure 11. Strain Time Histories for the MIT Cylindrical Stiffened Panel at Positions 3 and 4

The STRESNO test program li11] tested a variety of unstiffened
and stiffened panels in the Sandia Thunderpipe shock tube. From the
stiffened panels tested, specimen number 10 was selected for the comn-
parison with the stiffened panel analysis. Specimen 10 is a flat 36-
by 36-inch skin panel stiffened by thr~ee z-shaped inner stiffeners
spaced 9 inches apart. The ends of the stiff eners are pinned to the
support frame. The skin panel boundaries parallel to the stiffeners
are hinged while the skin panel boundaries perpendicular to the stiffeners
are unattached except for being riveted to the stiffeners at theirI three locations. Figure 13 illustrates the geometry of the stiffened
panel and the locations of the strain and pressure measurements. The
dimensions of the cross section of the stiffeners are also given on
Fi.gure 13. The material of tha 0.0625-inch panel skin is 2024-T3
aluminum while the material of the stiffeners is 2024-T3511 aluminum.

Analytical and experimental comparison were made for shot 4 on
specimen number 10 in which the response remained elastic. Vie spatial

* distribution of the pressure measured at P10-1 is assumed uniform over
the panel. Strain responses at the center of the stiffener are compared at
the lower surface of the lower flange (S10-6) and at the upper skin
surface in the $-direction (810-2a). Figures 14 and 15 show these

comparisona for shot 4 where the solid t-race is the analytical results
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and the dashed trace is the measured results. The largest strains
occurred on the lower flange of the stiffener and this strain comparison
is shown in Figure 14. Figure 15 shows the comparison of the edge
strains at the upper skin surface of the local panel between stiffeners.

Comparisons are also made between DEPROP response results and the
nonlinear solutions generated from the finite difference code PETROS-3
[12] and the firite element code ADINA [13]. Figures 16 and 17 show the

comparisons for square unstiffened and stiffened flat plates, respectively,

subjected to a triangular pressure pulse which produce significant

elastic-plastic behavior in the panels.

0.7

06
x - 3.005 in
6 - 29.83*

0.5

0.4

u aeauredt Syetric
,Positions on Panel

x * 1.2 in

0 - 29.831

-0I)EPUOP Analysis

oasurod Permanent Set

0
0 0!2 0.4 0.6 0,8

Time (m)

Figure 12. DNipla..ent Time Htltories for the MT Cylindrical Stiffened Panel
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CONCLUSIONS

DEPROP has the capability predicting dynamic response for various
unstiffened and stiffened cylindrical or flat panels undergoing defor-
mations which are both geometrically and physically nonlinear. DEPROP
was developed specifically to study the vulnerability of aircraft-type
panels to overpressure effects from nuclear blast loadings. With its
limitations on the initial geometry of the panel, DEPROP was not intended
to be a general purpose structural computer code. For elastic solutions
DEPROP can handle orthotropic multilayered skin panels, while for
inelastic solutions the skin panels are restricted to isotropic single
layered and sandwich configurations. For both elastic and inelastic
solutions, discrete stiffeners of various cross-sections can be analyzed
in both coordinate directions at various eccentricities relative to the
panel skin. Comparisons with available experimental results from blast
tests on panels and comparisons with other nonlinear structural computer
codes has built up confidence in the ability of DEPROP to predict the
elastic-plastic response of unstiffened and stiffened panels with
well-defined clamped or simply supported boundary conditions.
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ABSTRACT

This paper describes the development of a graphite/epoxy fighter wing-box capable
of sustaining limit load and cyclic loading following worst-case damage from a 23-mm
HEI (superquick fused) projectile impact. This work was done under the Battle Damage
Tolerant Wing Structural Development Program (N00019-75-C-0178) sponsored by the
Naval Air Systems Command. The objective was to develop and demonstrate the
technology needed to design battle damage tolerant aircraft structure using advaoced
fiber composites. It was felt that the high strength-to-weight ratio of advanced
composites combined with their flexibility in design applications could result in structure
which was lighter than metal configurations while providing superior battle damage
tolerance. Program results have confirmed this belief, including a successful 23-mm HEI
ballistic testing of full-scale structure under load.

1,0 INTRODUCTION

Military aircraft must be capable of performing successfully in hostile environ-
ments created by small-arms automatic weapons, anti-aircraft artillery, and surface-to-
air and air-to-air missiles. Consequently, designing for resistance and toierance to
combat damage is an important consideration facing structural designers. In this
context, damage "resistance" is a measure of the amount of damage inflicted by a threat
exposure, and damage "tolerance" is a measure of the ability of the structure to endure
the inflicted damage.

Although the vulnerability analyst has always been concerned with the effects of
ballistic weapons on aircraft, this is unfamiliar ground for the structural designer. The
potential effects of this unfamiliarity became especially evident in the early 1970's as a
result of increasing consideration of using graphite/epoxy in the primary structure of
combat airplanes. Graphite/epoxy laminates configured in a quasi-isotropic 0+45,90
layup are very damage sensitive, comparable in damage sensitivity to 7075-T6 aluminum.
To obtain useful levels of battle damage tolerance in these materials, the required design
technology must be formulated and integrated within the structural design process. The
Battle Damage Tolerant Wing Structural Development Program, sponsored by the Naval
Air Systems Command (Ref. .0, was initiated in 1974 to develop and demonstrate the
technology needed to design fiber composite structure having good survivability to
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ballistic weapon threats, particularly high-explosive anti-aircraft artillery rounds such as
the 23-mm HEI projectile.

The technology developed under this program resulted from the combined effortsof weapons effects experts, vulnerability specialists, structural analysts, and structuraldesigners. The goal was to develop and demonstrate a graphite/epoxy wing-box capable

of meeting a worst-case battle damage tolerance criteria, while at the same time
obtaining a weight savings relative to a baseline metallic wing-box patterned after the

F- 14 titanium configuration.

The final wing-box design meets all these requirements. A significant advance-
ment in composite design technology was a new skin/spar concept that can sustain limit
loads in the presence of massive structural damage. This concept makes effective use of
hybrid laminates combining graphite/epoxy with fiberglass. As final verification a full-
scale test component was built and tested by firing a 23-mm HEI projectile directly into
a spar while the box was loaded to 4-g's in combined bending and torsion. After damage,
limit load in bending and torsion was successfully applied, followed by ten cycles of two-
thirds limit load to verify full flight capability.

2.0 PROGRAM DEFINITION

The first major program decision was the selection of the F- 14 wing as the baseline
configuration. Design attention was directed at the mid-span section shown in Figure 1.
The external geometry, applied load conditions, and general design criteria of the F-14
wing were retained throughout the development.

Specific design requirements and criteria, summarized in Figure 2, were mutually
agreed upon by Boeing and Navy personnel early in the program. The General Design
Criteria incorporate the design requirements of the F-14. The Structural Weight
Criteria requires that the battle damage tolerant fiber composite wing-box weigh 25-
percent less than the titanium F-14 baseline wing-box.

The Battle Damage Tolerance Criteria require the wing-box to survive a worst-
case hit by a 23-mm HEI projectile while undergoing a 4-g maneuver and be capable of
limit load alter the hit. Cruise home and landing capability after damage is also
required. The limit load conditions consisted of 7.5-g maximum positive bending and
3.0-g maximum negative bending. The worst-case hit was defined as a direct hit into aP spar. In effect, these criteria mean virtual invulnerability of the structure to the 23-am
HEI projectile. This is a very stringent design objective, especially in conjunction with
the weight savings objective.

Design developnent of the battle damage tolerant wing-box was started in 1972
under Contract N00019-72-C-0433 as indicated in Figure 3. This initial work (Ref. 1)
defined the impact of the battle damage tolerance design criteria on weight and cost for
many types of structural configurations, including metal designs. In addition, a prelimi-
nary wing design concept using graphite/epoxy was developed that met all requirements.

* iA second contractual effort In 1973, N00019-73-C-0501 (Ref. 2), verified the flutter
* performance of the damaged wing-box. The work reported herein was done under the
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third contract of the series (Ref. 3), and includes final development, fabrication, and
demonstration by ballistic testing of a full-scale graphite/epoxy wing-box component.

The design problems associated with developing wing structure that meets the
battle damage tolerance requirements include overcoming the effects of:
o Extensive fragment and blast damage to skin and substructure;
o Dynamic internal load redistribution resulting from severed elements;
o Pronounced notch-sensitivity of graphite/epoxy.

Figure 4 illustrates the high damage sensitivity of graphite/epoxy laminates. The
figure compares the residual tensile strengths of ballistic damaged graphite/epoxy and
7075-T6 aluminum alloy, one of the more damage sensitive aircraft structural materials.
The graphite/epoxy shown is even more damage sensitive than the 7075-T6, losing
50-percent of its tensile strength when containing ballistic damage one inch in diameter.

Innovative design approaches were developed to circumvent this damage sensitiv-
ity, by taking advantage of the considerable design flexibility afforded by graphite/
epoxy.

3.0 PRELIMINARY WING-BOX DESIGN

Based on an assessment of the design problems relative to the capabilities of
composites, the preliminary wing-box concept shown in Figure 5 was developed. This
was a four spar graphite/epoxy configuration with stiffeners between spars. A feature
for battle damage tolerance was the use of a skin laminate that contains no 0-degree
graphite/epoxy. Because of the resulting low spanwise stiffness) the skins carry virtually
none of the spanwise bending loads. These loads are carried in the spar caps by high
stiffness chords of 0-degree graphite/epoxy.

The effectiveness of this approach in improving battle damage tolerance sterns
from the fact that 0-degree graphite/epoxy in the skin laminate causes the high notch
sensitivity mentioned above. Taking the 0-degree graphite/epoxy out of the skins and
putting it in the chords results In a more ductile and forgiving skin. The fracture
toughness of the +45 graphite/epoxy skin laminate was further enhanced by adding 00
S -glass, forming an interply hybrid laminate.

The four spars provide multiple paths for the wing loads and are sized so that limit
load can be sustained with any three surviving spars. D)uring the concept design study
(Ref. 1), an assessment was made of the efficiency of two, three, and four spar
configurations in meeting the battle damage tolerance criteria. As Figure 6 shows, four
spars provided the saiallest weight penalty for this configuration and threat.

4.0 DESIGN DEVELOPMENT

With the design concept described above as a starting point, the developmlent

activity was organized into the three phases shown in Figure 7. Material selec-tion,
design analysis, and ballistic damage assessment were accomplished In Phase 1. Phase II
included dttail design, subcomponent verification testing, and further ballistic damage
assessnent. In I1hase 111 a full-scale wing-box incorporating all final design features was
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BATTLE DAMAGE TOLERANT WING STRUCTURAL, DEVELOPMENT
PHASE I(Contract N00019-75-C-0 178)
PRELIINARYNavel Air Systems Command

DESIGN AND
ANLSIJ

0 Preliminary configuration
* Material screening
0 Coupon tests
* Panel tests

4 * Hybrids
* Fiber orientation
* Ballistic damage under load
a Hydrodynamic ram
* Fragment damage
* 23-mm HE damage

* Box tests 23-mm HE PAEI

DESIGN VERIFICATION

* Built-up panelsPHSIl
* JointsPHSII
* Spar beam WING BOX

23-mmHE dmageVERIFICATION
0 Fabrication drawings

for final wing box 0Wing box fabrication
test * 23-mm HE impact under load

0Demonstration of structural
performance wiih damage

ADDITIONAL BATTLE DAMAGE TECHNOLOGY DEVELOPMENT
(Under add-oos to NOCO 19-75-C 01 78)

(P000303) COMPOSITES TO BLAST

OR BI-FC code development
e Verification tasting

(P0000) -- ~ ~ THICK SKIN

* Coupon test&
* Panel tests
a Fraciure
* Pon. rratot dame
0 Ballistic responu tvnr load
0 Thmckness effects

o Box tesis 23,mmHE

1976 19777 1978 1979
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fabricated and successfully tested under load against the 23-mm HEI projectile. Figures

8 through 12 illustrate key activities and tests performed during the phases and add-ons.

In addition to configuration development, two further technology developments
were made under contract extensions. Under Contract Modification P00003, a finite
element analysis program (BR-IFC) was developed that predicts the response of fiber
composite structure to blast pressures. Under Contract Modification P00010, ballistic
damage response models were developed for thick 0,+45,90 graphite/epoxy laminates.

The design of the wing-box was developed using the battle damage tolerance design
approach shown in Figure 13. The final structural design, shown in Figures 14 through
17, includes all the general configuration details employed in the preliminary concept:
graphite/epoxy construction, four spars with integral chords of 0-degree graphite/epoxy,
stiffeners between spars, and bolted attachments.

The containment of large ballistic damages in graphite/epoxy tension surfaces was
achieved by developing a damage tolerant skin combining +45 graphite/epoxy with
0-degree glass/epoxy thus forming an interply hybrid laminate. Figure 18, gives an
indication of the improvement in fracture toughness obtained by combining +45 T300/934
graphite/epoxy with O-degree S-GL/1002 glass/epoxy.

Ballistic testing using 23-mm HEI projectiles showed that the optimum method of
using the hybrid laminate was constructing the skins in a "waffle" configuration, placing
the hybrid laminate only at the spar, rib and stiffener interfaces. The laminate within
the waffle cell is +45 graphite/epoxy.

The high fracture toughness of the hybrid pads prevents crack propagation across
the skin. The pads also resist and control damage imposed by the severe internal blast
pressures generated by the threat. With this concept, skin failure under blast or
hydrodynamic rain pressures occurs by local bending within the cell as shown in Figure
19. The thinner skin segment between pads "blows out," confining the damage to the
single cell, and prevents splitting and detaclhnent at the fasteners.

The large cross-section, 0-degree graphite/epoxy spar chords, integral to the spar
web, are an important program design developiient. This design provides a highly
desirable "soft" load path between the spars and the skin for redistributing spar chord
loads following severance of a spar due to ballistic impact. Test and analysis demon-
strated that bolting the spars to the skin through a +45 graphite/epoxy shear flange
induces bearing failures along the flange, thus redistribtting the severed %par loads away
from the damaged region and reducing the tensile stresses contributing to propagation ofL damage across the skin.

The final wing-box design mets the target weight saving of 25-peorcent relative to
the titanium baseline wing. Figure 20 shows weight summaries prepared at several
stages of design development. The March 1976 wing-box configuration met all desig
requirements, and was substantially lighter than criteria. This margin was used to
Increase the 0-degree graphite/eimxy in the compression spar chords, to improve

. resistance to delanination caused by direct fragletmt impacts.
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TENSILE COUPONS 0 Provided material property Information including ultimate
strength, strain-to-failure, and stress/strain curves

I e Verified quality and consistency.of material and processing

j

SAWCUT FRACTURE PANELS 0 Established relative fracture performance of various ±45 deg
graphite/epoxy systems Including effects of hybridization with

40-deg S-glass epoxy and comparisons with other fiber orientations

BALLISTIC IMPACT PANELS * Established relative ballistic response of various ±45-deg graphite/
epoxy systems including obliquity effects, damage characteriza-
tion. and ultrasonic scan

!. ."
.0.

LOADED BALLISTIC IMPACT a Determined strength degradation due to load at Impact for cau .
PANELS 4 dldate fiber/resin layups Including panel residual strength with

* . i ballistic damage and effect of load on dama extant

SPAR/SKIN SNTEGRATION FRACTURE * Provided compariwn of fracture performnce of vulous sp t/skin
PANELS Integration conc.ts with on. tpa chd savord

Figure a Batrt4)mae Toterit Wing Structu a/ Dew/opment- P/we I Tests
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SPAR/SKIN INTEGRATION BALLISTIC * Provided comparison of various spar/skin inlegration concepts
PANELS when impacted at a spar chord htile under load

I-U

BOLT BEARING * Established bearing strength for various candidate skin/flange
laminates

23-mm REPLICA BOX PANELS 0 Provided 23,mm HEI entry and exit damage information for
various candidate skin laminates In replica wing cell

1 Included the effects of Internal blast

0 Provided comparison with aluminum

HYDRODYNAMIC RAM PANELS a Determined structural respbnse of various skin materials to
intense fluid pressures (imllr to blast pressures)

THREE-SPAR, ONE BAY BOXES (2) a Provided Information on 23nmm HE damage type andI extent for the candidate wing confiuration

i 0!

F M Fig8t £. &AtteD g Toilet Wing Stnxiural DeoelOmenr- P I Ts
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0 Developed a spar cap desin that can be fabricated easily and )
readily

SPAR CAP
MANUFACTURING
DEVELOPMENT

e Verified the fabrication approach and structural integrity of the
k., spar beam design

PARBAM
STRENGTH TEST

@ Established the banding moment at falure for the hybrid pads
for attachment design to resist Internal blast

SKIN BENDING
TEST

i *0 Established the tension load at skn detachment for attaclument
design to resist internal blest

SKIN DETACHMENT
TEST

* Verif led the spar/skin attachment for tansion loads fromn blast

SPAR/SKIN
INTERFACE

VP TENSION TEST

[ j - * Vatlied the riblikin stahowit fat -tension loads from blat

I I I RIBISKIN

TENSION TEST

Flowr Yat w&eD~TokWans Wiig Stnucuua D&qMwt-ftase 11 T"st



SPARSKINATTCHMET 0Verified the spar/akin attachment for shear strength
STRENGTH VERIFICATION

HYDRODYNAMIC RAM PANEL *Determinod structural response of graphite/glass hybrids to fluid
TEST pressures and verified hybrid Pad concept

SHEAR FRACTURE PANEL * Verified skins for shear
TESTS

* ,* / Established shear fracture failure stress

SEVERED SPAR LOAD 9 Demonstrated load redistribution from severed spar through
REDISTR IBUTION bolted spar/skin attachments
TESTS

*Establihed Influence length tot bolts transmilttng severed spa

* Vtified -*if flt" skin dilgr with hVbtd pads to pnedesermian
THREE BAYgd front 23"m HE

TEST Box

Roi~ue 11. Sattibamagu-Tokratit Wing Suu-Wa DewkPmnt- phaw 11 rems



FULL-SCALE WING * Demonstrated battle-damage-tolerant wing response to
BOX VERIFICATION 23 mm HE impact under load and structural performance
TEST with damage

0 Verified battle damage tolerance design criteria

Figure 12 Battle-Damage- Tolerant Wing Structural Test-Phase Ill Test

Develop damage resistant/tolerant load paths Develop damage containment

* Develop damage-size model * Improve fracture toughness of skin
* Define load path geometry - Predetermine damage model
* Develop finite-element model * Provide crack arrestment
* Model damage 9 Reduce dynamic effects
• Find internal loads (with damage) 9 Design details for damage resistance and tolerance
* Resize for damage capability

Figure 13. Battle Damage Tolerant Design Approach
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GRAPHITE/EPOXY CONSTRUCTION
PROVIDES WEIGHT SAVINGS AND
DESIGN FLEXIBILITY

BOLTED SPAR/SKIN INTER-
FACE PROVIDES SOFT PATHLOW MODULUS SKINS CARRY FOR LOAD REDISTRIBUTION

WING TORSION AND FUEL FROM SEVERED SPAR
PRESSURE LOADS ONLY

SPAR CHORDS CARRY WING
BENDING LOADS

MULTIPLE SPARS REDUCE
SENSITIVITY TO SPAR WEB .DAMAGE eo°m

SPAR SPACING PREVENTS
MU LTIPLE SPAR LOSS F ROM

*SINGLE 23mm HE IMPACT i

HYBRID SKIN PADS PROVIDE
DAMAGE CONTAINMENT
("WAFFLE" SKIN)

Figure 14. Battle-Damage- Tolerant Wing Final Design-Design Summary
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GRAPH ITE/S-G LASS/EPOXY
HYBRID SKiN PADS ALONG
SUBSTRUCTURE PROVIDE
DAMAGE CONTAINMENT
'PREDETERMINE SKIN BEND-

ING FROM BLASTPRESSURES
. STOP LATERAL PROPAGA-

TION OF DAMAGE CRACKS
LOW-MODULUS GRAPHITE/
EPOXY SKINS CARRY WING
TORSION AND FUEL TANK
PRESSURE LAODS .

±45-deg GRAPHITE/ ,
EPOXY BETWEEN -"R ,HITE"EPO.
HYBRID PADS 0-deg S-GLASS/EPOXY HYBRID PADS

AT SPARS AND STIFFENER S

JP±45-deg G RAPH ITE/E POX Y
0/90-deg S-GLASS/EPOXY
HYBRID PADS AT RIBS

±45-deg S-GLASS/EPOXY STIFF-
ENERS RIB-TO-RIB BETWEEN
SPARS

Figure I& Battle-Damage- Tolerant Wing Final Design-Skins
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WING BENDING LOADS ARE MULTIPLE SPARS REDUCE
CARRIED IN CHORDS OF SENSITIVITY TO SPAR WEB
0-deg GRAPHITE/EPOXY IN DAMAGE
THE SPAR CAPS

0-deg GRAPHITE/
i! . EPOXY SPAR

• CHtORDS

±45 GRAPHITE/
EPOXY SPAR

FLANGES " o

±45-deg GRAPHITE/EPOXY RIB~WEBS

SPAR SPACING (DETERMINED
FROM 23-mm HE DAMAGE
MODEL) PREVENTS MULTIPLE
SPAR DAMAGE FROM SINGLE
23.mm HE IMPACT

Figure I6. BattleDamageTolerant Wing Final Design-Spars and Ribs
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BOLTED SPAR/SKIN DSG
PROVIDES SOFT PATH FOR
LOAD REDISTRIBUTION
FOLLOWING SPAR CAP
SEVERANCE

ALUMINUM REINFORCING
BLOCKS AT RIB/STIFFENER

INEFigE 1.Btl aig.Tlrn 9FnlDsg-tahet
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GRAPHITE/GLASS HYBRID LAMINATE

±45 Graphite/epoxy fabric--

0-cieg S-Glass tape

0.020-* ±45 graphite/epoxy
2 a 0 i45 graphite with 17%

E0-deg S-glass
~ f A t45 graphite with 23%

0-deg S-glass
~0.015- a ±45 graphite with 35%

Odeg S-glass
r-ANALYTICAL

-~ PREDICTIONS

0.010-%&

10/±i4590)) GRAPHITE/EPOXY
ITYPICAL RESPONSE)

c 01I
0 1 2 3 4 5 6 7 8

2a, DAMAGE SIZE (inches)

Figure 18. Danwne Contas/nment Improvement From Adding
O-deg S-C/ass to ±45 Graphite/Epoxy
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Battle damage tolerant wing
Titaniunt (graphite/epoxy four-spar box)
baseline
(two-spar box) October 1974 March 1976 June 1977

Maximum strain for sizing 0.0060 0.0053 0.007

Skins
Upper skin and pads 44.0 23.4 21.8 21.8
Upper stiffeners 12.9 4.4 1.6 1.6
Lower skin and pads 37.0 20.8 22.6 22.6
Lower stiffeners 9.6 3.5 1.6 1.6

Spars
Upper chord 9.9 7.2 7.9 16.25
Lower chard 15.0 5.9 13.8 16.25
Webs 14.1 21.4 27.5 27.5
Web stiffettars 3.1 - -

Radius blocks -3.1 3.1

Ribs
Webs 6.5 3.8 11.1 1111
Radius blocks -1,8 1.8
Skin attachment fittings- 6.3 61

Miscellaneous fasteners, bonds, etc. 26.9 15.0 4.6 4.6

Totals 178.0 106.4 '122.7 133.5

Percent 100% 59% 6%75%

TARGET

Figure 20, Battle Damage Tolerant Wing Weight Summary WIH



5.0 DESIGN VERIFICATION

The contractual effort was directed at developing a wing structural configuration
that is virtually invulnerable to a 23-mm HEI impact, with a 25-percent weight savings
over the titanium baseline. The program culminated in the fabrication and testing of a
full-scale three-spar wing-box component incorporating the battle damage tolerant
design features developed during the program. The box was fabricated using methods
developed during subcomponent verification, then tested according to the criteria
defined at the beginning of the program.

As indicated in Figure 21, the test box was loaded in combined bending and torsion
to the 4-g condition, and a 23-mm HEI round was fired into the center spar cap at the
tension surface. The component survived the impact with no indication of structural
failure. After the impact, the bending and torsion loads were increased to the 7.5-g
limit load. The damaged box successfully sustained these loads. Ten cycles of two-
thirds limit load were then applied, demonstrating the 2-hour cruise capability after
damage. The component was then loaded to failure, which occurred in a compression
spar cap at 8.6-g's.

These tests demonstrated that the structural design meets all residual strength and
stiffness requirements after damage from a worst-case 23-mm HEI hit. The battle
damage tolerant design features that were verified include:

0 The structural integrity and damage tolerance capability of +4,5 graphite/epoxy
skins combined with ighly loaded spar chords of 0-degree graphite/epoxy.

o The effectiveness of the multi-spar configuration and bolted attachment design iII
surviving dynamic load redistribution after 23-mm HEI ballistic impact.

o The effectiveness of the "blow-out" skin panel design in controlling damage caused
by the internal blast pressures amd fragmnents of the 23-m HEI Projectile.

o The effectiveness of the graphite/glass hybrid pad crack arresting design for
containing large ballistic damage in tension surfaces, including the case in which a
spar chord is severed.

In addition to battle damage tolerance, the weight criteria for the wing-box was
easily met.

Figure 22 shows full scale wing-box test component in final stages of fabrication.
In Figure 23, it has been mounted in the load fixture at loeing's Tulalip Test Range. The
hydraulic actuators used to apply bending and torsion loads are visible in the photograph,
as is the target marker for impacting the spar beam with the 23-mm HEI projectile
under the 4-g load condition. Figure 24 is a photograph of the damage to the tension
skin following impact by the 23-nm HEI. The severed spar cap and rib web required for
the worst-case damage criterion are clearly visible. The undamiaged spars successfully
picked up the ext-a loads frorn the severed spar cap.
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The photograph of the tension skin in Figure 24 was taken following successful
dpplication of limit loads to the damaged wing-box. A crack can be seen in the upper
right of the damage which propagated to the nearest hybrid pad and was successfully
arrested by the pad. This verified the crack arresting capability of the pads, and the
analysis methods developed for predicting the fracture characteristics of fiber composite
materials.

The damage to the compression skin is shown in Figure 25. The raised segment of
skin resulting from "blow-out" between the hybrid pads is quite evident. This occurred
under blast pressures, thus venting the pressures and preventing attachment failure and
extension of damage beyond the impacted cell. This response verified the "waffle" skin
configuration using graphite/glass hybrid laminates.

Evidence of the final failure is also visible in Figure 25, which occurred at the
compression spar cap at 8.6-g's. The skin buckled along the lower spar and above the
central spar, with some skin detachment. The tension skin never failed.

CONCL USIONS

The successful results of this development demonstrate the versatility of fiber
composite materials. This versatility provided the design alternatives needed to
configure structure that is both lighter and more battle damage tolerant than current
metallic configurations. Comnbat aircraft incorporating this capability can have a
significanitly higher probability of mission completion and safe return. In addition, the
high level of battle damage tolerance provides the option for repair deferral which can
be a great advantage in short war scenarios.
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THE RESPONSE OF ADVANCED COMPOSITE STRUCTURES TO HIGH EXPLOSIVE BLAST
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ABSTRACT

This paper describes the modification of an existing finite-element
blast response program (the BR-i) to allow it to use laminated composite
rectangular and triangular plate elements and a test program in which
thirteen graphite/epoxy panels and six aluminum panels were subjected to
blast loadings. Good correlation was obtained between the test results
and analytical predictions.

INTRODUCTION

The effects of high explosive blast damage on composite aircraft
structures consist of fragment damage and blast pressure damage. In
fragment damage numerous holes are produced in the structure, each of
which acts as a stress concentration. Blast pressure damage is produced
by the reflected and confined gas overpressures and is a transient
dynamic process in which the pressure is applied for a relatively short
time, imparting a high velocity to the affected sections. Deflections of
over an inch can be produced in typical aircraft panels, producing high
stresses and strains in the process. In order to evaluate the effect of
fragment damage on strength, it is necessary to determine if the fragment
damage will extend and link up under this stress. Thus, a transient
structural analysis capability is needed to attempt an analysis of blast
damage in composites.

There are several eleastic-plastic dynamic computer codes available,
as shown in Table I. BR-lA, ANSYS, MARC, and STAGS-C are dynamic
response analysis codes using isotropic elastic-plastic stress-strain
laws. ANSYS and STAGS-C have elastic laminated orthotropic capability.
However, the BR-IFC is the only program with laminated orthotropic
elastic-plastic capability. In addition, the BR-lA and BR-IFC use the
blast routines developed by NOL (1) to compute the blast pressure and

a: fragment dispersion on each element as a function of time for several
popular high-explosive shells, while MARC, ANSYS and STAGS-C require hand
input of pressures and times to simulate a blast.
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Table I. Finite Element Programs for Blast Response Analysis
(All Programs Have Large Displacement Transient Analysis Capability)

Capabilities

Computes
Laminated blast pressure

Programs Isotropic Orthotropic orthotropic Elastic plastic for each
time increment

BR1-FC .X X X

X X
MARClX X

x K
X K

ANSYS X Elastic only

BR-1A XX X

STAGS-C X X

(Finite diffefence) X Elastic only

The BR-1 (Blast Response) computer code (2) developed by J. Brass,
M.J. Jacobson and J.R. Yamane of the Northrop Corporation predicts the
response-to-failure of metallic aircraft structural panels and
compartments exposed to the blast fragments of internally detonating high
explosive projectiles.

The BR-i code uses the equations of dynamic equilibrium, developed
orginally by Salus, IP and Valderlinden (3) and extended by Witmer and Wu
(4) to determine the transient response of a finite-element model subject
to time varying loads. The equations of dynamic equilibrium of the form:

Where F) consists of a vector of internal loads and body forces, (P)
and are the nodal forces resulting from member internal
stresses, M is the structure mass matrix and |q*) is the vector of
nodal displacements.

. Equation I is integrated numerically using a finite difference

method, as. described in Reference 2, to find the incremental and total
displacements at each time step. The incremental and total strains and

:tmm~188



stresses are then determined using the element strain-ditplacement
relations and the material constitutive equations. The P} a d [H] q*)
forces are then used to determine the vector of nodal forces C) and the
acceleration . The incremental deflection vector for time increment
i+1 is then:

(A i+ 1 :4 fq'Jt! + At2 (*q4 )t! (2)

This process is repeated for each time step until a failure occurs or
the specified number of steps are completed.

MODIFICATION OF BR-1 PROGRAM

A similar capability was needed for fiber composite structure because
of the increased usage of orthotropic materials such as graphite/epoxy
for combat aircraft. Consequently, work was initiated to extend the
structural analysis portion of the of the BR-1 code to include fiber
composite analysis capability. The BR-IA version of the code, which
contains triangular plate elements, rectangular plate elements, and beam
elements, was selected for the modification.

The modified code has been designated BR-1FC (Fiber Composite). The
modification is an additional capability, i,.e., full BR-1A capability is
retained. The modification to enable the BR-lA code to analyze laminated
composites consisted of replacing the isotropic elastic-plastic
stress-strain relations with nonlinear orthotropic laminated plate
equations of the type developed by Sandhu (5). In the Sandhu method,
stresses and strains are computed in each layer of the laminate at a
given load level and used to determine the moduli in the layer coordinate
system. The moduli are then used to calculate the laminate stiffnesses
for use in determining the incremental stresses and strains due to the
next load increment.

A spline fit method was used to interpolate between input points in
the stress-strain curves to determine the stresses and moduli. A layer
is defined as having failed in a given direction (fiber direction,
transverse to fiber direction or shear) when the strain itn that direction
is greater than the maximum value input for its stress-strain curves.
The BR-1FC program requires tension and compression stress-strain curves
to define the stress-strain behavior of a laminate.

The BR-lFC code was compared with the STAGS-C finite difference
transient analysis code using a fixed ended beam model idealized with
plate elements and subjected to loadings by a step function pressure
load. Several thicknesses and loadings were modeled with good
correlation obtained between the two codes, as given in Reference 6.
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BLAST TESTS

A test program consisting of blast testing of several panels was
conducted to provide a check on the predictions of the BR-1FC. Each 13"
X 13" test panel was mounted in a fixture with edge attachments
simulating aircraft wing type joints, as shown in Figure 1. A small
spherical charge of C-4 explosive (equivalent to the Russian 23MM HE) was
detonated at varying distances from the panels. Blast pressure versus
time plots were produced at two points on each panel. Panel deflection
versus time plots were produced for the panel center and two other points
on the panel.

The test setup consisted of a charge suspended in the center of a
spherical blast chamber, with the panel positioned at the required
standoff distance and supported by an aluminum angle frame mounted on
four steel support beams. A second frame on the opposite side of the
charge supported the pressure gage assembly.

Panel displacement was measured by photographing a silhouette along
the rear surface of the panel with a Barr and Stroud hgh-rate framing
camera. The maximum frame rate obtainable with this camera is one frame
per microsecond (1,000frames/sec) although it was slowed down to between
7 and 14 frames/microsecond for this test program.
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This was done to get the maximum time span recorded on the 28 frames
in the camera. A flash tube was used to provide a back light to
silhouette the panel. A diagram of the test setup is shown in Figure 2,
showing the 3-foot diameter spherical blast chamber, test panel, pressure
gages and camera. Figure 3 is a photograph of the test setup with the
camera on the left and the blast chamber on the right. The camera is
directed through the viewport in the center of the sphere. Figure 4 is a
photograph of the interior of the blast chamber showing the panel, gages,
charge, and support fixtures.

The reflected-pressure gages were carbon elements bonded to the face
of a 2-inch thick Plexiglass plate. The Plexiglass was then fastened to
an aluminum frame similar to the panel support. The Plexiglass provides
the mass to reflect the air shock, and the two-inch thickness delays the
rear surface reflection for approximately 37 microseconds. Although the
finite thickness of the carbon elements cause some internal reflections
and resulting fluctuations in the signal, the overall peak and decay of
the pressure pulse are considered to be valid.

The detonator was fired by discharging a .5 Pfd capacitor charged to
2 KV. This mode of firing provides a firing delay of less than 5
microseconds, allowing accurate timing of the event relative to the
camera and gage recording. The charge consisted of a measured quantity
of Composition C-4 molded around a U.S. Flare NND-211 detonator. The
charge assembly was taped to a net of lock stitch tied to the support
beams providing a stable location at the center of the chamber, as shown
in Figure 4.

The panels were 13-inch square and were fastened to the 1"X " X
13/16" angles of the frame using 10-32 bolts on 1-inch centers. This
provided an opei exposed surface 11-inches square and a 12-inch support
span. A reference wire was also attached to the aluminum frame to
provide a fixed line and scale for displacement measurements.

The actual firing sequence was controlled by the camera. When the

camera reached the preset speed a timing pulse was generated that started
K delays for the detonator, flash unit, and the scope sweeps. The timing

of these events was recorded on a raster scope along with a marker
pulse. A camera pulse every half revolution of the mirror was recorded
on the raster scope to provide an accurate measurement of camera speed.
On the later shots the camera tachometer was also recorded since the
regular timing pulse had failed to appear on some of the shots. The
tachometer speed measurement was less accurate than the normal timing
pulse but did provide a usable speed measurement.

Figure 5 is an enlargement of the film taken by the Barr and Stroud
camera for shot 16. In the picture the panel is seen in silhouette at
the bottom of the frame with a reference wire shown above. The reference
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Figure 3. Test Arrangement Showing Comer and Blast Chamber
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wire has three vertical posts attached to it with the center post
indicating the center of the panel. The time after detonation (in
microseconds) is given for each frame. The figure shows a BR1-4
composite panel in which particles of epoxy are seen leaving the panel.
The point at which the first fragments are seen is near the peak
deflection reached by the panel, indicating that considerable damage has
occured, which can also be seen in the post shot photos. Post shot
photographs of several panels are shown in Figure 6.

COMPARISON OF TEST RESULTS WITH BR-i ANALYSIS

A list of the panel designs used in the blast test program is given
in Table II. Three panels of each design were constructed. T300/934
graphite/epoxy was used for the laminates, with 7075-46 bare aluminum
sheet used for the aluminum panels. Aluminum angles were bolted to the
panels to simulate the edge conditions normally found in aircraft wing
structures.

The finite-element model used in the BR-I runs is shown in Figure 7.
The edge beams were modeled as tees in the program since angles are not
available in the BR-I.

Table II shows the blast distance and charge weight for each test as
well as the time interval which was captured on film and the maximum
deflection recorded. The inital shots were filmed at a frame speed of
about 7 microseconds/frame, starting at 100 microsecond after detonation,
so that the peak deflection occurred after the last frame had been
exposed. The camera was then slowed down to the 12-14 microsecond/frame
region and the first frame was delayed to about 300-400 microsecond after
detonation in order to capture the maximum deflection within the 28
frames in the camera.

Figures 8 and 9 give a comparison of the predicted center deflection
vs time for the aluminum and laminated composite panels with the results
of several test shots. The aluminum panel tests given in Figure 8 show
good correlation with the predicted deflections. The predicted peak
deflection is consistantly slightly lower than the test peak deflection
and occurs before the test peak deflection. A model with more node
'points would probably have produced better correlation, both due to the
better modeling of the structure and due to the better modeling of the
blast loads, which are applied as nodal loads.

Predicted failures are indicated on the plots by X's with a letter
showing the type of failure predicted. OM" indicates the first matrix
failure which occurred in the panel, which is usually due to a transverse
tension failure. "F" indicates a fiber failure in which the fibers have
failed in some layer, Each time step during which at least one fiber
failure for the composite panels, has occurred is indicated with and "F"
while only the first matrix failure is shown since every time step after
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Table IA Blast Test Summary

Blast Time Max
Panel laminate Thickness distance Charge Shot interval deflection

In (mm) (in) no. filmed measuredIn (mm) (s) in (mm)

BRI-1 (+45) .A43 (363)
-2 4+45) .143 (3.63)
-3 (+45) .143 (363)

BRI-2-1 (01+4590) .119 (302).
•2 (0/+45/90) .119 (302) 6 (152) 139 10 412-800 .82 (20.83) A
,3 (01+45/90) .119 (3.02) 6 (152) 139 7 106.435 .62 (15.74)

BRI.3-1 (01+451090) .145 (363) 6 (152) 139 3 100.290 .23 (5.84)
•2 (01+4510/90) .145 (3.63) 6 (152) 13o 17 410.740 .80 (20.321 A
-3 (0 45/0/90) .145 (363)

BRI.4-1 (0/90) .098 (2.49) 6 (152) 139 16 330.720 1.20 (30.48) A
,2 (0/90) .098 12.491
.3 (0/9c0 .098 (2.49) 6 (152) 139 4 106-295 .46 (11.68) C

BR1.8-1 7075-T6 .100 (2.54)
.2 7075.T6 .100 (2.54)
,3 7075.T6 .100 (2.54) 6 (152) 130 2 100.226 12 (5.08)

8R141 7075-T6 .063 (1.60) 6 (152) 139 8 108400 .66 (1616)
.2 7075.T6 .063 (1.60) 6 (152) 13a 9 320.620 1.00 (27.68) A
• 3 70764T6 .063 (1.60)

8RI.7.1 (02/14490) .062 (1.511 6 1162) 139 6 93-270 .68 (17.27) a
:2 (0246M) .062 (1.671 to (2-541 l3g 13 LAM4P FAILURE
3 (0/2#45M) .062 (1.6?) 6 4162) 13# 18 316600 1.97 (0.04l B

8R141 (01+4642M) .071 (1.96) 6 (I21 13a 6 148,486 .91(3,11)8
:2 (044j90) .077 (1.96) 10 (264) 139 14 LAMP FAILURE
'3 (W4...) 077 (1.) 6 162) 130 19 01..20 1.... (299) A

OR14LI 1075.T8 .040 41.02) 6 (t52) 139 11 402145 1,48 (31.69) A
.2 7016.T .040 (1.02) 10 (264 13 12 20.640 .8122.361
-3 707646 .040 (1.02) 10 (2641 2N, 15 210.670 130 (3102)

A peak tdlcdon
a Pewr factw
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the initial failure would usually have several matrix failures. Station
failures are indicated with an "S", while node failures are indicated by
an "N". A station failure is indicated whenever at least three stations
in each element connecting to a node have failed, indicating massive
damage.

For the composite panels, the predicted maximum deflections were
generally close to those seen in the tests although the time at which the
peak occurred was usually underestimated by 100-200 microseconds. Panel
BR1-2 has a lower test peak than predicted while panel BR-4 has a higher
test peak than predicted. Test shot 3 for panel BR1-3 shows poor
correlation while test shot 17 shows good correlation. A possible
explanation is that the explosive failed to detonate properly in shot 3.
Another possible explanation is the camera, which tends to run
erratically when forced to run at the low speeds used in this program.
The deflection-time plots might have shown better correlation if a more
refined model had been used, although the correlation obtained seems
acceptable.

Table III gives a comparison between the damage observed in the blast
tests and the damage predicted by the BR-IFC program. It can be seen
that good correlation was obtained in that a prediction of fiber

Table !11. Correlation of Blast Panel Condition with Prediction

Panel Test Result BR.IFC Prediction

BR 1.2. No visible damage Small number of matrix failures predicted

BR 1-3. No vidble damage No failures predicted

BR 1.41,2 Cracks, some fibers broken Many matrin fI iluras oali number of
fiber failure

BR 1-7.1,3 Blown out of frame Many station failures, node failure

BR 14.1.3 Many fibers broken Many fiber failures, 2 station failures

Matrix failure , Transverse or shea failure In a fayer

Fiber failure Fiber fracture in a laver

Station failure inability of laminate to carry load at
one of the nine stations In the plate

Node failure - At lest 3 station falures In all
elements connecting to a node
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fractures correlated with broken fibers in the test, while a prediction
of station failures correlated with a severly damaged panel and the
prediction of a node failure correlated with a panel blown out of the
frame. Also, the prediction of no failure corresponds to test panels in
which little damage could be seen.

BALLISTIC TESTING

A section of the Battle Damage Tolerant Wing three-spar test box was
modeled using the BR-1FC code. This box was loaded to 53% limit bending
load and shot with a quick fused 23mm high explosive projectile during
the Damage Tolerant Wing program. The box design consisted of +45
fabric skin with spar caps consisting of bundles of 0 graphite-tape
encapsulated in +45 fabric. Glass fabric stiffeners were used between
spars to support the skin and feed the blast pressure loads into the
ribs. Figure 10 shows the BR1-FC model of the box, which consisted of 72
nodes, 60 plates and 36 beams. Only the exit skin was modeled, since the
entrance skin was expected to be almost entirely removed due to fragment
effects, based on our experience with this projectile. Figure 11 is a
plot of the Z deflections vs time for the three nodes on the exit skin
with the highest predicted deflections, with matrix, fiber, station and
node failures noted on the node closest to the given failure. Figure 11
shows that the deflection at the three nodes reached a peak and then
started to decline without any catastrophic failure. Experience with the
panel tests previously done led us to conclude that the test box would
survive intact, although with several areas of delamination and fiber
fracture. The test box was not instrumented to determine the panel
deflections during the shot so the predicted deflections could not be
checked. Several fragment penetrations were observed on the exit skin,
but the skin was still capable of carrying loads, as predicted by the
analysis. The box test is discussed further in another paper at this
conference.
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CONCLUSIONS

The BR-1FC produced good correlation with test data for the panel

tests consisting of an explosive with no fragments. It was also
satisfactory in predicting the results of a box test with a 23-mm HEI

explosive in that it predicted that the box would survive the explosion,
which was borne out of by the test.

Due to the combined effects of blast pressure and fragment
penetrations, a fracture mechanics approach would probably be required in

the general case. The stresses predicted by the finite-element analysis

would be used to determine if crack extension and panel removal would

occur.

The BR-IFC finite-element computer program could be improved by the

Inclusion of plate elements which include the effects of normal shear

stiffeness, which can be important in laminated composites.

An instrumented test of a wing box with stiffeners should be done to

obtain correlation with common aircraft structural elements.

Reference 6 provides a user's manual for the BR-1FC computer program

and gives further details on the panel blast test program.
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ABSTRACT

The stability of a flat rectangular composite plate with either clamped
or simply supported boundary conditions and subjected to tangential and lat-
eral loads which vary exponentially with one space coordinate is considered.
By using Liapunov's direct method, extended to continuous systems by Movchan,
three conditions sufficient to guarantee stability under extreme loading are
derived. The three stability conditions relate material properties, geometry
and loading conditions and may be used for design purposes. The paper ex-
tends to orthotropic materials the work done by Leipholz and Bhalla for iso-
tropic materials.

INTRODUCTION

Leipholz and Bhalla (1) considered the stability of a flat plate under
combined normal and tangential loading. The loading that they considered
was motivated by the storage of grain in silos. Some of the weight of the
stored material is transferred to the walls by friction, thus subjecting the
walls to vertical compression and hence buckling. It is apparent that the
silo wall undergoes a combined load composed of normal forces exerted on the
wall by the stored material and frictional forces acting along the wall.
Both these types of loads vary exponentially with depth. When the silo is
emptied, the friction may cause vibrations which can become very large.

In this paper, the exponential loading used by Leipholz and Bhalla (1)
is postulated and could come from aerodynamic loading or other sources as
well as storage of grain in a silo, The work in Leipholz and Bhalla (1) is
extended from isotropic to orthotropic material. If the material is iso-
tropic, the results in this paper reduce to those of Lhipholz and Bhalla (1).

The stability of the plate is analyzed by the second or direct method
of Liapunov as extended to continuous systems by !ovchan (2,3). A descrip-
tion of the method together with several examples of its application to
elastic systems is given in Knops and Wilkes (4). Liapunov's direct method
is an extension of the energy methods used by structural engineers. Tle
advantage of this method is that it is not necessary to solve the equations
of motion in order to determine the stability of a system, i.e., stability
may be determined directly from tie equations of motion.

204



The results of the stability analysis take the form of three conditions
which are sufficient to guarantee stability even under the influence of
extreme loading. The conditions relate material properties, geometry and
loads and may be used for design criteria. A convenient plot may be made
which displays the stable region in terms of system parameters.

PROBLEM STATEMENT

In this paper a flat rectangular composite plate will be considered.
The coordinates of the plate are 0 x : a, 0 y r b. The boundaries of
the plate are either clamped or simply supported. The plate is subjected
to a normal load

P n P[I (a-x)/r] ()

where P and r are positive constants.The plate is also subjected to a fric-
tional follower load acting along the wall in the negative x direction.

Pf =Pn P P= P[ -- (a-x)/r] (2)

Here P is the coefficient of friction at the surface of the plate. The
problem is to determine relationships among the parameters describing the
plate and its loading which will suffice to guarantee stability of the plate
under extreme loading.

LIAPUNOV STABILITY

Let Q be a vector whose components define the state of the plate,
i.e., the components of Q are the deflection and a certain number of its
derivatives with respect to space and time. Let 0 denote the Q vector whose
components are all zero. Let t be the time variable. Following Knops and
Wilkes (4), the point 0 is said to be stable with respect to the norms

po(Qt), p (Qt) if the following conditions are met:

p is a continuous function of t (3)

P1 is continuous with respect to p0  (4)

Given an >0, 6()>0 can be found such that (5)

P0(Qo~t0) < 6 implies 1 (O,t) < e for t a to

Movchan (2,3) has generalized to continuous systems the stability theo-
rem of Liapunov for discrete systens. The following theorem follows Knops
and Wilkes (4).

The state (0, t) is stable with respect to the norms p and p1 if there
exists a Liapunov functional M with the following properties:

M 1 0 (6)

Ms 0 (7)
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Given s>0, S(e)>O can be found such that p1>C implies M > 6 (8)

Given r>O, (C)>0 can be found such that p0 < 6 implies M < e (9)

Conditions (6) and (8) designate a functional which is called "positive
definite." To some authors this term implies only (6). The distinction is
important in the discussion of stability.

In the work that follows, pseudo-norms p0* and p.* will be used in
place of the norms p0 and p., i.e., the norms used will not involve all the
components of Q. The use ot the pseudo-norms means that the stability state-
ments do not exclude instability with respect to the omitted components.

DERIVATION OF STABILITY CONDITIONS

Fundamental Equations

For notational simplicity it is convenient to define the operator L(W).

L(W) - D W + 2 (D + 2D6) W + D W (10)11lxxxx 12 66 xxyy 22 yyyy (0
The differential equation of motion of the plate, subjected to a normal load
given by (1) and a tangential follower compressive frictional load given by
(2) is

L(W) + PP [(a-x) - r[l - W-(a-x)/r]IW + PW + aW

Pl-c(a-x)/rJ 11

where D i is the flexural rigidity of the plate

W is the lateral deflection of the plate

is the damping coefficient of the plate

p is the mass per unit area of the plate

The subscripts x and y denote differentation with respect to those variables.
Dots represent differentiation with respect to time.

The deflection W may be decomposed into its static and dynamic parts,
W and w respectively. By substituting

W W + w (12)

into (11) and separating the static and dynamic parts, there results two
equations

L(W + up (a-x) r(I pC - (13)i~ . oxx
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and

L(w) + uP + -UP [(a-x)a-xIr w + pw + w = 0 (14)

It is apparent that the static deflection W will be bounded, however,
the solution o (14) could be unstable.

The Liapunov Functional

In order to investigate the stability of the plate, the following
Liapunov functional is chosen
v B~w 2

M A [U(w) + pw 2 + 2-w + ww- JP(a-x)w

+ 1pr[ - &,-(a-x)/r] w 2 dA (15)

where

U(w)= D w + 2Dww + Dw + (16)11 xx 1 xx yy D22Wyy 466WXF

The first step is to show that the Liapunov functional is positive
definite. Note that

2 2 2 2

P +ae+ - mP( +A~ + 0 (17)
and that PPr[l - 0-(a-x) 2 (18)

Substituting (17) and (18) into (15) yields

H A U(w) - iP[(a-x) 2 ]]dA (19)

In Appendix B it is shown that if A is the lowest eigenvalue of the equation

L(w) + (a-x) w ]X 0 (20)
xx

subject to the same clamped or simply supported boundary conditions as the
plate, then

A U(w)dA .X1 (a-x)w2 dA (21)

Using (21) in (19) gives

l4 a P( " ) (a-x)wx 2 dA (22)

, rom (22) it is apparent that H will be positive definite if

up (23)
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This is the first stability condition. It relates the flexural rigidity

parameters D which affect X to the maximum load P which may be affected by
geometry.

The next step is to show that the time derivative of M is negative
definite

2D+ 2D (w W 'w w)(4A llwxx xx 12 xx yy xx yy (4

+ 2D w + 8D6xyW + 2Pw + +
22 yy yy 66 xy p

+ 8wi- 2)P(a-x)w w + 2UPr[1 - e-(a'x)/rw ]dA

By making use of the relationships given in Appendix A and the clamped or
simply supported boundary conditions, there results

f
A[2DllWxxWxx + 2Dj2+ Wyy '  x yy (25)

+ 2D2ww + 8D6WW dA=A w L(w)dA
22yy 66xyAy

and also

2VP[-(a-x) + r -£ -) %i ]w dA (26)

A Xi" "WI. 2PP[(a-x)-r[l - (a'x)/r llw

+ 21iP[-l + C (ax)/r]w ] dA

When these two equations are substituted into (24), the result is

1 - [2w[L(w) + Pw" + VIP[(a-x) -r(1 - C(ax)/r)Iw 1](27)

A xX'"; ? "+ (Ow + pw) + Ow -2 2P [1 -"d] A

The equation of motion of the plate (1.4) may be substituted into (27) in two
places to yield

1-A + -W(-L(w)-tiP(6i-x) -r(l C -x)/r)llw

-2Pl - E (O X/rwv dA (281

Now, again applying the results of AppLendix A

A Lw) d A U(w) dA (29)
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where U(w) has been defined in (16). Also

)[ (a-x) -r[l - C-(a-x)/r]j w dA (30)A pxx

S ) [[(a-x) -r[1 - (a-x)/r]]w 2
A P x

+ [-1 + C-(a-x)/r]ww x dA

Furthermore

(&Ii)(- + ,-(a-x)/rwwdAA p x

1f &P[_ :-(a-x)/r 2dA (31)

A pr

f f (P)[- 1 + £ (ax)1r1  dA

A p x
By combining terms in (31) there results

(-) [-I + E-(a-x)ri]ww dA
A px

& t- C-(a-x)/r ' (32)
A (2rp) "  dA

Substituting (32) into (30) and then substituting (29) and (30) into (28)
yields

- u(w) + [(a-x)-r[l - C-(a-x)/rllw 2  (33)A p x
- "2rP) £-(a-x)/r 2 2 aP (a-x)/rlwxj IA

%2rp x

NO Pr - £'(a-x)/rw 2  0 (34)
px

and -(a-x)r (3
2rp -

Hence using (21), (34) and (35) in (33) yields

".. - - 2 (36)

A p 1
- 2AP1 - I(a-x)/rlw dA

By the mean value theorem

/ 2 /2 (
A (a-x)w dAm fA 

A x
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where 0 m < a (38)

Hence < (2PP)mW 2

A P ( 1- x~m

+2iP (J. - E (a x)r I A (39)

Since Ow + 2,p, [i -(a-x)/riw + 2 2

x p1 lip
p[2 -e(a-x)/riwz + (1P 21 -- (a-x) Ir]2 2

x x

22

+ ) -(P) 2r2 (a-)/ri]2  2 (40)

will be positive definite if

0 > 2P(1 - C-(a-xllrv. (41)~(4i)V Mz I-

choosing

P) (42)

will guarantee that M is negative definite. (42) is the second stability
condition and may be used to establish a lower bound for required material
damping.

Boundedness of the Liapunov Functional

)efline the norms

- Iu I 2 + su i U(IV + 2  u j f  (43)

and
P;: sl up I w 1 (44)

In order to show that the Liapunov functional has an upper bound, the negative

terms in H can be dropped.
$(4":M S Ulw) + OW2 + -,- + Oww + JArw d (45)

Using the inequality

+ 2  3 *2 + (46)

in (45) yields
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M [ 2 + 2w2+ prw 2 ] dA (47)if! A 3 2Apr](8

Defining k Max [A pA, - ,PrA(

and using (43) in (47) yields

M4 : k P *2  (49)

Hence M has an upper bound.

In order to show that the Liapunov funtional is bounded below, some
positive terms in M can be dropped.

H [U(w) - p~P(a-x)w 2 J dA (50)

Since it is shown in Leipholz (5) that for the boundary conditions of the
plate

Aw xw yy dA-A Wxy dA (51)

the first term on the right hand side of (50) may be written in expandod
form as

• i!!f U1~d =A 2 2Db)x2

U(w)dA [ A w + 2(D12 + 2D)W + D , ,A : A ]1X 2 66X 2y dA (52)

If D is defined as

D- MHi [Dli, D1 2 + 2D6 6 , D22  .(53)

t:h1.A 1 1)[w 2 + 2y ] - Aj(a-x)w 21 (54)A XX xy + y

If (37) is applied to (54) and the positive term Pm 1 ubtractd, theA y
r esult is

M + 2 1 -i'M twx +2 y d (55)
Ax WXY +yy y

B~y using Poinear~'s Inequality f rom A4pendi% C, (55) tuy be transformed Into.
'/_ 2 2 + IA()•~ I D IN +v= ( .. w:: + w dA (.56)

H A[Dim w XX Xy yy
g2 aZ2.b 2

where V Max , (57)

By using Sobolevts inequality from Appendix C,tho above. inequality way be
written as.

M s ' up w 158
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Defining k. -Pk(9
1 2C

and using (44) in (58) yields

M k1  * (60)

14 will be bounded from below if k Iis positive. This gives the third stabil-
ity condition

DP S - (61)

Condition (61) may be avoided by uasing the norm

w 2 dA (62)
I A A

instead of (44). By substituting (21) and (37) into (50), the result is

M M(A -IjP)W 2 dA (63)

By Friedrich's inequality (Cl) of Appendix C

2 P A w dA (64)

2 A

1l01I..o M k2  l (65)

where A(66)2 2.
a

Conditioni (23) to wtdficieut to Suarautee that k will be positive.

Stability Considerations

Lot the iniitial. disturbance of tile dygtem in tom~ of OWe WIVU be

Co Li f t t (67)

Then cy (49) M kOO* k~ for~ t,. t0  (6t)

.thvevor, H it; nL-gative definite and therefore N does not knerease with tiMOM

kM. 0k
3  fottI t (69)

(60) together with; (69) tolio.a



> kl~l 2  ko2t
2 < kC for t t (70)
1 0 -0

or sup wi = < k C for tt 0 (71)

This implies that if the initial deflections of the plate are small in the

sense of p0*, then the deflections of the plate will be small for all time

in the sense of p1 if the stability conditions (23), (42) and (61) are met.

If instead, the norm p1 is used, then (65) and (69) imply

S2P <_ koC for t _> t (72)
k2p1  0 0o

2 - 2 2
or A wdA = C < £ for t > t o  (73)

As pointed out by Leipholz aod Bhalla (1), the stability criterion

based on p1 is weaker than that based on p * (71) guarantees that deflec-

tions will be small everywhere, whereas (7A) only ensures the smallness of

deflections in the mean square sense. This means that deflections may be
large in a localized area and that buckling may occur in that small area.

Thus there is a trade-off in the omission of condition (61) and the weaken-
ing of the stability criterion.

SUMMARY

In this paper three stability conditions are derived which are suffi-
cient to guarantee the stability of a flat rectangular composite plate with
loading in the normal direction given by (1) and in the tangential direction
by (2). The stability conditions are repeated below.

: (42)

P D * .(61)

These relations relate material properties, geometry, and loadings and may

be used for design criterion. The relationships are displayed in Figure 1.

The curve in Figure 1 comes from (42). Points falling in region I will be

stable in the sense of p1* while points falling in region II will be stable
in the sense of
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Figure 1. Stability Region
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APPEND)ICES

A. GREEN S TIIEORI4

The form in which Green' Theorem usually appears is

+~ + 9)dAm -d Qdx) (Al)

Here C is the boundary of the surfaeL A. Since Green's Theorem is used sev-
oral times in this paper, it is helpful to make sowe subvtitutiona into (Al)
in order to make it easier to use. B3y writing P -fg, Qu0 in (Al), the
two-dimensional analog of integration by parts results

E9fg dA + fgdy (2A A x C

B~y setting P'. fag- 0 in (Al), the result obtained is

A xx A xgx + ( x x

The use of P' 0, f 1 g -jg in (Al) yields1;Y
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dA (f f dx (AM)

A gdA fg dA g fg

Finally, setting P (f g- fg Q, Q (fg -fg)y y x x

provides

A f x gdA A fg ydA + C(f yg fg ) dy (A5)

-~ fg~)dx

In this paper all integrals on the boundary C will vanish due to the boundary
conditions. This fact is obvious for clamped boundary conditions while a
proof for simply supported boundary conditions may be found in Leipholz (5).

B. GENERALIZED STEKLOV'S INEQUALITY

Let X be the lowest eigenvalue of the equation

L(w) + X((a-x)w Jx 0 (Bi)
xx

where w meets either clamped or simply supported boundary conditions. Then

for any w which meets the boundary conditions

f 1 2
AU(w)dA X )A(a-x)w dA (B2)

LMw and UMw have been defined previously in (10) and (16) respectively.

In order to prove this result, lot 0 be the eigenfunction corresponding
to the aigenvalue X,O LOe.OP

L(Oi + )Xi[(a-x) OiI 0 (B3)

By applying the results of Appendix A, there results

-[axO ]d0400d B4)Ai A(u-x id

and

A j L(CA 11 i+ +x 1 2  66 ixy jxy

+ D22 1 ~ y dA (BS)

If$ (B3) is multiplied by *j and integratodo use of (814) and (15) yields

ALD11 12 + 66)o±xy jxy +D2'iyy jyyJ A ()
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4 .

- A. A (a-x)Pi4. dA 0 (B6)

Subtracting a result similar to (B6) with i and j interchanged from (B6)
gives

-A) (a-x) , dA 0 (B7)

i .j A ix dA 0 B

If X# A., this implies the orthogonality relationship

A (a-x) 4 i dA = 0 for i# j (B8)

Since a-x is positive in A and since the vanishing of 0ix in A would imply

vanishes identically in A due to the boundary condition i 0, it may be
assumed that the eigenfunctions are normalized by

f 2
A (a-x) ix dA = 1 (B9)

To show that the eigenvalues are positive, let i j in (B6). Then

U(Oi ) dA > 0 (BlO)

Assume that the eigenvalues are arranged in ascending order

0 < I - 2  A3 
< " ' "  (BI1)

To do an eigenfunction expansion, let

CO
Cl i -(B12)

Note that 0B
Wx J!l Cil x (B13)

Multiplying (B13) by (a-x) Oix' integrating and using (B8) and (B9) yields

-(a-x) x w dA- C (B14)

A ixx

Also note that

1 2 JD 2in i ~
(a-x)w dA A (a-x) w i C dA % (1315)

By making use of Appendix A and the previous results of this Appendix, the
desired result may be shown.

AU(w)dA A w L(w) dA w L(, C  dA
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i= ii ci A ix dA E - X w[(a-x) x A

° C X f~ A(a-x)  w ~dA  CO c 2xB6

- I i =Xl (a-x) Wx dA

C. INEQUALITIES

Friedrich' s Inequality

The vanishing of w on the boundary is sufficient to guarantee that

fw 2  .2 f 2 dA (Cl)
A A x

The proof may be found in Mikhlin (6).

Poinca re's Inequality

Poincare's inequality reads

AU dA <Z 2  (U 2 + U )dA +L(A udA) (C2)

A2 A x 2 1! 2AC

2 2 2
where £2 Max(a , b) (C3)

The proof may be found in Mikhlin (6).

Letting first u w w and then u rwy and adding yields

.f 2 2 2!1 2 2 2
Aw + w y)dA k (W A' 2w + w dA (C4)
A (x2 . A(Wx x  + Wy yy2

+ j(w dA) 2 1l wdA 2I :! + -A A ( xA) + 1 (A WydA)2

The last two terms vanish when w vanishes on the boundary since, by Appendix
A

w dA wdy 0 (C5)A x C

and wdA - wdx =0 (C6)
AyA

Hence (w 2 + Wy2) dA p2 IA (Wx2 + 2w 2 + Vy 2)dA (C7)Ax y Y X XY yy (7
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Sobolev's Inequality

If w vanishes on the boundary, then

sup wI' < C'1(w + +w 2  dA (C8)A-x X yy

where C is an appropriately chosen constant.

This result may be found in Knops and Wilkes (4).
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COMPRESSION STRENGTH DEGRADATION OF ADVANCED COMPOSITE STRUCTURES
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ABSTRACT

The ability to predicL the serviceability of advanced composite struc-

tures on an aircraft undergoing a service loading/temperature/environmental

spectrum is discussed. One of the critical factors is the degradation of

the residual compressive strength of the structure after spectrum loading.

There are two causes for this strength reduction. The primary cause is the
degradation of the matrix, resulting from the moisture/temperature environ-

ment. A secondary cause is the propagation of delamination-type flaws ema-

nating from flaw nuclei, causing loss of strength due to local instabilities.

Test results are presented for graphite/epoxy (Gr/Ep) coupons undergoing a

fully reversed loading/moisture/temperature spectrum enhanced so that maxi-

mum spectrum loading represents design limit load. Flaw growth rate was

determined by using a pulse-echo ultrasonic inspection technique at pre-

scribed intervals of the spectrum loading.

INTRODUCTION

It is now apparent that under conventional use advanced composite struc-
tures are indeed durable. However, the question remains as to whether com-

posites tailored to meet unusual requirements are still durable. In order
to predict durability under such conditions, it is necessary to understand

the physics of failure. Once this is accomplished, such questions as the

validity of accelerated testing schemes, adequacy of flaw detectability

devices, adequacy of geometric complexity simplification, etc, can be an-

swered with some degree of certainty.

The Advanced Composite Serviceability Program [1] systematically ex-
plored many of these questions. The approach used is shown in Table I. The

degradation of the residual compressive strength of the structure after spec-
trum loading apparently has two primary causes. One cause is the degrada-

tion of the matrix, resulting from the moisture/temperature environment.

This phenomenon has been extensively studied, and it has been found that,
although no serious degradation occurs below the glass transition tempera-
ture Tg, temperature excursions above Tg cause irreversible matrix damage.

This damage is characterized by crazing and the presence of "free" moisture
which invalidates moisture content experiments based on "Fickean" diffusion.
Another cause of strength degradation is the propagation of delamination-I type flaws emanating from flaw nuclei generated during the manufacturing

219

4A__ I



Table I Advanced Composite Serviceability Program Tasks

Phase Title Task Title Subtasks Reference

I Defect/Damage 1 Flaw/NDE Flaw Characterization 2
Detection and Assessment Flaw Detectability 3

Degadaion 2 Analytic Methods5
AssesmentDevelopment

3 Experimental Accelerated Test Techniques 4
Data Base Tension Coupon Tests 6, 7
Development Compression Coupon Tests

______________Bolted Joint Coupon Tests _____

4 inspection/
Acceptance
Criteria
Development

11 Structural 1 Fabrication Manufacturing
Elem~ent Plan NDE ____________

Manufacturing Development Cost Tracking_____

2 NormalI Element (27) Pr-oduction
ElIemen t Production Rate
Product ion Product ion Technique

3 Induced Flaw Element (72) Production
ElIemen t Manufacturing Plaws
Production Service-Induced Flaws

III ElIemen t I Mechanical BaseI ne Proj~ct
Serv ico- Testing EffecL of Defects _____

ability 2 Coupon Data
EvaluationCorlto

NOTE: Tht, work wa,4~ prr of the Adveincod Composit es Servi eenh flit y P rogram.
von t m t 11361 5-76-C-5344 , moni tored by Mr. Robv rt Net f of' the int nted
Staites Air Force Matorintl laiiorntory aind ,lvit ly sponsored witi the
Un ilted Staites Air IForev FliIght Dynnimul CHLaboratory, Rlokwo I I
larivtniv:ionalI, Nortih Amen evti Ali rna ft Di1visi4 on (NAAI), is the prm in
vonitrnuetor, sand tho Scelev Center is 11 vilge~trII r:artd to
1ttdy flaw letetabi 1 ItY. 11 iT lesareca l14"t it it; 1 I~ iio f: a'l alu teor
Ongagedt to pevrform till the entipoll teleMii, an1d Washlirl I m111 Uni s i v,

St. Louis1, W1 a Htmhomtator engagod to deve lop anmalyfl e techn iqties
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process or in service. Since these flaws are random by nature, a strictly

analytic treatment is impractical. An engineering approach relating initial
flaw size, damage propagation rate, and spectrum loading to residual com-

pressive strength must be used to provide insight to the phenomenon. This

paper will focus on this study. Data are presented from tests run during

the Air Force Advanced Composite Serviceability Program. Since the strength
degradation is predominantly associated with unstable localized regions, the

analytic treatment is limited to determination of stresses in the region of a

flaw to predict flaw growth trajectory. An empirical approach to determine
the growth rate is then used to obtain the final delamination extent from

which residual strength can be obtained. The treatment is based on a simpli-
fied model (8], the physics of which is the "billowing" of a localized

delaminated area caused by loading of an initially deformed plate. This pro-
duces moment resultants due to eccentric loading, which results in delamina-

tion-propagating stresses at the boundaries of the original delaminatcd re-

gion. Eventually, the delaminated region becomes unstable and thus cannot

carry more loading. This causes residual strength degradation.

COMPRESSION COUPONS

This paper discusses the compression coupon test data within the frame-
work of the determination of its durability under a service environment.

The coupon geometries are shown in Figure 1. This figure also contains a

description of the flaw types.

The selection criteria of the compression coupon stacking sequences was
to enhance the probability of delamination-type flaw growth. By contrast,
the earlier selection of tension coupon stacking sequences was guided by a
need to represent realistic design stacking sequences. Since the likeli-
hood of inducing delamination propagation is heightened as the elastic coof-

ficient Au1  increases while Du decreases, the compression stacking se-

quences c osen were those in wiltch the short transverse axial stresses (r
are maximized. The selected stacking sequences (those most delaminationl

prone) are:

Stacking Sequence Ply Orientation

1 [(90/0/- 45)Y s

2 [(02/+45) 21

Flaw location, with respect to layer number, was determined using car-

( lir studies of the effects of defects and anticipating the location of tile
highest likelihood of defect propagation. These studies incorporated (I fa-
tigue test program in which 12.7-millimetor-diameter delaminations wore

•



A)"UNFLAWED' B) TYPE I FLAW - DELAMINATION

11.75 +0.06

7.00 ±0.06A

1 -,.50.~ +0-03 C) TYPE II FLAW -DELAMINATION

IN OFF-AXIS SPECIMEN

C.0 12I
12IN.

TYPICAL 015 1 L

C-30.12

D) TYPE III FLAW -E) TYPE IV FLAW-
PLY GAPS DELAMINATION IN TAPERED

REGION

F!igure~ I Compress~~in Coupon Cutifiguraio Fla~1w Size~ A
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investigated. The analyses indicated that peeling moments at the edge of the
delamination became largest when the flaw was between layers where sequence

repetition (not symmetry) occurred, usually at the quarter-depth plane.
Accordingly, the flaw in the compression coupons was between the fourth and
fifth ply in flaw types I and II and as close to the fourth ply as possible

in flaw types III and IV. The geometry of flaw types I and II was designed

to represent the shape of the most common internal delaminations and the

size anticipated for a critical borderline flaw. Type III flaw geometry

resulted from extensive discussions with subcontractors, and type IV flaw

geometry represents a purposeful ply interruption situation required in

tapered sections.

The real-life environment for the 16-ply section would include not only
the degrading e.fects of loading and temperature but the absorption and de-

sorption of water. In order to simulate an environment for the Servicea-
bility Coupon Test Program, loading and temperature histories were defined
and applied to the coupons by initially moisturizing to a predetermined

moisture content level. Although moisture content and distribution are
random quantities, the procedure described in reference 4 was used to make
testing feasible.

The objective of the flaw screening program was to determine the criti-
cal flaw for laminates undergoing an R - -1 loading/temperature/humidity

spectrum. Two types of spectra were applied. The room temperature dry
(RTD) spectrum -considers only the effect of loading, while the real tempera-
ture/wet (ETW) qpectrum considers the coupled effects of loading, tempera-
tures, and moisture. In the former case, the residual strength was taken lit,
room temperature; in the latter, it was taken at the expected failure temper-
ature of 2600 F.

The scatter of test data results was significant, but trends of damage
S:. propagation are based on these data. The two most critical flaw types wetre

found to be types 1 and 4. The next estimate for the critical flaw, size
U, are shown in the following:

Flaw
Orientation Flaw Type Size

1, 2 1 5/16-inch delamination

1, 2 4 Drop -45-degree ply closest bag side,

instead of second one down

Because the test program was not completed, a statistical analysis was
not conducted. Instead, a presentation based ot the mean of tht test data
is given. The presentation wll, however, be related to the physics of
failure. For an "unflawed" coupon in tension, the failure getnerally
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initiates at a point of fiber breakage; thus, the presence of a small hole
(radius equal to fiber spacing) does not degrade the strength. Two types of

thermal residual stresses are formed in a laminate since it sets at around
0

260 F. The first is formed to maintain compatibility at the fiber/matrix
interface in a lamina. This stress is accounted for in unidirectional
laminate tests. The second is to maintain compatibility between laminae in

0
forming a cross-plied laminate. In both cases, the 0 -degree fiber tends
to be in compression at room temperature. These thermal residual stresses
are relieved by matrix crazing and moisture absorption. In the presence
of a far-field tension loading, the 90-degree plies fail in matrix crazing,
followed by the +45-degree plies. If unloading is not allowed to occur,
local load concentrations remain and through-the-thickness stress redistri-
bution occurs. If the coupon is allowed to unload, such as in a fatigue
coupon, the reduced stiffness in the region of the flaw mollifies the load
concentration, thus increasing the load capacity from that for a monotoni-
cally increasing load. The failure process for types I and II flaws is simi-
lar, except that delamination growth occurs during compression loading since
the region above the delamination is not flat (8]. For the type III flaw,
delaminations in the region of the gap occur due to unloading of the ter-
minated ply. Otherwise, unless membrane/flexural coupling is significant,
the primary strength reduction is due only to the ply loss. This effect is
small for the geometry selected. For the type IV flaw, the process is iden-
tical to that for types I and II, flaws except that delamination growth is
enhanced by changes in curvature resulting from the nonuniformity of the
taper.

Table II shows the mean of the test data. The following contains a list

of the nomenclature.

NOKENCLAURE

Fu  Unf lawed coupon strength at RTD
0

U
F A Flawed coupon strength at RTDf

" T Coupon strength at designated temperature dry

fU U
K F /F
T T f

,u~ Coupon str'ength with desiguated moisture at room temperature

F/F
N f

.i + 22= "4
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FF = Coupon strength after designed lifetimes of a spectrum loading
consistent with the strength temperature

=F Fu/Fu
F f

NOTE: As subscripts are added, coupled effects must be considered.

U
F = Coupon strength at designated temperature and moisture. TM

u
F Coupon strength after designated lifetimes of a quasi-real-time
TMF

spectrum loading and at a designated temperature, etc

Figures 2 through 11 a.e plots of the test data. The same nomenclature

is used.

BASELINE DATA - "NO-FLAW" COUPONS (FIGURES 2 AND 3)

For the type 1 [(90/0/+45)] laminate, the RTD static baseline strength

was 89.5 ksi. This is 108 percent of the design strength and 86 percent of

the expected strength. The 2600 F dry value was 63 percent of this baseline.

The room temperature and 2600 F wet values were 71 and 61 percent, respective

ly. The residual strengths after two lifetimes of ambient environment and

quasi-real-time loading spectra taken at room temperature and 2600 F,

respectively, were 85 and 60 percent of this value, respectively.

For the type II [(0 /+45)2] laminate, the RTD static 16-ply baseline

strength was 92.6 ksi. This wasslow due to some bending in the coupons even

though they were supported on all four edges. The 260 F wet static strength

was 85 percent of this baseline value. The residual strengths after two

lifetimes of ambient environment and quasi-real-time loading spectra taken
at room temperature and 2600 F, respectively, were 85 and 62 percent of

this basepoint value, respectively.

TYPE I FLAW - DELAMINATION (FIGURES 4 AND 5)

The type I flaw is a delamination. This was a potential critical flaw.

Two sizes were tested; namely, 3/R and 5/16 inch. No critical flaw size was

found because the 5/16-inch delamination data unexpectedly were smaller than

the 3/8-inch data. The eason for this is probably material property varia-

tion, although there is the possibility that the increased curvatures re-

suiting from the formation of the fabricated delaminations could have con-

tributed.
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For the type I laminate, the RTD static strengths for the 3/8- and 5/16-
inch delaminations were 68.1 and 50.3 ksi. These values are used as the
basepoints for the fatigue tests and were 76 and 56 percent of the baseline

values, respectively. The 2600 F wet tests were 83 and 90 percent of the
basepoint values, respectively.

The ambient environment residual strength tests after two lifetimes ofrp an ambient environment spectrum loading were 93 and 107 percent of the

basepoints, respectively. The 2600 F residual strength tests after two life-
times of a quasi-real-time spectrum loading were 69 and 73 percent of the

basepoints, respectively.

For the type 11 laminate, the RTD basepoint static tests were 79.1 and
75.2 ksi, which are 85 and 81 percent of the respective baselines. The
260 F wet tests were 82 and 78 percent of the basepoints, respectively.

The ambient environment residual strength tests for the 3/8-inch delamina-
tion after one and two lifetimes of an ambient environment spectrum loading

were 91 and 95 percent of the basepoints, respectively. For the 5/16-inch
delamination after two lifetimes, the tests were 106 percent of the base-

0
point value. The 260 F residual strength tests after two lifetimes of a
quasi-real-time spectrum loading were 77 and 86 percent of the basepoints,

respectively.

TYPE II FlAW - DELAMINATION UNDER COMBINED LOAD (FIGURES 6 AND 7)

The type II flaw is a 3/8-inch delamination in a coupon whose laminate
reference axis is oriented 22.5 degrees to the coupon centerline. This was

done to simulate a combined load condition. The ambient temperature dry
static strength for types I and II laminates was 63.8 and 68.6 ksi, respec-
tively. This was 71 and 74 percent of the unflawed specimen baseline

0values. The 260 F wet tests were 71 and 64 percent of the RTD basepoint
values, respectively.

TYPE III FLAW -PLY GAP (FIGURES 8 AND 9)

The type III flaw, a set of 1/8-inch-ply gaps, had RTD static strengths
of 70.2 and 83.2 ksi for types I and II laminates, respectively. They served
as basepoint values for ie fatigue tests and are 78 and 90 percent of the
unflawed coupon baseline strengths, respectively. The 2600 F wet tests were
69 and 61 percent of the basepoint values, respectively. The room tempera-

Y, -ture residual strength tests after two lifetimes of an ambient environnwnt
spectrum loading were both 98 percent of the basepoint values, respectively.
The 2600 F residual strength tests for the type I laminates after 1-1/2 and
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two lifetimes of a quasi-real-time spectrum loading were 68 and 77 percent

of the basepoint values, respectively; while for the type II laminates,
the tests were 83 and 90 percent.

TYPE IV FLAW - DELAMINATION IN TAPERED REGION (FIGURE 10 AND 11)

The type IV flaw is a delamination in the tapered region of a tapered
laminate coupon. This was the second potential critical flaw candidate.

The two flaw sizes were actually not size differences but rather

delamination/ply-drop location differences. The size B flaw comprises
regions of 1/8-inch delaminations in regions of taper where the taper is

formed by two dropped consecutive plies 1-inch apart. The size A flaw on

the other hand dropped plies which were three layers apart. The size B

flaw comes very close to satisfying the requirements for a critical flaw,
as can be seen from the following analyses. One minor reservation for the
test coupon configuration is that the delamination traverses the width

of the coupon, thus the local instability failure mode is a column-type

rather than a plate-type. However, because most of the peel stresses
result from the curvature in the region above the delamination, the results

should be representative.

The RTD static strengths for the type I laminate and sizes A and B flaws

were 64.5 and 84.7 ksi, respectively. They are 72 and 95 percent of the
baseline unflawed specimen RTD static strengths, respectively, and serve as•0

basepoints for the remaining tests. The 260 F wet tests were 74 and 48
percent of the basepoint values, respectively. The room temperature resid-

ual strengths after two lifetimes of an ambient environment loading spectrum
were 93 and 88 percent of the basepoint values, while the 2600 F residual
strength test results after one-half and two lifetimes of quasi-real-time

spectrum loading were 78 and 39 percent of the basepoint values, respec-
tively. An interesting point is that the 2600 F residual strength test
for the size B delamination was 33.3 ksi, which is 143 percent of the max-
imum spectrum load.

For the type II laminate, the RTD static strength for the size A and
B flaws were 66.4 and 74.6 ksi, respectively. These are 72 and 81 percent
of the baseline values, respectively. The 2600 F wet tests were 79 and 61

percent of the basepoint values. The room temperature residual strength
tests for the flaws after one and two lifetimes of an ambient environment
loading spectrum were 98 and 97 percent of the basepoint values, respectivel)
For the size B flaw after two lifetimes, the tests were 106 percent of the
basepoint value. The 2600 F tests after one-half and two lifetimes of a
quasi-real-time spectrum loading were 74 and 48 percent, respectively. For
the size B flaw, this was 35.4 ksi or 109 percent of the maximum spectrum
load. Of the three fatigue tests of this type, all survived, and tle results
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ranged from 99 to 115 percent of the maximum spectrum loadings. Were more
?specimens tested, these results would have substantiated a critical flaw

size. Because an analytic stress distribution technique for this flaw type
was not developed, however, extrapolation to other laminate configurations

cannot be made yet.

CONCLUSIONS

The durability of advanced composite structures designed to encounter

large compression loads must be considered. The results herein showed that
one means of strength degradation is the loss of strength in portions of a

laminate due to local instability failures such as occur in regions adja-

cent to a delamination. This can be minimized by proper design considera-
tions pertaining to the selection of the stacking sequence. The occurrence

of delaminations in tapered laminate regions appears to be one of the most
critical flaws because the delamination growth mechanism is enhanced by the

presence of changes of curvature.

The statistical aspects of the test program; ie., relationship between

duration of spectrum loading and flaw growth, were not carried out because
these tests were not conducted. Future completion of this task would lend

credence to a tractable failure model for durability of the advanced composite

structures containing delaminations or matrix crazed under a service (mois-

ture/ temperature/loading) spectrum.
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ABSTRACT

The USSR model for determining the shaped-charge jet velocity is dis-
cussed along with the USSR criterion for coherent jet formation. The USSR
model for shaped-charge jet formation differs from the US models in that a
visco-plastic behavior, i.e., a strain rate dependence, is postulated for
the explosively driven shaped-charge liner. Thus, a viscous dissipation
term is employed to retard the shaped-charge jet formation and to establish
a critical liner flow velocity and Reynolds number for jet formation. De-
tailed comparisons are made between the US and USSR models for both steady
state and transient collapse processes. Both models are compared with US
experimental data. A survey of the USSR open literature on shaped-charge
and wedge collapse and formation is presented.

INTRODUCTION

Numerous open literature publications have originated in the USSR re-
lated to the collapse and formation of high explosive charges containing-
cavities with metal liners, i.e., shaped charge devices. The USSR models
1l-7] are analogous to those employed by the Ballistic Research Laboratory
(BRL) [8-11], but the USSR has extended their models to include the impact
of asymmetric plates [3) and visco-plastic material behavior [2,3]. The
basic BRL models employ a one-dimensional, incompressible, inviscid flow
model for the shaped-charge or wedge collapse process based on principles
formulated by Birkhoff, et al. [8], Pugh, et al. [9] and Defourneaux [10).
These results [8-10] were incorporated into a computer code by Harrison,
et al. [11] where transient effects, i.e., the collapse velocity variation
for each liner element [9), and the acceleration of each liner eltinent to
the axis-of-symmetry, tiere included.

The USSR models are based on the formulation of Birkhoff, et al. [8] or
Lavrent'ev (1) and extended to include visco-plastic effects by Godunov [2].
A detailed derivation and discussion of the USSR model is given by Walters

* lil. (12). This model does not include transient effects. Tpically, in the
axisymmetric hydrocode models used at the BRL, compressible flow is assumed
and the material constitutive relationships are based on elastic-perfectly
plastic or work hardening models. The USSR models typically assume an
incompressible flow, but use a rate-dependent, visco-plastic material

*
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constituitive equation [2,3,12].

Thus, the USSR visco-plastic models require a knowledge of the dynamic
viscosity coefficient and many USSR investigators have deduced viscosity
coefficients from experimental measurements under shock loading conditions.
Walters [12] summarizes many of the USSR experimentally deduced viscosity
values. Additional data related to viscosity measurements and the collapse
of metallic bodies by high explosives are given by [13-36]. Material vis-
cosity values have also been experimentally determined in the US [12,37]
under shock loading conditions. The viscosity values deduced from various
experimental measurements depend on many parameters, primarily strain rate,
pressure, and temperature. However, the US measured viscosity values under
shock loading conditions are typically two orders-of-magnitude lower than
the viscosity values measured in the USSR [12-37].

The USSR shaped-charge liner collapse model, due to the incompressible
but viscid flow assumption, establishes a critical Reynolds number, and
analogously a critical flow velocity, to determine a jet-no jet criterion
[2,3). In the US models, the criterion used for predicting a jet-no jet
or coherent jet condition is based on the analysis of Chou, et al. [40),
where a subsonic flow condition is required for the formation of a coherent
jet. Reliable models of the shaped-charge liner collapse and accurate
criteria to predict the transition from the jet regime to a jetless regime
would be a valuable aid to the shaped-charge designer. Thus, detailed com-
parisons between the BRL and USSR collapse models are warranted.

ANALYSIS

The USSR shaped-charge jet collapse model derived by Godunov (2) relaxes
to the classical US model [8-10) when the dynamic viscosity is zero. Basi-
cally, the USSR model yields a lower jet velocity and a lower flow velocity
than the US models. However, the USSR predicts a higher slug velocity than
the US models.

The USSR criterion to form a coherent jet is that the Reynolds number,

Re 1tusn111

be greater than two. The wall thickness is denoted by t, v is the kinematic
viscosity, 20 is the collision angle, and u is the inviscid flow velocity as
given by Defourneaux [10], for example, The Reynolds number greater than
two criterion is based on experimental observations [2,12]. Detailed USSR
fornulae for the jet strain rate, jet velocity, viscid flow velocity, and
slug velocity, are given in [2,121. Also, by setting Ret2 in Equation (0),
an expression for tho critical flow velocity as a function of o, t and v
can be obtained, If the critical flow velocity is greater than the flow
velocity, a coherent jet will not form. Simonov [6] and others [14-17, 19,
21-23, 25, 26, 29, 30, 33, 343 define collapse angles for the transition
from the jet regime to the jetless regime for explosive bonding applications.
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These USSR investigators define collapse angles below which only incoherent
jets will form and collapse angles below which no jet at all will form.
Walsh, et al. [38] served as the basis for many of the USSR studies.

For both the BRL and USSR models, plane wave detonation was assumed
although spherical detonation waves were studied to determine the influence
of the wave shap on the shaped-charge jet collapse. Also, transient flow
was assumed in both models based on the analyses of [10, 11) even though
the basic USSR model assumes steady flow [2]. Transient calculations provide
more realistic collision angle calculations. The overall validity of the
model is not the issue of this report, only the relative comparison between
the BRL model and the USSR model.

For the transient flow case, the stagnation point velocity (V) is given
by

Vc =a s n3 2

where Da is the speed of the detonation wave, 2m is the conical liner apex

angle and 0 is the plate bending angle. Equation (2) is used in both the
US and USSR models. Its derivation is given in [8-10]. The inviscid flow
velocity is given by

sIn(01+6)-sinc 3
U Da [ esina =](3)

in the US model [8-11). The viscid flow velocity is

) U = (I 2/Re) ' (4)

in the USSR model (2] for Re>2. Also, U2 = U when the dynamic viscosity
is zero.

In the US model, the jet velocity and slug velocity are, respectively,

V V + U,(

and.

Vs  Vc -U. (6)
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In the USSR model, the jet and slug velocities are

V. V + U2, (7).3 c

and V = V - U2. (8)
s C

For a steady state collapse, analogou formulae are available [2, 8-10].

RESULTS

Steady state collapse models such as [1, 8-10] are conceptually simple,
but typically overestimate the jet-tip velocity. For example, Figures 1 and
2 present the jet velocity distribution along the shaped charge liner axis-
of-symmetry normalized by the liner altitude (Z/H), for steady state and
transient flow, respectively. The resultant jet-tip velocities are recorded
in Table I. This steady flow-transient flow comparison is given f% the
BRL 105mm charge which consists of a copper conical liner with a 42 apex
angle, a 86.4mm cone diameter and a wall thickness of 2.69mm. In Figure 2,
the experimental data obtained by Allison and Vitali [42] are also plotted.
Both the US and USSR transient models exhibit the same amount of agreement
with the experimental data. Note that the USSR steady state jet-tip velocity
closely approximates the BRL transient jet-tip velocity and the BRL steady
state model overestimates the experimental jet-tip velocity. The experimen-
tal jet-tip velocity is associated with the liner and not with a specific
shape of the detonation wave.

The USSR model reduces to the BRL model for low values of the dynamic
viscosity, i.e., when US measured values [37] of the dynamic viscosity are
used in the USSR model, the two models are indistinguishable. Also, for
wide angle conical liners, or when the collapse angle is large, the BRL and
USSR models yield approximately the same results for either the USSR or US
viscosity values. In order to amplify the difference between the BRL and
USSR collapse models, the dynamic viscosity was taken to be 104Pa-s, which
is somewhat higher than the quoted USSR values for copper [2, 123 and two
orders-of-magnitude higher than the US measured values [37]. This value of
the viscosity (l0 :Pa-s) was fixed in all test cases even though the viscosity
is dependent upon the strain rate, detonation velocity, etc.

Figure 3 shows the jet velocity distribution for the BRL 81m - liner
diameter precision shaped charge. The liher was fabricated from copper, the
high explosive was Comp8sltion B, the liner wall thickness was l.9mu and the
liner apex angle was 42 [43,47]. The jet-tip velocities are listed in
Table I. The measured slug velocity was 0.61 km/s [47]. The BRL and USSR

i'W, models predicted 0.53 dnd 0.93 km/s, respectively. The USSR model predicts
a high slug velocity since the sum of equations (5) and (6) or (7) and (8)
~i yield V. + Vs 2Vc, (9)
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Table I Jet-Tip Velocities for Several Shaped-Charge Liner Designs

Cone Apex Wall Detonation
Liner Angle Thickness Velocity JET-TIP VELOCITIES (km/s)

Description (Degrees) (mm) (km/s) BRL/USSR/Experimental

BRL-105mm 0.8, plane
Charge 42 2.69 wave, steady 7.605/7.18/7.01

BRL-105mm 0.8, plane
Charge 42 2.69 wave, transient 7.23/6.87/7.01

BRL-lO5mm 0.8, spherical
Charge 42 2.69 wave, transient 6.95/6.58/7.01

BRL-81mm
Precision 0.8, plane
Charge 42 1.9 wave, transient 8.02/7.62/7.62+.2

BRL-81 mm
Precision 0.8, spherical
Charge 42 1.9 wave, transient 7.8/7.39/7.62+.2

Parametric 0.8, plane
Study 42 1.0 wave, transient 9.58/9.14/----

Parametric 0.8, plane
Study 42 4.0 wave, transient 5.95/5.62/----

Parametric 0.6, plane
Study 42 2.69 wave, transient 5.62/5.28/----

Parametric 0.4, plane
Study 42 2.69 wave, transient 3.92/3.60/----

Parametric 0.8, plane
Study 14 2.69 wave, transient 11.01/9.23/----

Parametric 0.8, plane
Study 120 2.69 wave, transient 3.985/3.891/----

BRL Smal I
Caliber 0.8, plane
Charge [48] 20 1.17 wave, transient 10.43/8.0.3/9.9
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and Vc is the same for both the US and USSR models. Thus, since the USSR

value of V. is lower than the US value, the USSR value of V must be higher

than the US value. In other words, the sum of the US jet and slug velocities
are equal to the sum of the USSR jet and slug velocities.

Also, the strain rates calculated by the USSR models [2] are of the order
of 106/s and show little variation with liner element position. Carleone,
et al. [41, 44] calculated strain rates for the 81mm-diameter precision
charge and found a larger variation of strain rate with liner element posi-
tion including liner elements in both compression and tension. The peak
strain rate was 105/s. Experimental measurements of the strain rate of
collapsing liners are not available, but Bauer and Bless [45] measured the
strain rate of exploding copper tubes to be about 104/s and Walters [46]
deduced the strain rates of stretching jets to be of the order of 104/s.

Next, parametric studies were performed on the BRL 105mm-charge [42].
The liner apex angle, the liner wall thickness, and the high explosive
detonation velocity were all varied independently. The jet-tip velocities
are listed in Table I. Space limitations prohibit inclusion of the plots
of the jet and flow velocities. However, the parametric studies indicated
that some of the liner designs considered may fail to form coherent jets,
i.e., in the BRL model by a supersonic flow velocity, or in the USSR model
by a Reynolds number less than two (as indicated by the absence of plotted
data). In order to investigate the validity of any semi-empirical coherent
jet formation criterion, an actual jet which was shown experimentally to
have an incoherent tip was analyzed. Figure 4 presents this analysis for
a copper cone with a 200 apex angle, a 38.1mm liner diameter with a 1.17m
wall thickness and heavily confined in a steel body [48]. Both the USSR
and the US models indicate a region of what could be incoherent jet forna-
tion. The USSR model predicts a Reynolds number less than two for the
initial jet elements, Z/H from 0 to 0.07. The BRL flow velocity is super-
sonic over the central range of the liner, Z/H from 0.03 to 0.7, In the
BRL model, the initial liner elements (near the apex) proceed along the
axis with a subsonic flow velocity. Liner elements formed later have a
higher velocity (supersonic) and compress the slower, preceding elements
forming a bifurcated, or naarly incoherent, jet tip. The USSR model
indicates that the initial liner elements will not produce a coherent jet
and the inverse velocity gradient is smaller, and always subsonic. lhe
BRL model is in closer agreement with the experimental jet-tip velocity than
the USSR model and for this reason, is deemed to be more accurate. Note that
a firm criterion to predict the transition from a jet to jetless regime does
not exist. Hence, both the simple US and USSR models use semi-empirical
criteria to predict this transition.

For all the liner designs considered in this study, neither the BRL nor
the USSR model appears to yield a consistently accurate criterion for the
transition from a jet regime to a jetless regime. However, a critical
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collision angle (a) may be calculated from Equation (1) by setting the
Reynolds number equal to two and calculating the critical B. Any B greater

Ethan this critical 5 will imply a jet regime. To investigate any coincidence
between a Reynolds number equal to two and a sonic flow velocity, Equation

* (1) can be solved for a Reynolds number of two and u equal to the liner
material bulk speed of sound (c). The collision angles calculated as out-
lined above are given in Table II along with the code calculated collision
angles corresponding to flow velocities near 3.9km/s (the speed of sound of
copper), 4.8km/s (1.23 times the speed of sound of copper), and a Reynolds
number of two. A flow velocity of 4.8km/sec is the calculated flow velocity
above which 200 copper liners have been observed to have incoherent jet tips
[11]. The criteria for coherent jet formation based on a Reynolds number
of two, or a flow velocity of 1.23 times the speed of sound of the liner
material are both based on experimental observations.

Table II Comparison of Critical CollisionPngles for Transition
Into a Jetless Regime With Calculated Collision Angles
Based on a Flow Velocity of 3.9km/s, 4.8Km/s, and a
Reynolds Number of 2

0 Critical Computer Results

Shaped-Charge a Critical For Re=2 Reynolds Flow Veloc-
_ _F 2 and u=3.9Liner For Re=2* Number ity (km/s) (degrees); km/s

140 apex angle, 22.1 21.6 1.55 3.8 19.6
2.69mm wall 2.0 4.42 21.2

2.75 4.8 22.5
420 apex angle, 37.7 31.6 9 3.9 49.5
I mm wall

200 apex angle, 35.5 29.8 1.47 3.86 26.5
S17.mm wall 2.09 4.48 28.6

2.54 4.83 29.9

*Assume the plate bending angle (10] to be 100 .

From Table II, the 140 apex angle liner would probably not jet completely
since the calculated a values are less than, or nearly equal to, the
critical v values. The 420 apex angle liner should jet coherently since
the calculated 8 is well above the critical 8 value. The 200 apex angle
liner should not jet completely. It is noteworthy that the o value
occurring at a Reynolds number of two is always within a few degrees of the

I
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6 value at a flow velocity of 4.8km/s. The calculated flow velocity
depends on the plate being angle (0) which was assumed to be lO°. Of course,
this angle is not constant, and increasing 0 will decrease o. Also, a
critical Reynolds number of two is not a firm criterion and may in fact
be higher, as discussed by Mali, et al. [39].

Thus, the critical collision angles for Re=2 and u=c appear to represent
approximate values of the collision angle which must be exceeded to remain
in the jet regime. Within the limited amount of experimental data
available, this value would appear to be accurate to within a few degrees.
However, since the versus Z/H curve can exhibit a plateau for liner
elements associated with the central region of the liner, a error in of
over a few degrees could be critical in determining the correct transition
from a jet regime to a jetless regime.

CONCLUSIONS

The BRL and USSR models both provide a satisfactory prediction of the
shaped-charge jet velocity distributions. Agreement between the USSR
steady state visco-plastic model and the BRL transient flow model is good.
The USSR visco-plastic model, modified to include transient effects,
predicts lower jet and flow velocities than the BRL model. For large
values of the collision angle, such as experienced with wide angle cones,
the USSR models (transient or steady) agree closely with the BRL model.
Also, US determined viscosity values (up to two orders-of-magnitude
lower than the USSR measured values) when used with the USSR shaped-charge
jet collapse model cause the USSR models to agree closely with the BRL
model. In fact, the models coincide for a zero value of the viscosity
coefficient. The trends exhibited by the USSR and BRL models coincide.
The jet-tip velocity increases as the high explosive detonation velocity
increases, or as the conical apex angle decreases, or as the wall thickness

* decreases,

Both the BRL and the USSR models appear to have the same capability
and suffer the same limitations. Neither model is capable of providing
a universal criterion regarding the transition between the jet regime
and the jetless (i.e.s incoherent jet) regime.

However, the BRL has observed that the maximum obtainable jet velocity
for a copper conical liner corresponds to a calculated flow velocity of
about 4.8km/sec, where the maximum jet velocity is defined as the velocity
just before a bifurcation or Incoherency of the jet tip occurs [11]. The P
corresponding to a flow velocity of 4.8km/s is nearly the same as the ( for
Re=2 in the USSR model, Only further experimental studies involving inco-
herent (or bifurcated) shaped-charge jets will clarify this point.
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EFFECT OF CASE MATERIAL PROPERTIES ON
FRAGMENT VELOCITIES FROM BOMBS
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ABSTRACT

This paper presents a numerical investigation of the effect of case material
on fragment velocity from explosively filled bombs. Fragment velocities are
found to be sensitive to the properties of the explosive, the case density, and
the thickness of the case. The fragment velocities are shown to be insensitve
to the elastic modulus, Poisson's ratio, strength coefficient, and work harden-
ing index of the case, and are also only weakly related to fracture radius.
The four theories studied predict about the same fragment velocities.

NOMENCLATURE

' Explosive mass
do Initial wall thickness
S, -Elastic modulus

Plastic modulus
a Gurney energy of explosive
K. Strength coefficient
k Fracture constant
?4 Metal mass
n Strain hardening mass
P E,.'r1'sive pressure

V,, e, a Cylindrical coordinates
Radius of case element

Time
0 Radial velocity of case element

y Gas expansion coeffi, Ient
C Strain
v Poisson's ratio
S Density
a Stress
Q Energy ratio parameter

Y.t

, A . !
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INTRODUCTION

Analyses of fragment velocities from explosively filled bombs have devel-
oped based on improved case fracture characterizations. An early analysis by
Gurney [1] assumed the case has zero strength. The Gurney equation for fragment
velocity from tubular bombs uses only two parameters: the ratio of case metal
mass to total explosive mass, M/C; and the Gurney energy for the explosive, G.
The designer using Gurney's equation with any specified explosive would be con-
cerned only with the density, inner radius, and thickness of the case. The
Gurney equation, v/V2-G = lI/(M/c) + .5, does not depend on other material param-
eters that characterize the stiffness or strength of the case.

Models describing bomb dynamics which include material properties of the
case have been successively devised by Taylor [2], Hoggatt and Recht [3], and
Al-Hassani and Johnson [4]. Each study extended the previous work that began
with Gurney. Hoggatt and Recht provided a useful method for predicting the
minimum breakup radius based on the assumption that fracture of the case occurs
along planes of maximum shear stress. Al-Hassani and Johnson provided detailed
insight into the effect of material properties on bomb dynamics and, in particu-
lar, derived an equation for calculating the wall acceleration. The present
investigation uses these theories of bomb dynamics to study the effe(' of
commonly recognized material properties on fragment velocity.

To study the effects of case material parameters on the fragment velocities,
mathematical models are developed for the case material, the explosive pressure,
the wall dynamics, and the case failure. These models incorporate the following
assumptions: The case is an elastic-plastic material; the detonation gas prod-
ucts expand isentropically; the case expansion is in plane strain; the case
failure is a function of the stress state; and case failure terminates the
buildup of velocity. For this study the ratio of wall thickness to inner radius
is taken to be in the interval [.03, .17].

ANALYTICAL MODELS

CASE MATERIAL

The elastic-plastic stress-strain characterization for the case is given
by two equations:

a " E ()

for most of the elastic portion; and

a= K (2)

for the non-proportional elastic and plastic portion, where El is the elastic
modulus, K is the strength coefficient, and n is the strain hardening exponent.
The two curves intersect at the proportional limit point (e o).
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p1 = (KIE1)/ln) (3)

ap. = El (x )1I(1fl) (4)

If E is defined to be the derivative do/de at . then we find that

n =E2E (5)

Thus n can be interpreted as the reduction factor for Young's modulus at the
proportional limit. Estimates of K and n may be made from the following
algebraic manipulation of equations (1) and (2). Defining, as is frequently
done, the yield stress, a , to be the stress needed to obtain a 0.2% permanent
set, and the plastic modulus, E2 , to be the slope of the plastic curve at the
yield point, we may use the stress-strain equations to obtain:

n (E2/ E) + .002 (E2/lo,) (6)

AThis results in an expression for K ( ol=)

< G /(.002 + , /,,,)n  (7)

Empirical values for K and n were obtained by Martin £5J for steel and aluminum,
and show for these materials K ranging from 4B 000 psi (3.4 X l09 dynes cm"2) to
170 000 psi (1.2 x 1010 dynes cm-2), and n in an interval from 0.1 to 0.3.

EXPLOSIVE PRESSURE

The internal explosive pressure, P, exerted on the inner surface of the
case is related to the cavity volume through the perfect gas law,

Pz' (y-1) p R (8)

where y is the expansion coefficient, p the gas density, and R the explosive
energy. This pressure is assumed to be uniform throughout the cavity. For
adiabatic reversible flow, an isentropic expansion of detonation product gases

I. results in [6],

P • constant
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The equation derived from equations (8) and (9) is

• ( o'o(O)-2y
, P = Po (r0 r0(0) (10)

where PO is the effective detonation pressure, ro the internal radius, and ro(0)
the initial internal radius. If re (<ro(0)) is the radius of a cylindrical
explosive, then P0 is given by

PO P6 (r /ro(O)) 2Y (11)

where P' is the Chapman-Jouguet coefficient for the explosive. C-J coefficients
for particular explosives can be found in [7] and vary from 1.5 X 106 psi to
5.5 X 106 psi (100 to 390 Kbars). For these computations y has been taken to
be 3 throughout the expansion although it varies in an actual expansion, start-
ing near 5 and soon falling to smaller values.

WALL ACCELERATION

Figure 1 shows a case element at radius r(t). The equation of radial
motion for the element is

P ""d2rldt = o3a/ ar - (a or)Ir (12)

AA

FIGURE 1. Element Within Wall of Case.
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Let ro~t) be the inner case radius, rl(t) be the outer case radius, and ra(t),
V ~0 < a< 1 be the radius of an arbitrary case element, Define va as drcjdt.

Constancy of volume requires that

r2 
-r

2 =r 2 (0) -r2(0) (13)
Pta

where a is arbitrary. By twice differentiating (13) and simplifying we obtain

dr/dt ( r v )/r (14)

and

d2r/dt2 =(v 2 + r. dv /dt)/r -(r
2  v2 )/r 3  (15)

a aa a

We will need the following relationships for the strains:

er E = r e V0 )/r - ee r-a.e0 /r (16)

From constancy of volume and by assumption of plane strain (using cylindrical
coordinates),

0 r r

At the inner surface

ee(r0) RZn(ro/h'0(0)) (18)

Solving (16), (17), and (18) for c0 by integration,, etc., gives

CO~p (j.(0)1p2) In~p/1,0o))(19)

Define E and U., the effective stress and strain by

R r'Z() * (C - ) + (E C 2 + (C - ek)1(20)

m~~ ~ 41/) L2~ + (0~ - +o21 21
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Substituting for e and e in (20) gives

= (2/F3) e (22)

Further substitution into the Levy-Mises equations,

e [ Go - (1/2) (o + o) (23)r z

etc., for e, e, and T yields
r z

U (F/2) r(0 - r) (24)

For simplicity assume that strain rate effects are negligible. (Al-Hassani
and Johnson have shown how a strain rate index can be successfully included in
the solution.) Thus equation (2) says that

K (25)

Manipulating (22), (24), and (25) gives us

a0 -D (2/~) ' (26)

We can now combine (12), (15) (with a = t). (19), and (26) and obtain

-( 2/,1'' -K [Y-o(O) 2  £(ro/ro(O) l/(" + (27)

Integrating with respect to r and using the condition

and equation (14) with r "-I and r r gives
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rr

(r-2  - 2)] -(2/vlr)(1+n) (,K/2n)

(rj Zn(ro/ro(O))) (r2  - ro(29)

On the outer surface of the case a (r1 ) =0, so substituting r, for r in
(27) and solving for dvo/dt gives

dz'0/dt =(1/(p 'o kn(rl/r 0 )) [P' - p v6 (2n(rl/r0))

+(p r6 V6/2) (r( 2  - r

-(2/,rS)O''n) (K/2n) '(r6 £n(ro/ro(O)))n

*(r0
2o- r2n (30)

Since

r r8+ rj(O) -r6(0) (31)

L we can use equation (30) to estimate the fragment velocity of the case at the
failure radius x-by numerical integration.

CASE FAILURE

Taylor, Hoggatt and Recht, and Al-Hassani and Johnson have each formulated
criteria for case failure. These criteria each involve evaluating the hoop
stress at the inner case surface. Combining (19), (26), and (29) and noting
that oo(i%) 0 results in the inner surface hoop stress,

~O~~) (2//3)("+~) K~ (*~)~o2. ~(.bo0)' (32)

and the outer surface hoop stress,

V0-1 K (*2163))*(~*'()) (33)
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During expansion of the case to failure aQ(ro) is monotonically increasing
starting with a value of 0. ao0 (ro0 ) is initially negative and eventually
increases to a positive value as the hoop strain term increases and the pressure
term decreases. (The first term in equation (32) involves the hoop strain, and
the second term the applied internal pressure.) Thus during the expansion to
failure there is a region of compressive hoop stress extending from the inner
radius to a radius of zero hoop stress, and a region of tensile hoop stress
between the zero hoop stress radius and the outer radius. The radius of zero
hoop stress is initially the outer radius and moves to become the inner radius
of the case, after which time failure can occur. Taylor's [2] criterion for
failure is that the hoop stress at the inner surface is zero. This radius can
be found from equation (32).

Hoggatt and Recht [3] observed that the fracture surfaces of cylinders
subject to high order explosions run in planes approximately 45 degrees to the
radial direction. These planes parallel planes of principal shear stress.
Fractures begin as radial cracks appearing at the outer surface and progress
inward as the stress component normal to the shear planes changes from compres-
sive to tensile. This condition is satisfied when the ,ensile hoop stress
becomes equal to the compressive radial stress; therefore, complete failure
occurs when the tensile hoop stress at the inner surface is equal to the internal
pressure.

Consider a cylindrical differential element at the inner surface of the case.
Subject to the internal pressure 11 of equation (10), it will experience high coin-
pressive, radial and hoop stresses, and will expand plastically from a radius
r0o to a radius r,. The natural strain in the radial direction (assuming , 0)
is given by

cl) = 110(,/,) (34)

If the stress condition were uniaxial then we would have by equation (2)

-(r IKI/f (35)

whoe 1*, is the compressive unlaxial pressure. If oo and o. are the hoop stress
and axial stress then

p,- • + (36)

represents an octahedral shear stress equivalent to the uniaxial stress failure
condition [3].
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With decreasing P and a0, (a0 eventually positive), the differential ele-
ment at the inner surface expands elastically until case failure at radius r
and inner pressure Pf. The strains are given by

Cr (PI~.E,) -(vIEl) (a0 + 0z) (37)

Ce ( E)- (v/El) (a -P)=(l )-1(38)

es (a E1 ) -(vIE 1 ) *(a~ P) 0 (39)

where v is Poisson's ratio. We hypothesize that co Pf: at rp so that from
(38) and (39) we find

r P r?(i + (+ V) (Ys/2)) (40)

and from equation (36)

Pp (41)

Combining (34)o (35), (40), and (41) results in

rJ/# i+(. -) (1 + v)] exp (.A) 1  (42)

To find the inner radius at failure, , first find by trial and error .
satisfying

(p/pI/2Y (i. (v1 ) *(1 + v)) exp (1i)I~l(3

since

*(uO/p )1/2Y (44)

The criterion for failure suggested b) Al-Hassaiii and Johnson involves a
fracture constant, ko equal to the ratio of the hoop stress of the ininer radius
at failure to the ultimate tensile strength of tote material, outsj. NeglectingI; straini rate effects, the ultimate tensile strength is calculated from equation
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auts = (2/vF)/( I 'I ) K (kn(r/ro(O)))n (45)

Radial cracks may propagate only if the hoop stress at their tips are greater
than k<outs. Thus the failure radius is found by solving

Po" (r ro(O))-2, = (I - k) (2/')1+  - K- (kn(r/r0(O)))n  (46)

for re. When k = 0 the calculated fracture radius corresponds to that proposed
by Talor; when k = I the case does not fail. The fracture radius as calculated
by Hoggatt and Recht does not correspond to a single value of k.

For consistency in the computations which follow, the radius of failure pro-
posed by Hoggatt and Recht is used. This radius is convenient for a reference
since it is not rate dependent, is only slightly greater than Taylor's failure
radius, involves the introduction of no new material parameters, and is supported
by some experimental observation. We shall, however, want to remark on the
equivalent k value obtained for this failure radius and comment on the effect of
increasing k on the fragment velocit"y.

COMPUTATIONS

PROCEDURE

The mathematical models formulated for failure radius and wall acceleration,
equations (43) and (30), respectively, in the preceding sections were assembled
in a computer program. For given values of eo(O), )1(0), Po, El, , , ,, and
p, the fracture radius r-, was calculated according to the formulas developed
by Hoggatt and Recht. The equation for the wall acceleration was then used to
numerically integrate vo from 0 to the velocity at the failure radius. The
integration was continued until the inner surface reached a radius of 1.5 -.
Values for the fracture constant, k, suggested by Al-Hassani and Johnson which
would have resulted in case failure at iy and 1.5 vt' were computed. By repeat-
ing the computations over a range of valies for the material parameters we were
able to see the relative importance of the material parameters on the fragment
velocity. The intervals in which the material parameters were taken are:
Q I (,(0)-,(0))h-o(0) in [.03, .17]; P in [1300000, 4000000] psi (R.109, 3.1010]

E Pa) in [30n0000, 900000003 Pi ([l.410, 4.3-107 Pa); v in [0.0. 0.5]; K
in [20000, 2000003 psi ([9.7-10 , 9.7l1041 Pa); n in 1.01, 1.0]; and p in the
interval [.0002, .0015] lba/in3 ([5.5, 41.5] kg/m 3).

A dimensional study of the variables used in this study suggests the folow-
ing scaling parameters for use in describing the results: /ro(O), K/ro, . l', o ,

11 w,' ito, and n. Since the mathematical models used are all continuous and
dimensionally consistent, it was gratifying, but not surprising, that the results
of our computations scaled according to these parameters.
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RADIUS OF FRACTURE

Computations using equation (43) show that the elastic modulus, El, and
Poisson's ratio, v, for the case material are not important in determining the
radius of failure over a range of El and PQ likely to occur in practice. This
is illustrated in Figures 2 and 3. Examining equation (43) shows that when the
ratio of Po/E, is small, as it would be for practical case materials, and withI. v in the interval [0.0, 0.5] by definition, the factor (1 + (Po/E1) (l+v))
varies little from a value of 1.0 and so has little effect on the fracture
radius.

The same equation, on the other hand, says that the radius at fracture is
a function of K and n, as shown by Figure 4. Higher values for the strength
coefficient are paired with lower failure radii. The reason becomes apparent
when examining equation (43) which shows that (P/K)('/n) appears as a power of

Saan exponential factor so that the solution of (43) for Pf is sensitive to both
K and n.

The values for the equivalent fracture constant, k, needed to obtain the
the calculated fracture radii fell in the interval from [.15 to .22], values
which reflect the fact that the calculated radii are slightly larger than the
radii that would be calculated by Taylor's method (k=0). The equivalent constant
needed to obtain fracture radii 1.5 times those calculated fell in the interval
[93, .96], indicating that the failure radius increases slowly until k reaches
values near 1.

2.5

2.0

0

0 20 40

FIGURE 2. Radius at Fracture vs. Elastic Modulus
at n 2.5, v .3, R/vo - .05.
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0.0 0.5

FIGURE 3. Radius at Fracture vs. Poisson's Ratio
at n- .25, El 30'000000 psi~ Klpo .05.
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2.0

.00 .04 .03

FIGURE 4. Radius at Fracture vs. Strength of Case.



VELOCITY AT FRACTURE

Equation (30) can be used to calculate fragment velocities for a wide
range of case parameters. Letting do(O) be the initial case thickness
(do(O) = ro(O) - ro(O)), it has been found empirically that for fixed values
of K/P 0 and n that the ratio of kinetic energy at large deformations to the
internal explosive energy, (p.vj/PO).(d (O)/r (0)).968, was a constant in the
interval [.45, .50) to within 5% for do(O)/ro(O) in the interval [.03, .17],
and that (do(O)/ro(O).968 accomplished a better norializing factor than did a
volume term such as (1 - (ro(O)/rj(O))2 ). Thus, (p'vj/PO)'(do(O)/ro(O))' 9 6 8

will be used as a descriptive parameter to show the effects of case properties
on fragment velocity.

Equation (30) for the wall acceleration can be rewritten showing the terms
P-vj/P0 , K/P0, and n as

d(p.vo/P)/dt (vo/ro) • (ro(O)ro)2YZIn(ri/ro)

/ 1- (ro/r)2)~(7

i : i:: - (P' I/Po) • i'lo (21r3)1+n

:: : "(KIP o)  '(47)* 2n" zu(r0 -(O)) 1-n

There is only one term on the right-hand side of equation (47) involving AIP
and n. This term indicates that increasing K/Po yields lower wall accelerations.
Coupled with the lower fracture radius for higher KIP o as discussed in the previ-
ous section this results in lower velocities at fracture. This is, in fact, the
result shown in Figura 5. The effect of the third term in (47) is quite small.

Comparing the calculated velocities at r- and I.5.,, or equivalently for
fracture constants at about .2 and .9, we th % increase in fracture
radius yielded increases in fragment velocity of less than 1. It can be con-
cluded that fragment velocity is insensitive to case material properties for
values of k between 0 and .96. Consequently, the mode of failure, unless quite
different in nature from that of Taylor's or Hoggatt and Recht is not an impor-
tant factor in determining fragment velocity.

Gurney's equation [1] for calculating fragment velocities is given by

,o =  / ('ivxicj '  (48)

where 20 Po/po(y-1) and NI/V is the ratio of metal mass to total explosive
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FIGURE 5. Kinetic to Explosive Internal Energy Ratio vs. Strength of Case.

mass. To check the validity of for filled bombs, substitute Po from (48)
into the expression for 0. This yields

.968
: :~P V~, (~ (d°(°)/'°(°)l' 9Go

-.L T d0  ) ] (T

If the explosive mass is zero, equation (49) results in 0 n 0.47. This is
equivalent to velocities at fracture that were found using the equation for
wall acceleration (30). A characteristic value of equation (49) for typical
tubular bombs is o- 0.3. Thus, neglecting the kinetic energy of explosive
products increases the predicted fragment velocity about 30%.

CONCLUSIONS

A theory for explosively loaded case failure by Hoggatt and Recht and a
theory for case acceleration by Al-Hassan1 and Johnsot have been used to inves-
tigate the effects of case material properties on fragment velocity. Velocity
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calculated using this integrated theory has been compared with that predicted
by the Gurney equation. These velocities are very close. Fragment velocity is
insensitive to the material properties considered: elastic modulus, Poisson's
ratio, strength coefficient, and work hardening index. Fragment velocity is
also insensitive to the radius of fracture for values roughly equal to those
predicted by Taylor. Consequently, for case materials normally encountered,
fragment velocity depends on the properties of the explosive, on the density of
the case, and on the bomb geometry. The parameter *, a ratio of expanded case
kinetic energy to explosive internal energy, can be used to describe the effects
of these parameters. * is approximately equal to 0.5.
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IN-BORE MOTION ANALYSIS OF THE 155mm XM712 PROJECTILE
WHEN FIRED IN THE M198 HOWITZER
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ABSTRACT

This paper presents the results of an analysis of the in-bore, transverse
motion of the 155mm XM712 projectile when fired in both a new tube and a worn
tube of the M198 howitzer. The worn tube condition was taken as one with
1,710 rounds fired in the tube Serial Number 83. The approach taken in this
investigation utilized the equations of motion derived previously and reported
in several references. An effective rifling angle or twist is introduced,
since this projectile uses an obturator instead of a rotating band. The
gun tube is considered to be straight and stationary. Effects of projectile
bourrelet friction and tube droop have been ignored in the analysis. The
center of mass eccentricity of the projectile was assumed to fall in the range
of 0 to .287 millimeters or .0113 inches. This is equivalent to maximum
imbalance of 176.5 mm-N or 25 in-oz as used in the analysis.

Tabulations are recorded for the peak values of yaw angle and velocity,
cross spin, normal accelerations at the e.g., bourrelet center and two axial
points, and lateral forces at the c.g., bourrelet and obturator. Time,
velocity, acceleration, yaw angle and velocity, normal acceleration, and
forces at the bourrelet and the obturator are plotted to show their variations
with respect to the travel.

The computation result shows that the lateral bourrelet forces are very
small (less than 4,450 newtons or 1,000 lbs) for all cases considered and the
effects nf the e.g. imbalance, the tube wear and the clearance between the
bourrelet and the tube are prominent.

NOMENCLATURE

BRT Bourrelet
e.g. = Center of gravity or mass
D = Diameter of gun tube bore
E = Young's modulus of bourrelet material
F = Elastic force at bourrelet

Fx F y, F WTotal force components acting at e.g., in
Z XYZ directions

h = Distance from e.g. to bourrelet
hI, h2, h3 =. Angular momenta in 1, i, 3 directions

k = Spring constant at bourrelet

= Distance from e.g. to obturator center section
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M , M2, M3 = Total moment components in 1, 2, 3 directions

m Mass of projectile
I/N = Effective twist of rifling
R = Radius of gun tube bore
r = Radius of bourrelet
t = Wall thickness at bourrelet
V Velocity of projectile at muzzle with same length unit as

m that of bore diameter
W = Displacement of obturator in Z direction
X, Y, Z Fixed Cartesian coordinates (Figure 1), displacements

of c.g. in X, Y, Z directions
X, y, z = Body-fixed moving Cartesian coordinates (Figure 2)
y - Effective twist angle of rifling
6 Deflection at bourrelet
i, , = Euler's angles (Figure 3)
= 3.141592654
= Cross spin of projectile

= Projectile muzzle spin
m
QP' 23 = Angular velocity components in 1, 2, 3 directions

1, 2, 3 = Moving Cartesian coordinates (Figure 2)
= Dot over a quantity denotes its time derivative

Double dots over a quantity denotes its second time derivative

INTRODUCTION

A thorough understanding of the transverse in-bore motion (also
called balloting) of a projectile during launch is one of the many challenges
of developing modern weapon systems that the designer has to consider
seriously. The analysis of this motion can provide estimates of both linear
and angular displacements as well as velocities and accelerations, when the
projectile is in the gun or at the muzzle. Corresponding forces and moments
on the various regions or components of a projectile can also be assessed.
In addition, the interface action of the projectile and the gun, as the
projectile travels down the bore, can be monitored. The behavior of the
system in this environment is important to the designer. Being able to
describe the interaction of the projectile and the gun as well as the
response of internal projectile components to the anticipated input phenomena
can aid greatly in the early evaluation and analysis of the preliminary
designs. Furthermore, the motion of the projectile at the muzzle provides
the initial condition of the transitional exterior ballistics. It is with
these objectives in mind that the investigation of the motion of the XM712
projectile in the M198 howitzer was performed.

PROBLEM FORMULATION

In this analysis the projectile configuration is taken as synmmetrical
about its longitudinal axis. The base pressure is assumed to be uniformly
applied to the projectile and there is no gas leakage around the obturator.
Consequently, the point where the cylindrical axis of the projectile intersects
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the obturator center plane is assumed to move along the gun tube center line
in the analysis. The mass distribution of the projectile may be uniform or
non-uniform and may thus be represented by a c.g. eccentricity or static
imbalance of a certain value. The exact c.g. eccentricity is usually not
known. Consequently, an assumed range of 0 to .0113 in (.287mm) equivalent
to 0 to 25 in-oz (176.5mm-N) imbalance is used in the computation.

The gun tube is considered straight and stationary. The influence of
gun tube droop is ignored in this analysis, since its effect on the transverse
force and accelerations has been shown to be rather small in previous
calculations 12, 3]. Past work has shown that the effects of balloting
motion will be aggravated if firings are performed in gun tubes having an
advanced state of wear. To study this effect, computations were performed
with a worn tube (with wear condition after 1,710 rounds) as well as a new
tube.

The frictional forces at the bourrelet and the obturator are ignored in
the analysis. Their effect on the projectile motion seems to be small as
previous computations for projectiles with rotating bands [2] and experimental
results obtained at Picatinny Arsenal have shown. Though there is a large
slippage between the rifling lands and the obturator, the rifling action on
the projectile is not neglected. To account for this action, an effective
rifling angle or twist is introduced and expressed as a relationship between
the velocity and the spin rate of the projectile at the muzzle. Adequate
experimental data is available to substantiate this.

The bourrelet of the projectile is assumed to be elastic. The spring
constant may be obtained by a compression test of the bourrelet or approxima-
tely computed by using the cylindrical shell deformation equations.

Both fixed and moving coordinate systems are necessaty to define the
motion of the projtftile. In this analysis the fixed or inertial coordinate
system XYZ (Figure 1) is located with its origin at the initial position of
the obturator center, which is equivalent to the rotating band center of the
projectile with a rotating band. Tne Z-axis coincides with the gun tube center
line; X-axis is horizontal and perpendicular to the gun tube axis; and the
Y-axis is positive upward in a vertical plane and satisfies the right-hand
coordinate system convention. This choice conveniently determines the gun
location of the moving position of the obturator center which is the origin
of the moving coordinate systems 1 2 3 and x y z.

The moving coordinate system 12 3 (Figure 2) has its origin located at
the moving obturator center. The 3-axis coincides with the longitudinal axis
of the projectile, so that the 1- and 2-axis lie in a plane perpendicular to
the projectile axis. The 1-axis is always colinear with the nutation axis
determined by the Euler's angles p, e, and (Figure 3). As a result, this
coordinate system is convenient in determining the cocking motion and the
bourrelet force of the projectile and the Euler's angles.
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The body-fixed moving coordinate system xy z (Figure 2) is confined on
the projectile, with its origin coinciding with that of the 1 2 3 coordinate
system. In fact, the z-axis coincides with the 3-axis. The X-axis is
positioned such that the projection of eccentric c.g. of the projectile on the
obturator plane lies on this axis. These two moving coordinate frames are
related by the fact that the X yz system (hence the projectile) spins about
the 1 2 3 systemD with both the z-axis and the 3-axis as the axis of spin.
The angle between the X-axis and the 1-axis (nutation) axis is the Euler's
angle 4 (Figure 3). This coordinate system determines conveniently the
positions of c.g. and the other projectile components such as fuze, relative

to the projectile.

The orientations of the moving coordinate systems 123 and x y z (hence
the projectile) are linked to the fixed system xyz by Euler's angles , 0,
and 4 as shown in Figure 3.

Based on the above-mentioned assumptions and coordinate systems and
employing the theory of dynamics of rigid bodies and elasticity principles,
Newton's and Euler's equations for the analysis and associated force and

moment equations are derived [i, 2, 3, 4]. These equations are too lengthy
to be included here. However the simplified main equations are listed in the

Sfollowing Governing Equations Section.

GOVERNING EQUATIONS

The simplified main governing equations in this analysis are as follows.
The notations are explained in the Notation Section.

Newton's equations:

Sm = F (1)
MR F

x

M= F (2)
y

ME F (3)
z

Euler's equations:

S - h +2h = M (4)
1 3 2 2 3 1

h 2 - 1h3 + S3h1  M ()

3 - a2h + 1 h2 = M3 (6)

Bourrelet force and deformation equations:

J.,1 = k6 (7)

3 2
k Et /.135r (8)
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S=rcos 8 + (h + t) sin0- R (9)

Rifling effect equations:

1/N = mD/Vm  (10)

y tan I (iT/N) (11)

Wtany -R (+ cos0) (12)

Cross spin rate euqation:

2 *
S(*psin 6) + 2 (13)

INPUT DATA FOR ANALYSIS

The gun tube dimensions used in this analysis were obtained from the
155mm M198 howitzer. The projectile travel is 200 inches or 5.08 meters and
the land diameter is 6.100 + .002 inches (154.94 + .05mm). The nominal twist
is 1/20. The effective twist angle y is computed from the experimental muzzle
velocity and spin data according to Equations (10) and (11). The computed
values are: y = 1.430881 deg. (0.25 red) for a muzzle spin of 30 rps and a
velocity of 1918 fps (585 mps), and Y = .954031 deg. (.0167 rad) for a muzzle
sp±.i of 20 rps and a velocity of 1918 fps (585 mps).

To investigate the effect of tube wear, the wear condition of the chrome
plated gun tube XM199 SN 83 after 1710 rounds was used in the second part of
the analysis. This state of wear is shown in Figure 4. This worn tube
exhibited large wear only near the muzzle and has slight wear elsewhere.

In the analysis all gun tubes are assumed to be fired at an elevation of
30 degrees (.5236 radian) and they are considered to be straight, rigid and
stationary.

The chamber pressure used in the computations is plotted against time in
Figure 5.

The simplified dimensions and properties of the projectile XM712 and the
M198 howitzer are tabulated in Table 1. As the actual values of e.g. imbal-
ance are not available, values of 0, 5, 10, 15, 20 and 25 in-oz (0, 35.3,
70.6, 105.9, 141.2 and 176.5 mm-N) are used in the analysis. These values
are equivalent to e.g. eccentricities of 0, .0023, .0045, .0068, .0091 and
.0113 inch (0, .0058, .0115, .0173, .0231 and .0287 cm) respectively.

The actual spring constant of the bourrelet is also not available and
was therefore computed from Equation (8). It is calculated to be

k .1306 X 106 lb/in (22.86 X 103 N/nm),
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using

E = 30 X 106 psi (206.8 X 10 N/mm2)

t = .176 in (4.47nm)

r = 3.046 in (77.37mm)

To aid in visualizing the magnitude of normal accelerations at various
points at the projectile axis, axial points A and F in addition to c.g. and
the bourrelet center are characterized. The distances from the axial points
A and F to the base of the projectile are 44.05 and 51.55 inches
(111.89 and 130.94cm) respectively (Figure 2).

TABLE 1

DIMENSIONS AND PHYSICAL PROPERTIES OF PROJECTILE AND GUN TUBE

A. Dimensions and Properties of Projectile

Total length of projectile, cm (in) 137.287 (54.050)
Obturator to base distance, cin (in) 5.055 (1.990)
C.G. to base distance, cm (in) 58.141 (22.890)
Bourrelet to base distance, cm (in) 104.013 (40.950)
- ourrelet diametcr, cm (in) 15.474 (6.092)
Bourrelt spring constant computed,

IOE6 N/cm (10E6 lb/in) .229 (.131)
Based on bourrelet wall thickness, cm (in) .467 (.176)

Axial Point A to base distance, cm (in) 111.887 (44.050)
Axial Point F to base distance, cm (in) 130.937 (51.550)
Weight of projectile, kg (Ibs) 62.650 (138.120)
Polar moment of inertia, kg-cm sq (lb-in sq) 53.138 (755.800)
Transverse moment of inertia, kg-cm sq (lb-in sq) 1998.376 (28423.580)

U. Dimensions and Properties of Cun Tube

Bore diameter, mUl (in) 154.940 (6.100)

+.05 (+.002)
Tube inclin ation, radian (degrees) .524 (30. 001)
Travel, m (in) 5.080 (200.000)
Effective twist angle of rifling, radian (deg)

(30 rps spin) .025 (1.43!)
Effective twist angle of rifling, radian (dog)

(20 rps spin) .017 (.954)
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RESULTS OF ANALYSIS AND DISCUSSIONS

The computations were performed for the four categories shown in Table 2.

In each category, seven cases have been computed. ln the first six cases,

the parameter varied in the computation is the c.g. imbalance. It is

varied from 0 to 25 in-oz (176.5mm-N) in steps of 5 in-oz (35.3mm-N). The

first six cases are initialized with the bourrelet contacting the gun tube.

In the last or the seventh case the projectile is assumed to be initially

parallel to the gun tube axis with the c.g. imbalance taken as 25 in-oz

(176.5mm-N). This last case is intended to show the effect of initial

projectile position. All other parameters involved are assigned constant

magnitudes for the seven cases.

TABLE 2

CATEGORIES OF COMPUTATIONS

Category 1 Gun Tube 1 Land Diameter, mm (in) 1 Spin Rate, rps

1 1 New 1 154.94 (6.100) 1 30

2 1 Worn 1 154.94 (6.100) 1 30
1 1 1

3 1 New 1 154.99 (6.102) 1 30
1 1 1

4 1 Now I 154.99 (6.102) 1 20

The governing and associated equations are solved using a numerical
integration method. The computations were performed on a
CDC 6600 computer. The peak values of calculated results are tabulated in
Tables 3, 4, 5 and 6, and some results of categories 2 and 3 are plotted
against travel in Figures 6 to 18 to show their variations. From these
tables and figures it Is seen that all peak values are very low and the
motion has less variations when compared with those of projectiles such as
the 155mm M483 [41 and 8 inch XM753 [31 The peak values, however, are
increased as the c g. eccentricity increases. Tils, however, Is not true for
the lateral obturator forces in new and worn tubes or the yaw angles
and velocities In the worn tube cases. Peak values for cases with 1a,d
d amter of 6.100 inches (154.99,m,) differ very little from that of the worn
tube (nominal land diameter is 6. 100 inches or 154.94 mill imeters) except fr
yaw angles and velocities. The differences are large between rasvs of land
diameter of 6.100 inches (154.94iwi) and those of land diameter of 6.102 inches
(154.99nun).

The obturator slips on the gun tube and thus considerably reduces tle
centrifugal forces. Consequently the centrifugal force effect is small in
this analysis. The reduction of spin rate from 30 rps to 20 rps results in
small changes in the peak values. Tlerefore it seems that the tmiost sensitive
factors in this analysis are the c.g. eccentricity, the worn tube, and the
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clearance between the gun tube and the bourrelet. This is also true for

projectiles with ordinary rotating bands [1, 2, 3, 4]. The effect

of worn tubes on the peak values is small in this analysis compared to the

large effect experienced for projectiles with ordinary rotating bands.

This minimal effect is due to the reduction in the spin rate resulting from

slippage between the gun tube and the obturator. Thus degradation nf the spin

rate acts to reduce the centrifugal force at the c.g.,which in turn reduces

the balloting motion. With emall balloting motion the effect of a worn tube

becomes small. Furthermore, the wear of the worn tube is moderate

from the breech to about 70 inches (177.8cm) from the muzzle but severe near

the muzzle. The base pressure is high near the breech but low near the

muzzle. This combined influence tends to make the worn tube effect on the

peak values not so evident as those on projectiles with a rotating band.

However the effect of the worn tube on the variations of the variov's
quantities are prominent as seen from a comparison of curves of new and worn

tube cases as shown in Figures 7 to 18.

The effect of initial projectile orientation can be seen by comparing the

cases having the gun tube in contact with the bourrelet with that ot a

projectile positioned parallel to the gun tube. This may be seen in cases

6 and 7 of each category. The peak values are not significantly influenced

by whether the projectile is initially parallel to the gun tube or contacting
the tube.

t?.

I GUIU 6. Computed Time, Velocity and Acceleration vs. Travel
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CONCLUSIONS

Based on the results of computations and discussions, it is seen that the
balloting motion of the XM712 projectile is not severe. The peak values and
the variations of motion are much less than those of projectiles having a
rotating band. The approximate maximum peak values are as follows.

Bourrelet contact force 990 lbs (4400 N)
C.G. lateral inertial force 720 lbs (3200 N)Obturator lateral force 300 lbs (1330 N)

C.G. normal acceleration 8 g's
Bourrelet center normal acceleration 12 g's
Axial point A (44.05 in or 111.89 cm
to base) normal acceleration 13 g's

Axial point F (51.55 in or 130.94 cm
to base) normal acceleration 15 g's

Yaw angle .0005 rad.
Yaw velocity .11 rad/sec
Cross spin rate .11 rad/sec

The effects of increase in the bore diameter and the e.g. eccentricity
are prominent. The increase of the e.g. imbalance from 0 to 15 (specifically
10 in some cases) in-oz or 0 to 105.9 (especially 70.6 in some cases) mm-N
causes a considerable change in balloting but lesser variations when it is
further increased to 25 in-oz or 176.5 ,un-N. An increase in the bore diameter
causes less variation in the motion pattern but rather large increases in the
amplitude or magnitude of the motion.

The effect ot the tube wear is such as to produce more fluctuations in
the balloting motion as shown by the curves of worn tube cases. The change
in the peak values however is small.

The effect Of the initial position of the projectile, whether it is

parallel to Lite gun tube or contacting the tube at the bourrolet, is smtall.
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ABSTRACT

An impact apparatus was developed for firing regular and irregular-shaped rock

projectiles. Sedimentary and igneous rock projectiles were fired at the center of a

simply supported aluminum beam in a series of impact tests. The experimental in-

vestigation was conducted to determine: dynamic response of the beam, localized

permanent deformation of the beam in the region of impact, and fracturing behavior

of weak and strong sandstone. Strain gages attached to the beam, disclosed that ouch

rock material upon impact exhibits its own mechanical signature. 16-mn high speed

films of the impact process, provided valuable projectile and beam displacement data

both during and after impact. The experimental data were invaluable to the subsequent

development of analytical models which approximate the dynamic behavior of a rook

I -i.projeutile-.,bam system.

INTRODUCTION

Many of the radars assoeiatvil with missile defense are "hardened" to withstand

nuclear weapon environments. For a nuclear weapon explosion classified as a surf-ce

burst, large amounts of soil and rock debris are carried up fron the earth's surface

into a radioactive cloud I 1 1. A crater produced it dry soil at ground zero, as a re-

suilt of the explosion of a 20 megaton weapon is approxihiately 3000 ft (914 ti) in iant-

oter and 300 ft (91.4 mn) deep 1 2 1. The crater size will he somewhat less it sand-

stone and granite. The quantity ant size of rok debris which can rain down from the

radioactive cloud, tn a hardened radar structure in the vicinity of the explosion, can

be oi major significance in the design of these structures.
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During the past decade a new member has been added to the radar family, the

phased-array radar. This radar differs from the conventional rotating parabolic dish

antenna, in that it is electronically steerable, and does not require moving parts.

Phased-array radars are characterized by large numbers of antenna elements mounted

to the front face of a flat support structure.

Only a limited amount of debris impact work has been performed during the past

several years. The majority of the work has been in the area of failure of antenna

element ceramic windows. Presently there is an interest not only in individual anten-

na elements, but in the response of the array face structure to rock debris impact.

Satisfactory radar performance requires that one be concerned with array face vibra-

tion, localized indentation, embedding of rock in the array face and total penetration

of the structure.

Experimental investigations were performed to study the impact of rock pro-

jo etles on a simply supported beam. Projectiles used in the study included sedimen-

tary and igneous rock materials having both regular and irregular shapes. Projectiles

had a range of impact velocity sufficiently high to cause severe fracturing to the sedi-

nmentary rock group. Projectile initlA kinetic energies were limited, so that the beam

* would only experience localized poritient deformation in the form of an indentation at

the point of impact.

High speed flm and beam strain gage data provided the crucial mcasurements

* necessary to the understanding of this complex impact problem. This data contributed

significantly to the development of analytical models, for Wipuet of fracturing and

Snnfracturing rook with a simply suiported boam.

lROCK MA''EIUALS4 T*,i 1.1)

The materials selected for the inipact study included both sedimentary and ig-

neous rocks. Two typos of fine grained sandstone, and a high strength gabbro, were

used for the projectiles. Indiana sandstone which is classified as a weak rok i 3 1 in

that it has a uniaxial compressive strength less than 10,000 lb/in. 2 (IQ, 3 TPa),

was selected for two reasons. First, it is desirable to include rocks in the study

which would experience severe fracturing without inducing plimtic deformation of the

beant, other than local deformation at the point of contact, Secondly, this sandstone

Hi9



exhibited good machining qualities which facilitated the grinding of a number of sam-

ples into a grouping having the same shape and mass. This made it possible to con-

duct a series of controlled impact tests where velocity was the only variable.

Indiana sandstone which can be classified as fine grained, quite porous, and not

well cemented sandstone bonded with a silica cementing agent. This sandstone is

reddish-brown in color. The higher strength sandstone is also a fine grained sub-

stance, composed almost entirely of pure quartz. This sandstone is light tan in color.

This material is fairly porous. However, it is not as porous as the Indiana sandstone.
The quartz grains are also bonded together with a silica cement.

Gabbro is a coarse-grained igneous rock, which is greenish-black in color.

This gabbroic material is primarily feldspar and does not contain quartz. Granite is

quite similar to gabbro in that it is a coarse-grained igneous rock. However, it con-

tains a minimum of 5% quartz in addition to feldspar 14 1.

Hardness tests were made on all rook materials using the Rockwell Superficial

Hardness Tester. Tho light areas on a polished surface of the gabbro had a hardness

of 96, while the dark areas measured 92. The hardness of the high strength sandstone

was found to be 77. It was not possible to obtain a hardness for the Indiana sandstonej ? because the surface would tend to crumble upon application of the load.

Uni axal compression tests are frequently used to evaluate rock strength 151.
The standard test uses regular shaped specimens, such as cubes, prisms or cylinders.

The 1.0 in, (2.54 m) Sandstone samples were prepared in the 3hape of a cube in ao-

cordanco with the )rocedure of reference 16 1. The sandstone specimens upon being

subjected to a compressive load wore observed to experience tmial splittng, The

mechanical properties obtained from these tests are given in Table I.

'...i.,,



Table I. Mechanical Properties of Sandstone

Sandstone Compressive Strength Modulus of Elacticity
Tye(bi.2 2

(lb/in. MP~ (lb/in. ) MPa

Indiana 4000 28 0.58 x 106 4080

6
High Strength 11400 80 1.03 x 10 7240

PREPARATION AND CLASSIFICATION OF PROJECTILES

In order to have each projectile consistently impact the beam within 0. 250 in.

(0.64 cmr) of the center position at a desired velocity, it was necessary that it have an

almost perfect fit with the 1. 0 in. (2.54 cmr) inside diameter gun barrel. The normal

polyethylene sabot, used for a housing on symmetrical bodies such as cylinders and

V. spheres, could not conveniently be used in this instance. The only feasible way to

control rock projectile trajectory, motion and velocity was to encapsulate the projec-

tile in a materi l having a cylindrical base as shown in F1tgure 1. Plaster of Paris

was found to be most suitable for this application. This potting material is easily

prepared, adheres quite well to rock specimens, conforms well with a cylindrical

mold, and provides for minimum friction with the gun barrel.

PI'gurw 1. 1rjectllcs Encupaauted in Plaster of iaris

• • 21'!



A rock projectile classification has been developed which characterizes irregular

1.0 in. (2. 54 cm) rock with regard to shape. This classification is illustrated in Fig-

ure 2. The ideal boundary shown in this figure is an outline of the desired projectile

profiles. A tolerance zone has been applied to the surface to allow for natural surface

irregularity and roughness, which is indeed characteristic of rock.

k /d.m Ko WAX"~

00
o

:-NFigre 2. l1ock .Prectilo Clfica.fou

MPACT TEST AP PARtATU S

.... . Rock projectiles are fired against a simlfly supported beam using the air gun
!i..,!apparatus shown in Figure 3. The air gun to energized by a 3-in. diameter pressure

i!:ichamber suppled with air through a fitting at the right and an elctrically operated

i iisolenoid valve at the other end. This valve separates the pressure vessel from the

: -!25-in, (63.5 6a) gun barrel which has a 1. 0 in. (2. 64 ema) inside diameter. The

}).. switch controling power to the solenoid valve is mourited at the loft ead of the appara-

!.:: " tus. The simply supported 606 1WI alunutm beam which measures 0. 125 in. x 1. 0

1Lx 18. O0 in. (0. 39 am x 9. 64 am x 45. 1 ea), is supported with 0. 015-1m. (0. 038,.cm1

, " 295
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thick stainless steel column supports. This type of support was used by Goldsmith [ 7 1

because the connection approaches that of an ideal simple support.

he horizontal beam projects through both sides of a protective plexiglass housing.

This housing serves a number of functions in addition to the most important one being

operator protecLion. It provides a means of capturing dl material which nay break

away from the projectile should severe fracturing occur. In addition, it provides a

support for two photocells which are used to measure projectile velocity just prior to

impact.

...l .. . .. ... . ....

..... ... .. M

'tltxure 3. |ppirato set'd tio ivestigate |lim-kpt W:ivior of
Rock l~obris, \%%tUI a imlplyv ,4iI x'reJ lk.Unim

Fllgu re ,1 SiS cr's-0 WirS esintied to lit'eila s likitiolied atu. atd Mwlow

2. uolle of lhite 1otUhMlIS. iel lower wire 14mmIi ' in the tprojt'tle ipat miakes e oilact with

the uipl*- witt alit tigg e'rz the , t p ol the oliloseopt. l i vt i am" exire t*tremly1
light a|til have' ai ilie lligibhe effect oil troi t-4:stlle trajetiory) -iiil veiloeily.

lit order to prlteet th etitor of the h i in1 Wih coitact. reiol, 0. i11 i. 1, 0

ha• t, % . oI t l . V. ill .s , itt N 2.. 1A et)l i111" *4luilntlaU1 oliaet piiteg wels tistd.
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Figure 5. High Speed Camera and Associated High Intensity Lamps

A schematic representation of the impact test apparatus and associated instru-

mentation is given in Figure 6. A storage oscilloscope was used to record one channel

of strain gage data and two channels of photocell data. The oscilloscope was triggered

by feeding an 18-V do signal to the "EXTERNAL TRIGGER IN" connector on the oscil-

loscope. This trigger was initiated when the projectile caused the cross wire within

the test area enclosure to make contact. Strain gage data was also obtained using an

oscillograph recorder. This equipment was used to record long-time beam exposure.
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Figure 6. Impact Test Apparatus and Instrumentation

RESULTS OF IMPACT EXPERIMENTS

The experimental studies provided the crucial measurements necessary to the

understanding of the rock-beam process. The high speed films were truly invaluable

to the understanding of this complex phenomenon. The high-speed film quality was

good and it facilitated plotting beam center displacement as a function of time. It was

possible to plot 82 frames of beam displacement for one cycle of first-mode beam
i ! : : ' i:vibration. For projectiles which did not fracture upon impact, it was possible to

track their motion, detect multiple impact and determine time of occurrence and dura-

tion of the primary and secondary impacts. For projectiles which fractured it was

possible to measure projectile shortening on a frame-by-frame basis, as material

spalled away from its contacting surface. The dynamic strain gage data revealed that

each rock projectile of a given material exhibits its own unique characteristic shape or

mechanical signature.

.MIACT BEHAVIOR OF INDIANA SANMSTONE

7 Figure 7 shows five 16-mn frames of the impact process for projectile 11. S.

For this test the filn speed was 5760 frames/s. Frame I shows the projectile ap-

proaching the beam at a velocity of 1330 in./s (33.8 n/s). Frame 2 shows the pro-

jectile making initial contact with the beam impact plate. Frames 3 through 5 are the
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frames of major contact force between the fracturing projectile and the beam. A

measurement of projectile shortening, as a result of loss of material at the contact

point, shows the following: frame 3 [ 0. 18 in. (0.46 cm)], frame 4 [ 0. 12 in. (0. 30

cm) ] and frame 5 [0.06 in. (0. 15 cm) This film indicates the contact time for

. .sample 1I. S. is approximately 0.50 ms. This time coupled with negligible contactI.: plate surface damage would indicate that the impulse has a peak contact force of rela-

tively small magnitude and long time duration.

A plot of beam displacement at the contact point vs frame number or time is

given in Figure 8. Frames 5, 14, and 22 in this figure show the first few peak values

of third mode vibration. The period associated with the 3rd mode contribution to the

total vibration is 1. 58 ms. Data points between frames 28 and 33 are missing due to
: the masking of debris passing over the beam. It should also be noted that a second

impact took place at frame 45.ii 0.500
0.4375-

0.3128

S0.250

S0.12578

S0.025

cj 0.02
0 10 20 30 400 70 'lAMES

1.74 3.48 0. 69 13.92 TIME (ma)

-0.3125

-0.375

Figure 8. Beam Response to Impact with Indiana Sandstone Projectile (11. S.)

The Indiana sandstone has a fracturing behavior quite different from that of the

higher strength sandstones. At velocities as high as 1100 to 1200 in. /s (27.9 to 30.5

m/9) the projectile experiences spalling completely around the area of contact. This

spalling or flaking away at the surface can be soon in Figure 9 for test saples 8 I.S.
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and 10 I. S. It should be noted that these projectiles have been ground to a regular
ovigal shape. In addition to the larger flakes of sandstone one can observe a consider-
able amount of pulverized material. Both contact plates show small amounts of em-
bedded material. This material can easily be wiped away by lightly rubbing the surface.

. I.,

8 I.S. 10IS/

Figure 9. Indiana Sandstone Projectiles Showing Surface
Spalling and Pulverized Material

IMPACT BEHAVIOR O1" FINE GRAINED, 111011 STRENGTH SANDSTONE

The harder sandstones exhibit a rather interesting behavior upon impact with an

aluminum beam. This type of sandstone leaves a permanent indentation in the contact
plate. In addition, a conical shaped mound of the rock material remains permanently

embedded in the plate. Figure 10 shows rock specimens for 55 and 68 along with the
respective contact plates. Sample 5S exhibits the characteristic fracture that occurs
for projectile velocities above 1000 in. /a (25.4 m/s). One can see the conical shaped

cavity both radially and longitudinally through the sample. Figure 10 shows a side view
of the contact plate with the embedded conical rock. This contact plate was potted in a

hysol epoxy and sectioned. Figure 11 is a SOX photomicrograph that shows a partial
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IMPACT BEHAVIOR OF GABBRO

Representative indentations which resulted from the impact of gabbro projectiles

with the aluminum beam are shown in Figure 12. The contact plate indentation caused

by sample 2G is elliptically shaped and measures 0. 18 in. x 0. 12 in. (0.46 cm x 0. 30

cm) while that associated with 3G is D-shaped, measuring 0. 18 in. x 0. 15 in. (0.46

cm x 0.38 cm). The maximum crater depths are 0,013 in. (0. 033 cm) and 0. 016 in.

(0. 041 cm) respectively for 2G and 3(. The indented surface which resulted from 3G

clearly shows a replica of the undulations of the contact surface of the projectile.

/ .: '

2G 3G

Figure 12. Intact Gabbro Projectiles and Indented Contact Plate I Projectile
Velocities for 2G and 3G are 868 in./s (22.0 m/s) and 970 in./s
(24.6 m/s)1

Both projectiles experienced a secondary impact upon rebound of the beam. This

secondary impact reduces the maximum negative displacement of the beam which oc-

ours at frame number 60 in Figures 13 and 14. Both curves shown significant 3rd

mode contribution to the total displacement as well as evidence of 5th mode participa-

tion.
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Figure 13. Beam Response to Impact with Gabbro Projectile 2G

,1,

0.375

0.3125

! , Ill -~~~~~0,150 I; .1 66 il'"( s

<' -0.125

0.00

0 0 20 30 40 50 00 70 VINK

".74 3.40 0,00 G 7 I

-0. 20

Figure 14. Beam Response to Impact with Gabbro Projectile 3

COMPARISON OF ROCK-BEAM IMPACT BEHAVIOR

In addition to the extremely valuable 16-mm high speed film data, strain gage

data was obtained for each impact experiment. Strain data at the center of the beam is

equally as important, since it provides additional information that cannot be deduced

from the film data.

After collecting strain data for each material treated in this investigation it be-

came apparent that each material exhibited its own characteristic dynamic strain re-
ar"t1e, or mechanical signature. A comparison of beam strain response, to each

* of rook material tested, is presented in Figure 15. The strain response to Indiana

Iandstone projectile I. S. is given for approximately 7.0 ms, which is one-half the
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section of the permanently deformed surface. The local variations along the profile

are due to the deeper penetration of the hard silica grains of the sandstone. Figure 10

also shows a mound of embedded sandstone for 6S. The outline with the plate surface

in this case is triangular.

r!

4

Figure 10. ligh Strength, Fine Grained Figure 11. Photomiorograph (BOX)
Sandstone Projectiles Following Showing Partial Section of
Impact (Impact Plate of (58) Indentation.
Potted and Sectioned)
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fundamental period of the beam. The periods associated with the 1st, 3rd, 5th and

7th normal modes of vibration of the beam are 14. 2, 1.58, 0.56 and 0. 289 ms respec-

tively. The first few milliseconds for each response is the zero-strain reference,

which commences when the cross wires in the path of the projectile touch, thus trig-

gering the time sweep of the oscilloscope. The strain record for UI. S. indicates a

rather -slow increase in strain during the first 0.4 ms following contact. This be-

* havior is characteristic of all Indiana sandstone projectiles tested. It is the result of

,* an impulse upon impact, which has a small peak contact force and a long-time duration

of loading. The response primarily exhibits 1st and 3rd mode participation. Modal

participation can be deduced from the strain time response by observing the time in-

i* terval between major peak values.

The strain response due to impact with gabbro projectile 1G has an entirely

different behavior. Within 0. 100 ms following contact, the strain at the center of the
beam is over 1500 microstrains. In the first millisecond one can observe significant

5th mode participation as well as some evidence of 7th mode. This response, with

considerable high frequency content, is due to an impulse with a large peak force hav-

Ing a short time of contact. The maximum strain for 11. S. is 2000 nilorostrains, com-

pared with 1700 microstrains for 1G. However, note that the initial kinetic energy of

the projectile for UI. S. was almost 3 times that of IG.

Figure 15 also gives strain response of the beam upon impact with sandstone

projectile 4S. This material exhibits.an early time behavior similar to the gabbro.

After an initial period of 0.60 ms, the strain behavior appears quite similar to that of

the Indiana sandstone. Although this material is not as hard or strong as the gabbro,

it has a compressive strength of three times that of the Indiana sandstone. It should

therefore be able to develop a fairly high contact force upon impact before fracturing.

Secondary impacts occur once fracturing begins. Significant pulverization takes place

along the circumferential edges surrounding the embedded mound of sand. These

secondary impulses tend to be of longer time duration with a significantly reduced

magnitude.
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ANALYTICAL MODEL

A method was developed for predicting the dynamic response of the projectile -

beam system. The problem was divided into three areas: (1) Prediction of beam mo-

tion, (2) Prediction of projectile motion, and (3) Prediction of force interaction between

the beam and the projectile including effects of localized plastic deformation of the

beam and projectile, and fracture of the projectile.

The motion of the beam can be conveniently studied using the normal mode method

191. For the case of the simply supported beam which was studied, the characteristic

mode shapes are given by

n~rOn~x N sin nx(1

where I represents the length of the beam and n 1, 2, . .. . For this analysis the

mass of the contact plate was neglected, being less than 3 percent of the total mass of

the beam. The undamped natural frequencies are given by

= n2 f2
W' (2)

where El is the flexural rigidity and m is the mass per unit length. The total deflection

of the beam can be written as

y(t,x) = An(t) n(.x) (3)
mI=1

where An(t) is the modal amplitude which is obtained by solving the differential equation

,.2 Pt)(4)

.(t) + 2.A(t) + 2 A (t) ((
n -

where the generalized mass

2

n=1 m(X) (x) dx. (5)

0
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and the generalized force
/I

(t)= p(x, t) (x) dx (6)

0

and p(x, t) is the load per unit length acting on the beam. Also, /3 c/2m where c is

the beam damping per unit length.

The interaction foroe between the projectile and the beam was estimated from

static load-deflection considerations. In the case of a strong material which does not

fracture, the interaction force depends on the elastic deformation of the beam and pro-

jectile and on the localized plastic deformation in the vicinity of the impact point.

A number of force deformation laws have been developed to describe the static

deflection of two bodies having regular shapes (spheres, cylinders, plane surfaces).

The Hertz Law of Contact 1101, was one of the first relationships developed to

account for local indentations between two contacting elastic bodies. This law is

given by
:,, -3/2

F k' . 20 (7)

If one considers the compression of a sphere against a flat plate for example, the

constant (k2 ) is a function of the radius of the sphere and the material properties of

both bodies. The (a) term is defined as the approach, and represents the maximum

relative compression of the two bodies.

Other laws have been developed to account for plastic contact indentation, One

such law is the Meyers Law 1101 given by the emporical equation

where (A) is the radius of the permanent crater. For the case of a sphere contacting

a plane surface, constants f) and I) are a function of material properties of the

bodies and the radius of the sphere. For metallic materials n has been found to vary

between 2. 0 and 2. 5.

307



In any particular case, the appropriate form of the relationship can be deter-
mined by a static compression test. An example of the form of this relation which

was used in this study for nonfracturing impact cases, such as those involving gabbro,
or glass, is shown in Figure 16.

321 -9

3000-

2400-

20000/

5 i00-

0.000 00 .010 0. a 1 ft II,',l~

Figure 16. Contact Spring Force Deflection During Loading and
Unloading Phase for Computer Model Initial Impact

lin those eases involving p~rojectile fracture, at siniflar procedure, can 1w followedl.
if an analytical procedure is desired, calculations Involving fracture initiation, c~rack

propagation and crack arrest can lead to the developmient of the appropriate force In-

teraction relation. lin the present study, this relation was determined by static coin-

pression testing. The type of relation which wats used is illustrttted by Figure 17 which,

depicts the essence of the results of thej static test for Indiana sandstone. lit addition

to deterinining the nature of the force interaction, inforniation must also be obtained

concerning. the reducUon in nmass of tWe projectile whichl is associated with th frtr

Process.,
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Figure 17. Simplified Resist.-nee Function for I udi ana Sandstione P~rojectile

The analytical comiputations were oarried usilng the componont -element method
IiI.The eopnn-lietmethod computer model is illustrated itn F'igure 16.

The various elements used to describe the bam re~set Zire obtained from thie tip-
propriaito values of Mil w 11mad ~.One deg ree-of- freedom is assigned to the motion
of the projectile. The interaction force is modeled using the stop-elements depict-ced
in the figure its a nonhum~i contact spring. The entire behavior of the systomvan be
predicted if eare is takent to break up the analysis to account for different loading and
unloading relations, reduction in mass of the fracturing projectile, rebounding, mul -

tple Impacts, etc.- A complete discussion of the anltclmdland results is-givenl
in reference 112)..

The degree of success %vhich is achieved in~ prmdicting the behatior o1' the sy-tml

Is illustrated in Figures 19 anid 20 whiich show the experiviental ztm predicted str~tin
response for at tionracturing and fracturing Iipaet situtiloi. The procedure ap~vars
to be capatble of tieacribing rather complex bdu~nvior with a1 00111parmtivey Himple
eoinuttional motlioduoguy.
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Figure 19. Comparison of lixporiniontal Figure 20. Comparison between Expert-
and Analytical IHeam Strain mental and Analytical $train
Response (Class Sphere Response (Indiana Sandstone
Projoctilel Projetile)

The analytical results also provided information regarding energy distribution
upon linpact. For Indiana sandstone, 70% of its onergy goes into the fracturing process
while only 22% is absorbed by the bourn in the form of vibrational energy. The be, i
indentation is supevrficial and accounts for only a few percent of the system Onergy.

The higher strength sandstone, having a compressive strength of 11400 lb/in.2
(80. 1 MPa) produces it significant indentation. in addition to leaving a conical
mound of maerial embedded In the beanm. For the igneous rock, appiroximatoly
35% of its energy goes into producing permanent localirad Indentations, for

projectile volocities in tho range of 800 to 1000 in. /9 (20.3 to 25.4 rn/s).
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SUMMARY

Beam strain response is strongly influenced by projectile strength and hardness.

Projectile shape 'ippears to have only minor effect on the beam vibration and its as-

sociated mechanical signature. Regardless of projectile shape in a given material

type, the mechanical signatures are similar over a range of velocity. The mechanical

signatures are for the most part a function of the time duration of contact between the

projectile and the beam. The major difference is that strain amplitudes naturally will

increase with increased projectile velocity. It has been observed that the blunt shaped

projectiles of a given mass in Indiana sandstone require greater velocity to fracture

than those of equivalent mass having a pointed shape. In any event, regardless of

whether or not the projectile completely fractures or remains intact following some

material loss, the mechanical signatures of Indiana sandstone are quite similar.

A viable procedure has been developed for predicting dynamic response, impulse

and localized permanent deformation of a beam upon impact with both fracturing and

nonfracturing rock projectiles. Experimental and analytical results from computer

models were compared and found to be in fairly good agreement.
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DEFORMATION OF MAR-M200 (A NICKEL BASE SUPERALLOY)
UNDER SHOCK LOADING TO 8.5 GPa AT ROOM TEMPERATURE

DATTATRAYA P. DANDEKAR
ANTHONY G. MARTIN
JOHN V. KELLEY

Army Materials and Mechanics Research Center
Watertown, Massachusetts 02172

ABSTRACT

In this work we present the results of shock loading experiments on MAR-
M200. MAR-M200 is a vacuum induction melted and vacuum cast nickel base pre-
cipitation hardening alloy. It's ambient density is 0.310 lb/cu.in. (8.59
Mg/m 3). The values of Youngts and Shear moduli, and Poisson's ratio are deter-
mined to be 27.7 MSi (191 GPa), 10.4 MSi (72 GPa), and 1/3, respectively. The
results of shock loading experiments show that: (a) MAR-M200 deforms in a
linear elastic manner to a maximum stress of 0.42 MSi (2.87 GPa) at zero depth,
(b) the elastic deformation of MAR-M200 is, however, limited to a stress of
0.13 MSi (0.92 GPa) at a depth of 0.301 in (7.8mm), (c) the deformation of
MAR-M200 above the appropriate elastic stress limit does not appear to be like
that of an elastic-plastic solid under shock compression, and (d) the spall
threshold of MAR-M200 lies between 0.551 and 0.653 MSi (3.8 and 4.5 GPa).

INTRODUCTION

MAR-M200 is a vacuum induction melted and vacuum cast nickel base pre-
cipitation hardening alloy. It contains relatively large amounts (12.8% by
weight) of tungsten for solid solution strengthening (Table I) and carbide
formation. Cobalt is added to increase the solubility temperature, i.e., the
solvus temperature of the gamma prime hardening phase, a primary precipitate
phase of MAR-M200. This alloy was developed to retain useful strength to
1899 P (1310 K), mainly as a cast turbines and vanes in gas turbine applica-
tions. Recently, there has been some interest in determining the response of
this material when subjected to both high pressures and elevated temperatures.
The above interest is generated primarily because of the low thermal expansion
coefficient, high thermal conductivity, high elastic modulus, and moderate
density of MAR-M200. There exists a fairly good amount of data pertaining to
variation in its physical and metallurgical properties at elevated temperatures
at one atmospheric pressure because of its earlier applications in gas turbines,
aircraft engine blades, etc. The information with regard to variation in these
properties of MAR-M200 at high pressures, however, has not been collected.
The present investigation was undertaken to initiate the process of offsetting
the said lack of information on MAR-M200. The present work reports the observed
response of MAR-M200 to shock loading at room temperature 72 ± 8 F (295 ± 5 K).
The maximum stress that MAR-M200 was subjected to in the present investigation
was around 1.3 x 106 psi (9.0 GPa). The observed response comprises of Hugoniot
of MAR-M200, the nature of deformation, stross wave profile, and spall thres-
hold in MAR-M200.
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TABLE I COMPOSITION OF MAR-M200

vWeight Weight WeightLElement Percent Element Percent Element Percent

Al 5.11 Cr 8.82 Ti 2.19

B 0.02 Cu 0.10 w 12.85

C 0.14 Fe 0.20 Zr 0.05

Gb 0.97 Mn 0.02 5 0.01

Co 10.18 Si 0.10 Ni Balance

1~ 

-59.2

Figure 1.* A P1hotoi crograph of' As-Reevi ved MAR-M20 0
Showing the Heterogeneity of the Grain Size
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DESCRIPTION OF MAR-M200

The composition of MAR-M200 used in the present investigation is given
in Table I. The presence of the various elements are carefully controlled to
provide desirable mechanical property in the range of serviceable temperature.
Briefly, nickel, cobalt, tungsten, chromium, and iron make up the face centered-
cubic austenite (y) matrix. The elements aluminum, titanium and niobium, make
up the gamma prime (y1) precipitate Ni3 (Al, Ti, Cb). Boron, carbon, and
zirconium are the elements which segregate to grain boundaries and are mostly
carbides of the type M2 3C6 and M6C. The principal thing to note is that desir-
able high temperature properties of a nickel alloy stems from coherent pre-
cipitation of y1 phase with austenite. A detailed discussion of nickel alloy
composition and their effect on physical metallurgy and mechanical properties
will be found in [1].

The as-cast MAR-M200 used in the present investigation has a density of
0.310 ± 0.001 lb/cu.in. (8.59 ± 0.04 Mg/m3). The material is extremely inhomo-
geneous with respect to the grain size as shown in Figure 1. This inhomogeneity
of MAR-M200 pervades through the bulk of the material. As a consequence it has
been difficult to measure velocities of elastic waves in MAR-M200 by means of
ultrasonic techniques with a very high precision. The magnitudes of longitud-
inal and shear elastic wave velocities in MAR-M200 determined by an ultrasonic
method, due to Martin [2], were found to be 19.07 ± 0.3 kft/s (5.78 ± 0.09
km/s), and 9.54 ± 0.1 kft/s (2.89 ± 0.04 km/s), respectively. These coupled
with the density of MAR-M200 yield a value of 27.7 ± 0.1 MSi (191 ± 10 GPa)
for its Young's modulus. The reported value of Young's modulus for MAR-M200
in Ref. [3] is 31.5 MSi (217 GPa). It is not possible to comment on the dif-
ference between these two estimates of the Young's modulus of MAR-M200 at
least partly because the precision of the magnitude 31.5 x 106 psi (217 GPa)
is not reported in Ref. 3. Since the ratio of the longitudinal and shear wave
velocities is 2, it implies that Poisson's ratio of MAR-M200 is 1/3 and the

Avalues of Young's and bulk moduli areothe same.

Mar-M200 was cast by Hitchner Manufacturing Co., Milford, NH, in the
form of rectangular plates roughly 11.8 in. x 5.9 in. x 0.16 in. (30cm x 15cm
x 0.4cm) in dimensions. The specimens of MAR-M200 fabricated from these plates
were square disks with 1.2 in. (3cm) sides and thickness between 0.079 in.
(0.2cm) and 0.157 in. (0.04 cm). It specimens were lapped flat to 2 x 10-1
in. (Sum) and the opposing faces of the disks were mutually parallel to each
other within 2 x 10" over the entire faces.

SHOCK EXPERIMENTS

The shock loading experiments were performed on the 4-inch (10.2cm) dia-
meter, 28 ft (8.5m) long light gas gun at AMMRC. The description of the gun
and associated recording instruments to determine the response of a material
to shock loading are given in Ref. 4. The shock loading response of MAR-M200
was determined by performing six direct impact and two transmission experi-
ments. Brief description of these two typos of experiments are given below.
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In a direct impact experiment, a specimen of MAR-M200 mounted on a pro-
jectile impacted either an x-cut quartz gauge or a thin buffer-quartz gauge
composite in a target. The buffer used was either a tungsten carbide or a
sapphire or a lucalox disc. These buffer materials deform in an almost linear
elastic manner to 1.45 MSi (10 GPa) under shock loading. In either type of
direct impact experiment, stress (a) and particle velocity (u) at the impact
surface are obtained from the response of an x-cut quartz gauge and from a
knowledge of the Hugoniot of the buffer (in the present case the buffer are
linearly elastic), and impact velocity of the projectile. For the range of
stress, i.e., a maximum of 1.3 MSi (9.0 GPa) in which these experiments were
performed both sapphire and tungsten carbide are very nearly linearly elastic
under shock compression and release [5,6]. The final stress in quartz never
exceeded 0.6 MSi (4.0 GPa) limit of the gauge operation [7]. The data obtained
from the direct impact experiments provided information about the initial shock

* :compression states of MAR-M200 and subsequent release states attained in it
when the buffers used were thin disks. The method of extracting these infor-
mation and a detailed description of these experiments are given in Refs. 8,
9, and 10.

In a transmission experiment, a projectile containing a material whose
shock response is known impacted a disk of MAR-M200 behind which an x-cut
quartz gauge was bonded. The x-cut quartz gauge provided the stress-time pro-
file which in turn yielded the information about the manner in which shocked
states or shock induced deformations were brought about in MAR-M200 of a given
thickness. This type of experiment has been routinely performed since the
inception of shock wave experiments to determine equation of state of a mater-
ial and a description of this type of experiment may be found in Ref. 8.

In the present series of experiments the physical entities measured were
impact velocity, stress-time profile at the impact surface or the propagated
impact stress-time profile at a finite thickness of MAR-M200 and shock wave
velocity through MAR-M200 in transmission experiments. X-cut quartz gauges with
1 in. (25.4mm) diameter and 0.126 in. (3.21mim) thickness were used to obtain

* stress profiles. These gauges were used in shunted mode except in those direct
impact experiments where either sapphire or lucalox disks were used as buffer.
In these experiments the gauges were used In shorted mode with the ratio of
guard ring width and thickness of the gauge exceeding a value of 3. This
enabled us to use the calibration coefficient of Graham in reducing the quartz
gauge records [7].

* The maximum uncertainties in the experimentally determined values of
impact velocity, stress, particle velocity, and shock velocity are 0.5, 3, 3,
and 4%, respectively. The tilt between the impacting surfaces was less than
0.5 mrad.

RIiESULTS OF SHOCK lEXPhRI MIENTS

The results of shock experiments are sunmmrizod in Tables I1 and III,
and those results are plotted in stress (a) and particle velocity (u) plane in
Figure 2. The results are given in SI units. However, wherever possible,
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- t3

Particle Velocity (ftlsec)
328 656 13.05

*Compression: Direct Impact
C Release: Direct Impact

8- aCompression: Transmission 11.60

7 -10.15

6 - 8.70

5-7.25 R. Figure 2. Stress-Particle
U - 49.8 1 Velocity Diagram ofS Elastic Response /MRM0

4 - 5.80

3 4.35

2 -2.90

1 1.45

particle Velocity (kmisec) 0.

graphical representation of the results are given in both SI and English units.
A conversion table for the computation of various entities from SI to English
units are given in Appendix A.

A. Compression States

The results of six direct impact experiments on MAR-M200 are summnarized
in Table T1. These results show that the response of MAR-M200 when shocked
below around 0.435 MSi (3.0 GPa) appears to be elastic and its response above
this stress is non-elastic. The response of MAR-M200 below 0.435 MSi (3.0 GPa)
is termed elastic because (o,u) coordinates of experiments I and.14 lie on a
straight line given by an equation

a 49.8 u a 2.87 GPa (1)

Where 49.8 Gg m-2s. is the longitudinal elastic impedance of MAR-M200 derivod
from the product of measured longitudinal sound speed of 19.07 kft/s (5.8 km/s)

anditsdenity0.30 l/in 3 (8.59 Mg/in3) given earlier in the section
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"Description of MAR-M200".

The locus of the compressed state, i.e., (a,u) coordinates of the remain-
g ing four experiments may be represented by the following equation (2)

a = 0.6581 + 38.37 u, 2.87 a 8.56 GPa (2)

The above equation is the least squared fit to the four points. The standard
error of the estimate of stress (a) is + 0.1 GPa.

The intersection of equations (1) and (2) is taken to be the limit of
linear elastic behavior of MAR-M200 under shock loading, i.e., Hugoniot Elastic
Limit (HEL) of MAR-M200. The value of HEL, i.e., = 0.416 MSi (2.87 GPa)

and the value of associated particle velocity (u) is 189 ft/s (0.0576 km/s).
The density of MAR-M200 at the HEL is 0.313 lb/cu in. (8.7 Mg/m 3).

B. Release State

The release behavior of MAR-M200 from its compressed states were obtained
in three experiments (Table II). The buffers in these experiments were disks
of sapphire, or lucalox or tungsten carbide. The results of these experiments
indicate that the stress in MAR-M200 is released elastically from its various
compressed states. The values of release impedances calculated from the (a,u)
coordinates of the compressed and end release states vary between 10.4 and

11.5 Mlb ft'2S 1 (51 and 56 Gg -2 s 1 ), Since the values of impedances are
uncertain to ± 6%, the initial release impedance of MAR-M200 can be represented
by the average of these impedances; i.e., 10.8 1 0.6 Mlb ft- 2s"1 (53 ± 3
Gg m'2s "1 ).

C. Transmitted Stress Wave Profile

Two experiments wore done on specimens of thicknesses 0.156 in. (3.96m)
* r. and 0.307 in. (7.81mm) to induce a peak stress in the neighborhood of 0.87 MSi

A" (6 GPa). The thicker specimen was actually two disks of MAR-M200 bonded to-
gethor by means of epoxy, because of the limited thickness of the MAR-M200
plates supplied. The purpose of these experiments in addition to determining
the transmitted stress wave profile in MAR-M200 was to induce a tension in the
neighborhood of 0.435 MSi (3 GPa) and see if it has boon spalled.

The quantitative results derived from the observed wave profiles shown

*in Pigure 3 are given in Table 111. The observed or calculated values of 0 J
and u are also plotted in Piguro 2. Those coordinates appear to be consistent
with the (a,u) coordinates derived from the direct impact experiments where
stres exceeded the value of 1111L. These experiments also show that the defer-
mation or loading of MAR-M200 under siock proceeds in two stages. The initial

deformation, represented by the first stress jumps in the profiles, is elastic.

However, the stress limits of elastic deformation are only 0.154 MiS (1.06 GPa)

and 0.133 MSi (0.92 GPa) for the specimens with thicknesses 0.156 in. (3.96mm)

and 0.307 in. (7.81m), respectively. These values are much smaller than the

observed value of IlWL at the impact surface of MAR-M200, i.o., 0.416 Si (2.87
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GPa) at zero thickness. Such a decay in elastic precursor has been also
observed in other alloys like 6061-T6 Al. In other words, the strain rate
effect of shock loading on the elastic precursor is significant in MAR-M200
and must be taken into account for wave propagation calculations and their
interactions.

The transmitted wave profile also appears to be centered, i.e., the mag-
nitude of final deformation wave velocity following the elastic precursor is
invariant with respect to the specimen thickness. The average value of the
final deformation or compression wave velocity is 14.96 kft/s (4.56 km/s), and
it is this deformation wave which subsequently takes MAR-M200 to its final com-
pressed state of 0.944 MSi (6.5 GPa) in these two experiments.

D, Spall Threshold

It was mentioned earlier that the transmitted wave experiments described
previously were designed to induce a tension of approximately 0.435 MSi (3.0
GPa) in MAR-M200. A subsequent calculation based on the results of these two
experiments and tiugoniots of sapphire and quartz indicated that MAR-M200 spoc-
imens were subjected to a tensile stress of magnitude 0.557 MSi (3.7 GPa).
The spall planes in the thinner and thicker specimens were estimated to be
located at 0.051 in. (1.31mi.) and 0.224 in. (5.7mm) from the respective impact
surfaces of these specimens. The tension pulses were approximately of 0.9us
durations for both specimens. 1xaminations of the recovered specimens of MAR-
M200 did not indicate any evidence of spell in them. Hence it was decided to
do two experimonts to determine spall threshold in MAR-M200. The details of
these two experiments are given in Table IV. These experiments wore done to
induce tensile pulses of 0.653 MSi (4.5 GPa) with durations of 0.36 and 0.9us
and 0.551 iSt (3.8 GPa) with durations of 0.18 -nd 0.gus in two specimens of
MAR-4200 in each of the two experiments. The results of these two experiments
are shown in Pigure 4. This figure indicates that for a pulse duration in the
range of 0.18 and 0.9ps, the spall threshold of ?4AR-N200 lies between 0.551
and 0.653 MSi (3.8 and 4. GPa).

TAIILE IV DETAILS OF SPALIATION E XP1MRiI?.NTS

IN MKR-tW00 (IMPACTE)

Ippactor 1 It a Ct o' Tooion Ila1,se_

lliickness Wlocity Thickness Magnitude Duratioh
xixperiment Materiul l) { s) (1) _.0___

20 Lucalox 2 0.195 1.65 4.4 0.30
21 Sapphire 5 0.195 3.87 4.5 0.94
22 Sapphire 1 0.161 1.10 3.8 0.18
23 Sapphire 5 0.161 3.77 3.8 0.92
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DISCUSSION

The results of the experiments on MAR-M200 which merit some discussion
are the observed low values of compressional wave.vel..,city following the
elastic precursor. We will elaborate the above results to understand the

* observed response of MAR-M200 to shock loading.

It is clear from Table II and III that the velocity of the slow moving
stress wave (U) which is responsible for the inelastic deformation of MAR-M200
following the elastic deformation r ges between 13.95 kft/s (4.25 km/s) and
15.09 kft/s (4/60 km/s). If the equation (2) is taken to represent the state
of MAR-M200 above the HEL, then the velocity has an invariant value of 14.7
kft/s (4.47 km/s). These values are consistently lower than the bulk sound
speed (UB) of 15.48 kft/s (4.72 km/s). The difference in the values of the
hulk sound and inelastic deformation velocities is small but would be of,
significance if the inequality
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U <UB (3)

continues to hold for experiments where peak stress induced in MAR-M200 is
just above HEL. This inequality is one of the properties of a solid which
deforms like an elastic-isotropic solid under shock loading [5]. The effect
of such a deformation is that when shock compression of an elastic-isotropic

T solid is compared with its hydrostatic compression curve, the coordinates of
the former tend to move towards the latter with increasing value of stress.
This appears to be the case when one plots the stress-relative volume (V/v
or po/p) for MAR-M200 obtained from the shock compression experiments and
the hydrostatic compression curve calculated from the bulk sound speed in MAR-
M200 (Figure 5). The hydrostatic compression curve in Figure 5 is the limit
of maximum compressibility of MAR-M200 since it assumes no increase in its bulk
modulus with pressure. The above result suggests that the deformation of MAR-
M200 appears to proceed more like an elastic-isotropic solid than an elastic-
plastic solid under shock compression. The inability of a metallic material
to withstand a decreasing amount of shear stress at high compression is

'.4 uncommon but is not uknown. Polycrystalline tungsten shows such a behavior
[11,12]. Hcwever, to put the observed behavior of MAR-M200 on a more sound
basis, more transmission experiments must be performed on it at.various stress
levels. If these experiments tend to confirm the results of the present inves-
tigation, an explanation for the deformation behavior of MAR-M200 must be pre-.
sented or sought in terms of the deformation behavior of its. constituents.

-P SUMMARY

The principal results of shock compression experiments reported here may
be summarized as follows:

1. The deformation of MAR-M200 appears to proceed in linear elastic
manner provided stress is below 0.416 MSi (2.87 GPa).

2. TIhe value of HEL is dependent on the thickness of MAR.M200. It
declines from 2.87 GPa at zero depth to 0.92 GPa at (7.81am) of MAR-M200.

103. e deforMation above the HEL proceeds by the propagation of a shock
wIth a velocity lower than the bulk sound speed in MAR-M200.

i 4. A two-wave 'shock structure is developed in MAR-N200 which appears to
: : be centered.

... " . The deformation of MAH-M200 under shock loading appears to be akin

to th deformation of an elastic-isotropic solid.

6. he spal threshold of AR-M200 lies between (3.8 G*a) wd (4.5 GPal
S for a tension of duration between 0.18 tind 0.9us.
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APPENDIX

F TABLE AI CONVERS ION TABLE FOR CALCULATING THE MAGNITUDE
OF ARIUSENTITIES FROM SI TO BRITISH UNITS

Units Multiply SI Units by the
Following to Calculate Values

Item SI British in British Units

kLength Meter (mn) Feet (ft) 3.280
Weight Kilogram (kg) Pon i)2.205
Velocity km/s ft/s 3.280
Density Mg/rn lb/in3  0.03616
Stress GPa MSi 0.14504
Impedance* Gg m s ~ M lb fts 024
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A FRACTURE INVESTIGATION OF A LAMELLAR EUTECTIC TWO-PHASE METAL ALLOY
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ABSTRACT..

A preliminary study of the nature of dynamic fracture in a bi-phase
lamellar eutectic metal is made by a finite-difference computer code
simulation. Through the simulation, the mode and location of incipient
fracture are predicted, and these are compared to experimental results.
The case where an initially planar shock pulse traveling parallel to the
direction of the lamellae is considered. Incipient fracture is predicted
through the use of the cumulative damage spall model, based on a maximum
principle stress criterion for the damage threshold.

Results of the simulation show that incipient fracture occurs in the
intermetallic CoAl phase, and along the interphase boundary. Dynamic
fracture experiments with soft recovery of the lamellar cobalt-aluminum
eutectic using a bi-crystal have been performed. The experimental results
indicate that incipient dynamic fracture occurs throughout the CoAl phase
and along the interphase boundary and at approximately the stress level
predicted. Thus good agreement between the experimental results and the
simulation was achieved.

INTRODUCTION

Solid mechanics in modern defense system design is frequently concerned
with either reducing or maintaining the integrity of structures under impact
loading. Traditional structural design analyses typically model structural

* Supported by the National Science Foundation under grants DMR-76-02367101
and DMR 78-05741.

Copyright, 1980. Columbus Division, Battelle Memorial Institute

330

____ 4



materials with a single phase macroscopic description. The actual micro-
structure of structural materials is usually neither homogeneous nor
single phase. More often it is multiphase in a manner similar to a com-
posite material where there is a matrix and reinforcing second phase, al-
though the characteristic dimensions of such microstructures are generally
quite small. Nevertheless, the microstructure of a material is known to in-
fluence its response to some loading conditions (1]. For example, it is
believed that the interphase boundary in these multiphase materials is re-
sponsible for some of the strengthening effect observed in dynamic loading
conditions. To exploit the strengthening effect, as well as other effects,
it is necessary to understand the effect of the interphase boundary during
dynamic loading and the nature of fracture in multiphase materials.

Shock induced fracture has been studied since the early 1900's, but
most of the studies have been in single phase materials or multiphase
mixtures considered to be single phase and homogeneous. Little work has
been done to predict fracture in multiphase materials where the individualphases retain their character. Some investigators have studied various

laminated composites in different orientations to the wave front and have
found that the primary fracture mode under shock loading conditions was
debonding in most cases [2,3]. In these works the materials studied were
manufactured from their individual components. It is to be noted, however,
that in manufactured composites the bond is usually weaker than either of
its constituent phases; debonding is not unusual. With other multiphase
materials, this may not be the case.

One interesting class of those multiphase materials which do not
necessarily debond are the naturally occurring, "as-formed", in situ
metallic eutectics. Compared to the relatively weak interphase bonds in
most manufactured composites, the interphase interfaces in eutectics are
known to be interfaces of "best fit" and are not necessarily weak [4].
The additional strength at the interphase boundary in the eutectics results
from a chemical equilibrium between the phases [5]. To the authors' know-
ledge there have beet, no dynamic fracture studies reported in the literature
on such materials where properties of constituent phases are considered
individually.

OBJECTIVE

In this work, an in situ lamellar eutectic of the cobalt-aluminum
system is considered in an analytical and experimental program to predict
and verify the mode, location, and conditions of shock-induced incipient
fracture. The objective is to further understand the role of the inter-
phase boundary in shock induced fracture of multiphase materials.

Although the cobalt-aluminum eutectic is not a common structural
material, it was chosen because of its known ability to form a symmetrical
and regular bi-phase structure. Because of the difficulties in describing
shock produced fracture in any arbitrary orientation, only one specific
case will be considered: an initially planar shock front of known pressure
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and duration is to be impinged on the lamellar eutectic such that the shock
front is propagating parallel to the lamellae, as shown schematically in
Figure 1, with the planar wave front propagating in the x-direction.

Because of typical strain rates of 0 seconds -I or greater and loading
and unloading time in the nanosecond-microsecond range, observing the shock
induced fracture process is difficult. This difficulty is compensated for
by analytical techniques used to simulate the wave motion from fundamental
principles through use of a digital computer and appropriate numerical tech-
niques.

The material constitutive equations are required to compute the wave
response to some loading condition. Properties for describing dynamic re-
sponse are different from those used to describe quasi-static response, the
most outstanding of these is the dynamic stress-strain relation in compression
termed a "Hugoniot". From the data obtained in shock wave experiments and
the application of the well known Rankine-Hugoniot jump conditions, the
Hugoniot stress-strain relation is defined.

To determine when fracture occurs in the lamellar eutectic, a fracture
criterion must be specified. Many dynamic fracture models have been de-
veloped and could be used, but one is needed that can accommodate only a
small amount of experimental data. In this study it is assumed that if
fracture can be predicted in a single phase with its loading history known,
then it can be predicted in a bi-phase material, if the fracture properties
of each phase, the loading history, and the appropriate interphase boundary
conditions are known. In this study four modes of fracture are possible:
inter-lamellar fracture where internal separation crosses lamellar boundaries;
intra-lamellar fracture where fracture takes place within one of the phases;
interphase boundary fracture, where the lamellae separate along the inter-
phase boundary; or any combination of the above modes. The exact mode of
fracture is not known a priori for the case considered.

In summary, this study will be presented in the following manner.
First, the dynamic material properties will be determined for each phase
of the eutectic individually through shock wave experimentation. Second,
utilizing a Lagrangian-explicit two-dimensional finite-difference computer
code, a computer simulation of a plate-impact experiment will be undertaken.
The code is to be applied to the two-dimensional dynamic plane strain case
of a two-phase lamellar cobalt-aluminum eutectic under shock pulse loading
where the shock pulse will propagate parallel to the lamellae. Third,
through the fracture model used and the computer simulation, the location
and mode of incipient fracture will be predicted. Lastly, shock loading
experiments on the actual lamellar eutectic will be conducted and compared
to the computer simulation and predictions.
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y ,Lamellar

z front

Figure 1. Orientation of Lamellar Eutectic to Wave Front

PROPERTIES FOR Co-Al EUTECTIC CONSTITUENTS

The eutectic composition of the cobalt-aluminum system forms a bi-phase
lamellar structure as seen in Figure 2. The lamellar structure is produced
by directionally solidifying the proper composition through a steep tempera-
ture gradient obtained in a water-cooled chill block. The branching and
inclusion visible in Figure 2 are shown for completeness. Such defects are
somewhat common but not prevalent and are not considered in this work,
instead an ideal bi-phase lamellar geometry is assumed. The interlamellar
speacing may be varied by altering the solidification rate; typical spacings
are on the order of 10-40 pm. The two constituent phases, when formed in
the eutectic, have precise compositions and volume fractions as determined
by the phase diagram for the Co-Al system. Stout, et al. [6] have deter-
mined the invarient compositions and volume fractions in the eutectic.
Besides the composition and volume fractions in the eutectic being invariant,
the constituents exist as single crystals and the orientation relationships
between phases are well defined [7]. Table 1 summarizes some of the
physical characteristics of the eutectic constituents.

Recent work at Michigan Technological University [8,9,10 has yielded
static measurements of some properties which will be used in this work.
The elastic constants of Co(Al) single crystals have been determined by an
acoustic pulse-echo-overlap technique and are given in Table 2 for the alloy
nearest the invarient composition (93.1 wt.% Co-Al). Table 3 summarizes
useful strength measurements obtained through tensile tests on the eutectic
and the Co(Al) phase.
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Figure 2. Lamellar Eutectic of Cobalt-Aluminum System

TABLE 1.
Characteristics of Cobalt-Aluminum Eutectic

Alloy Designation Co(Al) Eutectic CoAl

Composition, wt.% Co 93.1 90.5 81.9

Density kg/m 3  7920 6900

Volume Fraction 0.705 0.295

Growth Direction# <12> <lOT>
Interface Plane# (111) (101)

Crystal Structure FCC Ordered-BCC#
(B2)

# See Reference [7].
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The properties and characteristics listed in Tables 1-3 are not enough
to fully specify the materials constitutive relations for shock wave problems.
In addition, the Hugoniot, or dynamic stress-strain relation, must be speci-
fied, as well as fracture properties.

Experimental Hugoniot Data

To determine the Hugoniot properties of the Co-Al system, projectile
impact experiments were contracted to Drs. E. R. Lemar and G. E. Duvall at
Washington State University. The experiments were conducted at their gas
gun facility which is described in [111 aiid [121. Six uniaxial strain ex-
periments were carried out on the Co(Al) phase and two on the CoAl phase.
Due to the difficulty in producing samples, more experiments were not con-
ducted. It was desired to conduct the experiments on single crystals of
the constituent phases so that grain boundary effects would be eliminated.
The single crystal would be oriented as it occurs in the eutectic. Although
treated as an isotropic material (an assumption in the interpretation of
the uniaxial strain experiments), this orientation reflects the generally
anisotropic nature of the material.

For the Co(Al) phase, three 6 mm diameter specimens and three 12 mm
diameter specimens were prepared. The 6 mm diameter specimens were single
crystals obtained in an electron beam zone melting device and oriented in
the <112> direction consistent with the observed direction in the eutectic.
The Hugoniot experiments on these samples are numbered: 77-053, 77-059,
and 77-060. The 12 mm diameter specimens were not single crystals, but tri-

TABLE 2.

Elastic Constants of Co(A1) Invariant
93.1 wt.% Co-Al.

C1 = /2 (C11 + C12 + 2C44) = 298.0 Gpa 2.980 Mbars

Longitudinal; <110> direction.

C' 1/2 (C1 - C12) :28.7 GPa = 0.287 Mbars

Shear; <110> direction.

C44  116.2 GPa 1.162 Mbars

Shear; <001> direction.

C12 = 153.1 GPa = 1.531 Mbars

C11 = 210.5 GPa 2.105 Mbars

K 1/2(2C 12 + C 11  172.2 GPa 1.722 Mbar

Bulk modulus estimate (average stress or strain model).
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Table 2 (Cont.)

K = [-5(C11 (3C1  + C12 02

11 12 ( 11  dC41

142.6 GPa =1.426 Mbars

Young's modulus estimate (Reuss average stress model).

(C + 2C12) (C1 C 2 + 3044

= 72 11 +312+ C44)

=210.5 GPa =2.105 Mbars

Young's modulus estimate (Voight average strain model).

G [5(C1 - C12T 'C 44 ]

=52.3 GPa =0.523 Mbars

Shear modulus estimate (Reuss average stress model).

C 11 - 012 + 3044

Gv 5
=81.2 GPa 0.812 Mbars

Shear modulus estimate (Voight average strain model).

TABLE 3.

Strength Properties of Co-Al Lamellar Eutectic System.

Co(Al) Eutectic* CoAl

Yield Stress, Y 0  0.176 GPa 0.690 GPa
[1.758 kbars] [6.895 kbars]

Fracture Stress, F 0.896 GPa 2.069 GPa#
[8.964 kbars) (20.69 kbarsl

*Volume fraction CoAl 0.29
Young's modulus E =206.9 GPa (2.069 Mbarsl

#Estimated by theory of mixtures
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.rystals, all cut from the same ingot with the largest grain about 90 percent
of the cross-sectional area. A vertical Bridgman technique was used to
directionally solidify the Co(Al) at 25 cm/hr. The major grain was also
oriented in the <112> direction which was found to be about 50 off the growth
axis. The minor grains are assumed to be near the same orientation due to
the direction of solidification. The experiments for the 12 mm samples are
numbered: 79-018, 79-019, and 79-020.

Obtaining specimens of CoAl was more difficult than the other phase.
The vertical Bridgman method yielded the 12 mm specimens used. Although
the CoAl specimens were not single crystal, considerable effort was made
to obtain even homogeneous polycrystalline specimens without voids or quench
cracks. The resulting specimens had about five grains and were cut per-
pendicular to the growth direction. Two specimens were used in Hugoniot
experiments and numbered: 79-021 and 79-022. Each of the specimens were
solutionized and properly oriented before the Hugoniot experiments were
conducted.

In the gas gun Hugoniot experiments, stress and particle velocity data
were obtained; Table 4 summarizes the data collected [12]. On shot 79-018,
the stress gage wires were damaged during the experiment and the data was
lost. The initial density of the Co(Al) phase was measured to be 8000 kg/m3

and for the CoAl phase, 6914 kg/m 3.

Interpretation of Data

The data obtained in the Hugoniot experiments is interpreted by
application of the Rankine-Hugoniot jump conditions:

p0 u = p(Us "Up) (1)

'xx xxo  "Po Us u (2)

where the Hugoniot compressive stress data collected is assumed to be -oxy.
Assuming that yielding has occurred and using the von Mises yield condition,

i ~P = " x  2/3 Yo (3)

where Yo is a constant and is thi yield stress in simple tension. For the
Co(Al) phase, these assumptions are thought to be valid since the yield
stress and Hugoniot elastic limit are low compared to the levels of stress
encountered. The experimental qscillograph records of stress indicated no
elastic stress precursor wave, although it may have been present, but lower
than the resolution capabilities of the measurement system. Thus for the
Co(Al) phase, the propagating wave is almost entirely plastic, with a very
small elastic precursor presumed to exist because of a known tensile yield
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TABLE 4.

Experimental Results of Hugoniot Experiments

V <112> Stress Particle Velocity
Shot No. Material GPa kbar rnsec

77-053 Co(Al) 2.05 t 20.5 0.061 A

77-059 Co(Al) 3.76 A 37.6 0.098 A

77-060 Co(Al) 2.93 A 29.3 0.079 A

79-018 Co(Al) .. ....

79-019 Co(Al) 7.36 V73.6 0.179 o

79-020 Co(Al) 4.26 V42.6 0.099 o

79-021 CoAl* 9.83 V98,3 0.259 o

79-022 CoAl* 7.40 V74.0 0.179 o

4 ± 3 percent, Quartz Gage
V ± 5 percent, Manganin Gage
o ± 6 percent, Manganin Gage

* Directionally solidified large grained material.
Stress measured in <110> growth direction.

stress.

As previously discussed, only two Hugoniot data points for the CoAl
phase have been obtained as of this date; however, future work is planned.
Interpretation of the currently available data is that the CoAl phase
exhibits only elastic behavior over the pressure range considered. High
shock speeds and the brittle nature of this material under quasi-static
loading tend to support this interpretation. The lack of extensive experi-
mental data required that some assumption be made; the elastic assumption
seems most reasonable.

The elastic-plastic nature of the Vo(Al) phase will be discussed first.
The shock velocity Us is calculated from the experimental data for -oxx
together with the conservation of momentum equation expressed in Equation (2).

i.U s 4 ;o~ (4)
.u

( X()
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From conservation of mass, Equation (1), the instantaneous density is also
calculated.

PoUsP =Us -U• (5)
-u

5 p

The compression n is found from the definition and Equation (5).

U=-PI (6)
Pot Uo U - u p

The results of calculating pressure, shock velocity, density, and compression
for the experimental Co(Al) data are shown in Table 5.

TABLE 5.

Reduced Hugoniot Data for Co(Al)

0OX Up us
Shot No. GPa GPa km/s km/s

77-053 2.01; 1.93 0.061 4.20 0.015

77-060 2.93 2.81 0.079 4.64 0.017

77-059 3.76 3.64 0.098 4,80 0.021

77-020 4.26 4.14 0.099 5.38 0.019

77-019 7.36 7.24 0.179 5.14 0.036

p* P -oxx -. 2/3 Yo; Yo 0.176 GPa.

" From the reduced Hugonlot data, it is necessary to get an expression
for pres.ure p in terms of the coripression n for the computer simulation.
A commonly used form that-is compatible'with the computer code used is

: p "p (): Ao + BA + Cn3  (7)

A smooth curve was fitted to the experimental points from Table 5 which
is shown in Figure 3. The curve in Figure 3 was fit by a cubic equation by

:- the least-squares method where the coefficients. from Equation 7 are, in

A 165i ~512
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Figure 3. Pressure-Compression Representation of
COWA) Hugoniot

Note that the first order coefficient A is the bulk modulus. For comparison,
the bulk modulus determined by Bennett [8] was K =172.2 GPa (a 4 percent
difference).

Next, calculation of strength relatedi properties is required. Using
measured property values where possible, the following relations are invoked:

Elastic Modulus, E K + 4/3 G 279.0 GPa (8)

Huaoniot elastic limit, HEL Y K + 0.3 GPa (9)

Strain at elastic limit, ny0.0011 (10)
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It is also important to note an observation of Lemar and Duvall that
the behavior of the Co(Al) is very similar to that of copper [121. Figure 4
shows the Co(Al) Hugoniot in the compressive stress versus particle velocity
plane including strength. Also included in Figure 4 is an accepted copper
Hugoniot given by

P (kbar) (10) (8.93) (3.94 up + 1.489 )(1)

where the particle velocity u is in km/sec. For comparison, the Co(Al)

and CoAl experimental points re also shown.

'oAl Phase

Experimentally, the material properties of the CoAl phase are more
difficult to determine than the Co(Al) because of its high melting temperature
and extremely brittle nature in preparation and handling. Very few investi-
gators have obtained any data for this phase, in static or dynamic experiments.
Because the Hugoniot experimental data is limited to two data points, some
simplifying assumptions are required. The apparent elastic nature of the
material provides a fortunate simplification for the stresses considered.
The two Hugoniot data points were at stress levels of 7.40 GPa and 9.83 GPa,
with no observed HEL in the stress record. Since the reported average
longitudinal wave speed of 6.38 km/sec was relatively constant for the two
shots and no definitive HEL was observed, the CoAl phase is assumed to behave
elastically for the range of stresses encountered, For this brittle phase,
the yield stress is the fracture stress presented in Table 3. This value is
approximate and inferred from the eutectic and Co(Al) phase by the theory of
mixtures and quasi-static tension tests. An elastic shear modulus G and
density Po was found to be 103.0 GPa and 6914 kg/m 3, respectively. The
resulting bulk modulus K for CoAl is 144.0 GPa.

Fracture Properties

To date, no separate shock-induced fracture experiments of each in-
dividual phase of the eutectic have been completed*. Therefore, the
fracture parameters presented and used in this study are necessarily
speculative. A detailed discussion of high tensile stress will be left
somewhat open-ended here, since it is expected that extensive damage and
fracture will occur before the material will build up to very high (greater-
than-yield) tensile stresses. The need to accurately describe material
behavior after incipient fracture is beyond the scope of this study. Later,
more extensive studies will require complete fracture properties. The
fracture model used in this study predicts the onset of microfractures
(unspecified voids or cracks) through the critical damage threshold stress
00. In reality, the occurrence of new surface formation or micro-fracturing

* These experiments are currently being conducted.
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Figure 4. Stress-Particle Velocity Comparison:
Co(Al) - Cu

causes stress relaxation and dissipation of the propagating energy, thus
altering the propagating disturbance. This phenomena is not accounted for
by the model used. However, in any time-dependent dynamic fracture model
there exists a threshold of damage which is determined by correlation with
microscopically observed void or crack formation. Thus it is felt that this*1 is reasonable for a preliminary study in incipient fracture. After incipient
fracture occurs. the material accumulates damage according to the Tuler-
Butcher [141 miodel

D ( o At (2

*where the damage D increases by the A~ power for the lenigth of time At that
the stress u is greater than (jo For this two-dimensional problem, the
state of stress to is represented by the maximum principal stress, extending
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the Tuler-Butcher fracture model to two dimensions. For convenience, X is
assumed equal to 2.

For the Co(Al) phase, the author is not aware of any fracture data.
The low yield stress and very plastic nature of the material would make any
prediction of fracture somewhat uncertain, particularly when statically
determined values are used in the dynamic case. Since the Co(Al) phase
seems to be very similar to copper in structure (FCC), in their Hugoniots,
and in their similar ductile behavior under conventional loading, and since
dynamic fracture data is available for copper, the damage threshold stress
0o for Co(Al) is assumed to be that of copper. This value of o is reported
by Smith [15, Table 2] to be 0.95 GPa for pulse duration of 3/4 isec.

From Table 3, the fracture stress F of the CoAl phase was given as
-. 2.069 GPa. It is assumed that this value of stress resulting in fracture

in a static tensile test (inferred from eutectic measurements) is also the
damage threshold stress co for the CoAl. Note that this assumed damage
threshold stress for CoAl is more than double that assumed for Co(Al).

Error

Because of the lack of material property data and speculative nature of
those properties used, an error analysis is not conducted. It is to be
emphasized that the results obtained using these properties are highly de-
pendent on the accuracy of the assumed values. It is believed that the
values used represent a "best fit" of all data available at this time. It
is clear, however, that more experiments are necessary. Within this frame-
work of accuracy, a simulation of dynamic fracture may now be executed.

FRACTURE SIMULATION OF EUTECTIC

With the material properties and the geometry known, the cobalt-
aluminum bi-phase eutectic under shock pulse loading can now be simulated
on the STEALTH [161 computer code. The STEALTH version used was shortened
and modified for this application. From this simulation it is desired
to predict the location of incipient fracture and estimate the mode of
fracture most likely to occur under experimental conditions. The first
step in the simulation is the problem specification. Then the dynamics
are described and the simulation is carried out. Later, actual experiments
will be discussed and compared to the computational predictions.

Problem Specification

The cobalt-aluminum eutectic has been described as a lawellar bi-phase
material. The lamellar nature is not perfect, with lamellar terminations
and branching being the most common defects. On a much smaller scale, the
nearly ideal character is more apparent as seen in Figure 2. The lamellar
nature seen in the plane of the photograph is also observed approximately
in a perpendicular section.
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For the simulation, a representative region of the eutectic is chosen;
Figure 5a shows the problem geometry. The boundary ABC is a specified
velocity boundary history representing the shock pulse input. The segments
CD and AF are boundaries of symmetry; thus the material is assumed to be
infinite and periodic in the y-direction shown. The boundary DEF is a free
surface with a vacuum outside the material boundary. The material in the
z-direction, the direction perpendicular to the x-y plane shown, is assumed
to be infinite in extent such that strain in that direction is constant.
Also, shear strains related to that direction are zero, hence the state of
two dimensional strain.

The zoning of this geometry for simulation is shown in Figure 5b using
a total of 1300 zones; 250 for the CoAl and 1050 for the Co(Al). The CoAl
phase is represented by the block of larger zones. The Co(Al) consists of
the smaller zones because the plastic behavior expected is likely to produce
larger deformations. Finer zoning tends to increase accuracy by reducing
deviations from "exact" solution. The physical dimensions chosen were
scaled from an interlamellar spacing of 30 jim. The volume fraction used
is 0.30 CoAl for convenience. The length of the material was chosen to be
three times the interlamellar spacing. Although this length is quite small
compared to typical specimen lengths, it was chosen to yield approximately
square zones and satisfy a maximum number of grid points available in the
x-direction.

The interphase boundary is modeled as a perfect bond between the Co(Al)
and CoAl phases. This is thought to be a good assumption considering the
nature of the in situ boundary. Other models of interphase boundaries were
not available in the finite-difference STEALTH code., but their development
and use is planned for future work.

CotAI) symmetry boundary

it A hy F sur3fce 0

CoAlCOW

boundaryy surface

h i s o r I n l ,tp h o b ou y o 3 6X9

E 0

Sa) Problem Geoimtry b) Initial Grid Layout

Figure 5. Simulation of Co-Al Eutectic
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The constitutive relations and the specific properties of the cobalt-
aluminum eutectic constituents were previously given. In addition, both

K quadratic and linear artificial viscosity are used. The coefficient of
quadratic artificial viscosity has a value of 2 and the coefficient of linear
artificial viscosity has a value of 0.8.

Dynamic Simulation

The entire grid is assumed to be at rest initially with the transient
disturbance introduced at the left hand boundary shown in Figure 5a. The
transient disturbance is specified as a particle velocity boundary history.
The material particle velocity in the direction of propagation is specified
as a constant for some period of time representing a plate impact problem.
When the pulse has passed completely into the material, the velocity drops
off to a value to which the material has been accelerated. The particle
velocity pulse is given as 0.061 km/sec corresponding to a projectile
velocity of 0.122 km/sec with the pulse length representing a plate pro-
jectile which is approximately one-tenth the thickness of the given impacted

* target. The velocity that the material has been accelerated to is 0.0015
km/sec as determined by simulations using pressure as the boundary history
specification. The stresses produced from the particle velocity input of
0.061 km/sec correspond to about 2.2 GPa in Co(Al) and about 2.7 GPa in
CoAl. Although these stresses are compressive, note that they are greater
in magnitude than the damage threshold stresses of 0.95 GPa in Co(Al) and
2.07 GPa in CoAl.

The simulation was started on the STEALTH code and allowed to run
until some damage had accumulated, indicating the occurrence of micro-
fracturing, or incipient fracture. The problem was run long enough for
reflection to occur from the free end and a tensile state to build up in
the eutectic. Both tabulated and plotted output was produced by the STEALTH
program and its companion GRAphic DISplay program, GRADIS.

Results and Discussion

The wave propagation was qualitatively monitored through a series of
three-dimensional isometric contour plots of the x-particle velocity in
the entire grid. Figure 6 shows a sample plot at cycle 100. The cycle
is the calculation cycle or number of time steps the grid has been entirely
recalculated. The time is in scaled units; the specific conversion does not
yield any clarity to this study and will not be discussed. The vertical
scale is determined by the maximum and minimum values of velocity at that
moment. Reflection of the wave begins later at cycle 130 when the compressive
pulse turns to tension.

Before the fracture results are presented, some general features of the
wave propagation seen in Figure 6 should be noted. The wave travels faster
in the CoAl initially as can be seen at the right-hand side of the grid
(CoAl has the larger zones). The Co(Al) is undergoing large deformations
and distor'ions near the interphase boundary as may be inferred from the
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large grid distortions. The two-peak appearance of x-particle velocity plots
results from x-components in the total particle velocity vector. Intuitively,
the compressed region is further ahead in the CoAl phase than the Co(Al) phase.
The compressed CoAl tends to spread in the y-direction into the as yet un-
stressed Co(Al). Lagging behind the CoAl compressed region is the Co(Al)
compressed region, spreading into the rarefying CoAl. The result is that
the particle velocity vector has y-components not showing up in the x-particle
velocity plots. The intuition is backed up by calculated displacements
in the tabulated STEALTH outputs. The process just mentioned imparts a
rotation to the material near the interphase boundary causing a shear wave
to propagate back into the more deformable Co(Al). Shear waves were not
discernible in the CoAl. Upon inspection of the STEALTH output, the shear
in the zones were generally about one order of magnitude less than the
normal stresses, even at the interphase boundary. In the Co(Al) phase, the
shear stress is limited by plastic flow.

Fracture in the eutectic did not occur during the first passage of the
wave, as modeled in this simulation. Incipient fracture did not occur until
the wave reflected from the free surface. The elastic wave traveling through
the CoAl phase reaches the free surface and begins to reflect before the
elastic-plastic wave in the Co(Al) reaches the free boundary. The occurrence
of incipient fracture or damage accumulation first occurs within the CoAl
phase just before the 150th cycle nearest the CoAl symetry boundary and
diminishes toward the interphase boundary. This is shown in the isometric
contour plot of accumulated damage (DAC), Figure 7a, where the vertical
scale is damage in relative units. At a later time, more damage in more
zones accumulates toward the interphase boundary as shown in Figure 7b,
at cycle 160. Note that the vertical scales are different between Figures
7a and 7b. Note also that there is damage in all of the zones across the
width of the CoAl phase, implying incipient fracture throughout the CoAl
layer, and that no visible damage exists in the Co(Al) phase. Although
part of the Co(Al) phase is hidden in Figure 7, the tabulated output verifies
this statement. Thus, it can be concluded, as a result of this simulation,
that intraphase CoAl fracture would be the most likely mode of fracture to
occur. The specific location where damage occurs first in the CoAl is at
the theoretical spall plane which is roughly the distance away from the free
surface equal to the thickness of the impacting projectile, if the projectile
and target materials are the same.

In this fracture simulation, as in most simulations, the results must
be qualified. The first qualification pertains to the material properties
used. Many of the elastic properties were estimated from the mixing of
anisotropic and isotropic properties, some of which were determined from one
experimental data point. The Hugoniots were defined from limited data and,
in the case of the CoAl, from only two data points. The fracture properties
of both materials for the simulation were contrived without experimental
data. Indeed, the properties of both phases are only rudimentarily defined.
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Secondly, the fracture model used considered a tensile type fracture
mode where cracks or voids (unspecified) are assumed to form. The cumulative
damage fracture model that was used for this simulation of incipient fracture
degenerated to a simple threshold fracture criterion. To refine this in-
vestigation, perhaps separate ductile and brittle fracture models should be
considered for the two cobalt-aluminum eutectic constituents.

The third qualification involves the simulation itself. The model of
the interphase boundary and the method of introducing the shock pulse into
the material were very simple. The considerable plastic flow thought to
occur along the interphase boundary may result in greater stress relief than
simulated by perfect bonding. However, theoretical models of the interphase
boundary are not well developed to account for this, nor are their specific
properties known for the cobalt-aluminum eutectic interphase boundary.

The pulse shape introduced to the material was approximately a square
pulse equal for both phases of the eutectic. In general, if a single phase
projectile impacts a bi-phase material, as it does in this study, impedance

. matching must be considered to determine the input velocity and duration of
a simulating pulse in each phase. More sophisticated means of representing
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it was noticed that an unusual amount of oscillation was present in the
solution, particularly upon free surface reflection. This oscillation is
suspected to be due to the STEALTH treatment of boundary and corner con-
ditions.

COMPARISONS WITH DYNAMIC FRACTURE EXPERIMENTS

To date, three soft recovery plate impact fracture experiments of the
eutectic have been conducted using the gas gun facility at Washington State
University, Pullman, Wa. Each specimen was a bi-crystal of the eutectic
with each grain occupying about 5N of the cross-sectional area. The
specimens were nominally 12.7 mm in diameter and 3 nm thick. The flyer
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plate material was the Co(Al) phase, and nominally 1 mm thick. The impact
velocities in km/sec for the three experiments were 0.23, 0.214, and 0.153.

These experiments have only recently been completed and the data and
recovered specimens have not been thoroughly analyzed. Therefore, at this
time only qualitative comparisons can be made. Each of the three specimens
exhibited internal micro-cracks; with damage decreasing with decreasing
impact velocity. The least damage was observed in the 0.153 km/sec impact
velocity case. The two lower impact velocity specimens were cut perpen-
dicular to the impact surface, polished, etched and observed using the
optical microscope at magnifications of 400x and 800x. Results so far are
that all of the observed cracks are in the CoAl phase of the eutectic.
Also, in some instances, cracks were observed along interphase boundaries
within the eutectic specimen. These results are in good qualitative agree-
ment with the simulation prediction. Further, the simulation was conducted
at a corresponding impact velocity of approximately 0.122 km/.sec, when
damage (unspecified cracks or voids) in the CoAl phase was predicted. At
this date, no fracture experiments have been conducted at an impact velocity

4 below the simulation velocity to fully test the simulation predictions.
However, since-the experimental results for the impact velocities considered
all indicated fracture in the CoAl phase, it can be concluded that the
simulation and the experimental results are not inconsistent. Additional
experiments at other impact velocities nearer the simulation velocity and
below are planned. More simulations should also be made with lower impact
velocities to predict a lower limit for damage threshold conditions.

With additional theoretical work to develop a better interphase boundary
model and more theoretical and experimental work to determine appropriate
fracture models of the individual phases, the investigation of more macro-
scopic spall fracture can be pursued.
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ABSTRACT

Theoretical analyses were made of the axial compression test using the
HEMP computer code, and the results were compared with experimental observa-
tions for 4340 steel. When suitable boundary conditions, including fric-
tional effects, were employed the agreement was excellent. The constitutive
relations used were elastic-plastic including work-hardening. Comparisons
were made at large strain levels (more than fifty percent reduction in
height).

One of the objectives of this study was to obtain theoretical and ex-
perimental data for the development of a ductile fracture model involving
shear modes and large strains such as are present in ordnance applications.
To date fracture has not been observed in the experiments conducted in
steel. We have noted fracture in both Aluminum and Titanium specimens. The
analytical results are nevertheless of interest in quantifying the large and
complex strain fields produced prior to the onset of fracture.

Y.

INTRODUCTION

t The ultimate objectives we have in mind in the discussions to follow
concern the role of material properties in ordnance applications such as
armor-projectile interactions, fragmentation munitions and explosively formed
devices such as Misznay-Schardin and shaped charge weapons. Computer simu-
lations of such complex events are available using two or three dimensional
time-dependent codes such as HEMP, HELP, or EPIC. In general the results of
such simulations provide quite credible descriptions of the events trans-
piring, provided attention is confined to kinematic issues such as momentum
transfer or a general picture of particle velocities. When more specific
questions are raised concerning issues which depend heavily oil material
response under such extreme loading conditions, the results are less satis-
factory.

As examples of the issues which need clarification, we might cite (a)
massive plastic deformation under very brief but very intense pressureJ fields, (b) spall, which is fracture under a tensile stress field with very
little plastic flow and (c) fracture in a shear mode under nominally compres.
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sive loading conditions. This latter situation is probably the most commonly
occurring and the most important in ordnance applications, yet it is the
least well understood. It is usually preceded by extensive plastic deforma-
tion. It may or may not involve an extreme localization of a deformation
pattern, sometimes termed adiabatic shear banding. As an example of this,
see Figure 1 in which cross sections are show of targets of the same mate-
rial (4340) but heat treated to different hardness levels.

Unfortunately, little correlation has been found to date between mate-- rial behavior in the noted ordnance applications and the mechanical proper-

ties of materials as determined by conventional test procedures. Such cor-
relations have been sought for example in terms of yield strength, ultimate
strength, reduction in area values from static tensile tests, or in terms of
energy absorbed in Charpy tests, as well as fracture toughness parameters
such as KIC. While general trends may be observed in such correlations,
anomalous behavior is observed frequently and with sufficient magnitude that
such correlations are best regarded as qualitative rather than quantitative.

The objection may be raised that, in view of the obvious differences
between strain-rates involved in ordnance applications and in those quasi-
static mechanical tests mentioned, the observed lack of correlation is not
surprising. In the view of the writers, however, differences in stress and
deformation states are at least as responsible for the failure of attempts
at correlation as are strain-rate effects. As noted earlier, the most com-
monly occurring mode of failure in ordnance applications is shear, frequently
preceded by very extensive plastic deformation. Another dominant feature of
the applications of interest is that of a prevailing compression field which
is noticeably not present in the conventional mechanical tests.

A parallel situation exists for those interested in fractures which
develop in forming operations involving large plastic deformation. As Kuhn
(1] observes, tension or torsion test data are of little value in workability
evaluations involving surface fractures, largely because of the differences
in stress and deformation states which exist between the laboratory teo and
the forming operation. Kuiin notes that the upset test does provide a us,ful
deformation test which produces a stress state more closely allied to those
occurring in forming processes. In the upset test (as distinct from the
simple uniaxial compression test) barreling of the cylindrical surface is
encouraged, and, in fact, provides flexibility for providing information
useful for workability testing. Such data is frequently presented In the
form of a locus of strains present at the equatorial surface of the cylin-drical specimen when fracture is first observed there during axiA compres-sion. Sec Figure 2 for representative data for mild steel.

An examination of the computer simulations of several ballistic pene.
tration problems as well as several fragmentation problems shows that the
strain fields developed in certain critical regions would indeed be approach.
ing the failure locus denoted in iPigure 2. It is, therefore, of interest to
examine in more detail the utility of upset tests in helplng to relate
mechanical properties to ordnance performance.
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Figure 1. Differences In Failure Mode in Steel Targets
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Figure 2. Strains At Fracture At Equatorial Surface In
Upset Test On Cold Drawn 1045 Steel Rod

BiACKGROUND

In axial compression of a cylinder without friction at the die contact
surfaces, the test specimen undergoes uniform axial compression. No barrel-
ing of the cylindrical surface occurs and the circumferential and radial
strains are tensile and each equal to one-half the axial compressive strain
throughout the specimen body. In practice this condition is never realized
in static, large strain compression tests. When friction is present at the
die contact surfaces, bulging or barreling of the free surface occurs and
the stress and strain distributions become highly nonuniform.

Geometric effects are also important. Decreasing the aspect ratio
(height to diameter) increases the bulge curvature. The equatorial diameter
and associated tensile circumferential strain becomes greater than it would
have been for the same height reduction in higher aspect ratio cylinders,
L/D ratios commonly employed range from one-half to two. Beyond this one
faces a possibility of column bucklinig.

It is important to note that in an upset test carried out to the onset
of fracture we have a competition developing between at least two candidate

failure modes. At the equator, tensile circumferential stresses and strains
develop due to radial expansion; at the same location there are strong com-

V, pressive axial stresses and strains, moderate radial strains and, of course,
zero radial stress. Under certain conditions failure occurs first in this
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general location, but as we shall see later there is another failure mecha-
nism which may prevail. The deformation produced within the specimen is
highly nonuniform and very strong shear fields develop in the interior of the
specimen which may promote failure along a plane beginning near the outer
edge of the specimen-die contact surface and making a shallow angle with the

.cylinder axis.

The mode of fracture associated with the equatorial plane is somewhat
easier to relate to and even very rudimentary analyses give reasonable
estimates of the stress fields present at the surface in terms of easy-to-
measure gross deformation characteristics such as change in height, change
in diame-er.

As Murphy's law would have it, the more interesting fracture mode for
our purposes is far more difficult to analyze and, because it occurs in the
interior of the specimen, it is not possible conveniently to measure experi-
mentally any analogous deformation parameters.

It is, perhaps, this very lack of an adequate analytical model which
has inhibited more widespread use of the compression test. The primary
purpose of this paper is to demonstrate that the dynamic wave-propagation
code HEMP can provide a very detailed analysis of the (static) upset test,
including the very large plastic deformations involved prior to fracture.
As the reader may have already inferred, our ultimate objective will be to
cover the dynamic upset test as well. In this paper, we confine attention
to a discussion of some representative cases which were simulated computa-
tionally and to a comparison with experimental results obtained to test the
validity of the calculations.

It should be pointed out that there do exist in the literature several
descriptions of finite element solutions to the problem of upset testing.
See, for example, C. Lee and S. Kobayashi (2] and J. Price and J. Alexander
[3], However, the first of these does not reproduce several of the expori-
mentally observed features important to large deformatlo,. The second pre-
sents computer printouts of deformed grids, but no information on stress and
strain patterns induced. Such solutions are quite useful in certain forming
applications concerned with kinematic issues such as velocity fields but
provide little insight into the problem we have In mind. Finally, the need
to address dynamic tests makes it imperative to consider the problem from
the vantage point of the elastic-plastic wave p.opagation code HEMP, origi-
nally developed by Wilkins [4].

The HIEMP code couples conservition laws with an appropriate equation of
state for dynamic as well as static high pressure conditions. A finite dif-
ference formulation is used to integrate the equations of motion step-by-
step in time. Problems of two spatial dimensions (plane strain or rotation-
ally symmetric) can be treated and virtually any elastic-plastic constitutive
law may be employed.

Input to the code consists of specification of the problem geometry,
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appropriate initial velocities or applied stress fields and the dynamic mate-
rial flow properties. Output consists of a detailed space-time history of
all important physical properties such as stress, strain, displacement, and
velocity. It is thus a valuable tool for providing a dynamic whole-field
analysis required to decipher the sequence of events occurring in complex
problems. Numerous comparisons of HEMP code predictions and experimental
results indicate excellent agreement when material properties can be ade-
quately specified. The code has been applied by us previously in the analy-
sis of quasi-static problems. For example, we have successfully simulated
the details of plastic deformation occurring in the stayidard uniaxial tension
test. The code correctly traces the transition from elastic behavior through

-the onset of plastic flow, up to and beyond the onset of necking and the
development of triaxial stress states beyond necking. The calculated load
on the specimen faithfully reproduces the experimentally observed maximum at
the appropriate strain level, and the calculated drop in load after the onset
of necking is in agreement with the experimental observations of Bluhm and
Morrissey [5] up to the onset of fracture. Of course, in its present state,
the code is not able to speak to details of void nucleation, growth, and
coalescence within the necked region, but it is an extremely valuable aid to
develop constitutive models for this purpose.

A related problem area we have addressed with the HEMP code is the ten-
sile deformation of notched cylindrical bars, such as those tested experi-
mentally by Hancock and MacKenzie (6]. Again, good correlation was found
with experimental behavior.

EXPERIMENTS

Much of our impact and penetration analytic and experimental research
had used 4340 steel for the target material and for some of the projectiles
as well. This material is quite versatile for such research since it is
possible to obtain a controlled range of stress-strain properties by varying
the tempering temperature. Additionally materials property data have been
published for the various tempers.

SPECIM['NS

*: We chose to use our standard 4340 steel, test projectiles as compros-
sion specimens. These are right circular cylinders, 0.759 cm in diameter,
1.524 cm in length, procured by contract and received with a Rockwoll-C
hardness (I1RC) of approximately 53. This hardness value is a result of
tempering at 204 0C. Tito tolerances on uniformity of dimensions, end paral-
lelism and por-tndicularity are far more stringent than those required in

ASTM standard E19 for compression testing. The specimens wore retempored at
P !482 0C in vacuum for two hours and air-cooled resulting li 11RC f 40. It
: should be noted that the specimen ends had been finished in a lathe and cir-

cular machining marks were visible using a low power microscopic. Those
marks later could be measured after the test to determine the radial dilation

* oi the specimen end surfaces.
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PROCEDURE

Loading was performed in a Wiedemann-Baldwin, screw operated testing
machine of 267 kN capacity. The specimens were compressed between tungsten
carbide loading blocks which were in turn loaded through massive steel com-
pression fixtures installed on the moveable heads of the testing machine.
The loading surfaces of the tungsten carbide blocks were parallel to better
than one part in 6000. The machine operates with controllable, constant
head closure rate during a test. For these experiments a deflection rate of

approximately .03 mm/min was applied for the initial loading up to the yield
region and this was increased to 0.1 mm/min thereafter. Test data to be
compared with the HEMP code predictions were obtained from tests with no
lubrication at the specimen ends. Tests were also performed in which 0.05
mm thick Teflon sheet was used for lubrication (We found no significant
effect on large deformation behavior by the lubricant).

A series of tests with maximum loads from 93 kN to 245 kN were per-
formed. Data from tests at 156 kN were used for comparison with the HEMP
code results, as will subsequently be described. Longitudinal sections were
made of a number of deformed specimens and these were polished and etched
(A photomicrograph of one such section appears in Figure 6b).

After the test, measurements were made of the end faces, bulge diameter,
and final height using a micrometer caliper and a measuring microscope where
appropriate. The results of the measurements are given in the next section.

EXPERIMENTAL AND COMPUTATIONAL RESULTS

In our computer simulation of the experiments described in the preco-
ding section we employed an elastic-plastic constitutive law with work-
hardening. Fortunately, a stress-strain curve for the specific material
used (4340, 11RC 40) was available for strains out to about fifty percent in
uniaxial compression. See Chait [7], and Figure 3. This data was used in
our computer simulations unless otherwise noted.

To simulate compression of the cylinder, a constant velocity of 0.002
cm/microsecond was imposed on the upper portion of the specimen (Only one-
quarter of the specimen need be simulated because of symmetry conditions).
,Tis velocity was chosen as a compromise between economy and proper simula-
tion of the quasi-static experiments. Economy -requires that as large a
velocity be employed as is suitable; a velocity larger than the one chosen
would induce plastic deformation rather than elastic on the first wnve pas-
sage and would result in rapid accumulation of such deformation near the
loaded end of the specimen, which, of course, is not in accord with the
experiments. We shall be content, for now, to let the comparison between
computational results so obtained and the experimental results address the
question of the clear differences between theoretical and experimental
strain-rates. No explicit description of strain-rate effects was taken into
consideration in the analysis.
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Figure 3. Compression FIog Curve For 4340 Steel, Quenched and
Tempered At 800 F (Chait [71)

It is well-known that if friction is absent between the specimen and
the loading platens, the result is a uniform compression of the cylinder
with uniaxial stress throughout the body and with radial and hoop strains
equal to minus one-half of the axial strain. A test case was run to verify
that the computer program would reproduce this result and it did with relent-

* -i loss-precision.

To simulate the effect of friction between the specimen and end plates,
it was assumed that a frictional stress, f, was developed there as the do-
formation proceeded. The magnitude of this s"ross was assumed to be given
by f a o N where ON is the normal stress developed at the interface and
P is a coefficient of friction. It was found that the choice of v a 0.3
gave satisfactory results in the absence of a better guide for such a choice.

It was found that the modeling process described thus far is insuffi-
cient to give complete agreement with experiment. With no further conditions
imposed as deformation proceeded in our calculations, material from the cor-
ners extruded outward and upward into the space physically occupied by the
loading platens. See Pigure 4. The next stop we took was to simulate the
platens directly by means of a very rigid block of material all moving with
the imposed velocity (Pigure 5). These results were also considered unsatis-
factory since they produced kinks in the outer surface near the loading
platens which wore not observed physically.
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The most suitable set of boundary conditions was arrived at by consider-
ing the following set of experimental observations. When those experimental
specimens which had been shortened in length by approximately fifty to sixty
percent were examined closely, it became apparent that the deformation under
the loading platens involved the following sequence. The original end diam-
eters (as opposed to the equatorial diameter) increase by only a small amount
(say ten percent) while the equatorial diameter is increasing by sixty per-
cent (Small circles due to machining provided fiducial markers in this con-
text). On the other hand, material which is initially on the cylindrical
surface "rolls over" and becomes part of the flat end of the specimen under
the loading platens, and thereby increasing the observed specimen diameter
under the platens. As mentioned, we noticed this process when the end short-
ening had reached fifty to sixty percent. It had clearly started much

4 earlier in the deformation.

This phenomenon is apparently well-known to workers familiar with
forming operations, but it is not as familiar outside such circles. This
unfamiliarity persists despite several allusions to the process including
quantitative experimental observations by Hsu in 1968 [8].

This phenomenon is clearly an important element in formulating the most
suitable boundary conditions. The slide line routine in HEMP was rewritten
(a) to permit those edge points on the lateral surface to roll-over and
become part of the loaded boundary, and (b) to prescribe the suitable velo-
city conditions and frictional conditions once they did so. Figure 6a shows
the deformed specimen when the simulation considered these issues. The
point labeled A designates the location of the point originally at the cor-
nor of the unloaded specimen. As can be seen, two points originally located
on the lateral surface have rolled over and become part of the loaded sur-
face. This action clearly has a strong influence on the subsequent stress
and strain distribution and must be one of the criteria for the acceptance
of an analytical solution.

The simulation shown in Figure 6a also shows another essential feature
which is observed experimentally viz. the presence of a relatively undoformed
conical region under the loading platens. This is bordered by a zone which
is heavily deformed in shear. There is a region along the equatorial axis
in which one can easily judge (simply by comparing zone sizes with those in
the conical region) that there is a strong axial compressive strain but a
large tensile hoop strain.

i |figure 6b shows the deformation pattern experimentally observed in a
cross-section of a 4340 steel cylinder with a stress-strain curve corrspond-
ing to the one used in the simulation. The overall amounts of deformation
for theory and experimene are quite close in the sense that analytically
L/L0 - 0.46 and DD0 - 1.66 while experimentally L/L0 & 0.44 and u/1) 0  1.62.

As can be readily observed, there are many interesting details in terms
of which the comparison is excellent. The 4340 rod material used in these
experiments has an internal structure (flow lines) which arises as a result
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of segregation and subsequent rolling. This structure forms a set of fiducial
lines which are originally parallel to the axis of the specimen and which de-
lineate the deformation pattern as it occurs (see Figure 6b). If one compares
these to the numerical grid lines which were also originally parallel to the
specimen axis (Figure 6a), the agreement is clear and indicates we may place
a high degree of confidence in both the overall features and in the finer
details of the numerical simulation. The highly sheared zones which separate
the equatorial regions from the so-called "rigid cones" under the loading
platens are also clearly visible in the experiment.

A more quantitative assessment is presented in Figure 7 in which several
of the interesting parameters associated with the global deformation are pre-
sented as determined analytically and experimentally. The agreement gener-
ally is extremely good.

No fracture was observed in the 4340 steel specimens studied up to height
reductions of seventy percent, which is at the load limit of our testing ma-
chine. This result, therefore, precludes a discussion of the development of
a fracture criterion by comparing theoretical and experimental details in this
instance. Further testing and computer simulations are required and this
paper must be considered a progress report in this respect.

Figure 8 shows some quantitative results in terms of the distribution
of plastic strain fields developed in the specimen after a reduction in
height of fifty-three percent. The contours plotted are for values of ef-
fective plastic strain as conventionally defined. It so happens that these
are very close to the values of axial strain for the same locations. Maxi-
mum strain values of nearly 1.5 (one hundred and fifty percent) are noted in

the geometric center of the specimen.

An interesting feature of the solution presented here deals with theV role of hydrostatic pressure (mean normal stress) along the diametral cross-
section. Near the specimen axis there is a large compressive value of
hydrostatic pressure and all three stress components are negative. This, as
shown by Bridgman, permits the development of larger strains before fracture
than one might find otherwise. Near the outer surface along the equator the
constraint of vanishing normal stress relaxes the level of hydrostatic stress
(and, in fact, the hoop stress becomes moderately tensile). This should
permit failure to occur at lower strain levels.

Another strain field, slightly less intense than that near the specimen
center, but greater than that found elsewhere in the sample is seen to be
developing near the specimen corners and proceeding toward the specimen cen-
ter; these regions are also still located in a compressive stress field, but
one less intense than at the specimen center. At the outer ends of the equa-
torial diameter, the strain fields are roughly fifty percent as intense as

4 those near the center, but a tensile hoop stress is beginning to develop in
this region.

The competition between candidate failure modes mentioned earlier is
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thus seen to be quite complex and is clearly going to be sensitive to details
of geometry and material properties. As such, it needs considerable further
study.

SUMMARY AND CONCLUSIONS

A comparison was made between the results of experimental axial-compres-
sion tests of 4340 steel and HEMP simulations of those tests. The agreement
was sufficiently good t6 warrent a high level of confidence in those theoret-
ical results which are not amenable to experimental observation, such as
stress-strain fields in the interior of the specimen.

V It was also demonstrated that when suitable boundary conditions are
employed, all essential characteristics of the large deformation processes
can be accounted for. In particular, the rolling over of the lateral surface
of the specimen is believed to significantly influence further interior de-
formation and hence must be adequately modeled.

No fracture was observed in the 4340 HRC40 steel specimens we tested so
- our original objective of relating the computed stress and deformation
fields to the onset of fracture under nominally compressive fields could not
be attained in this instance. In this context we should indicate we were
limited in our testing machine capacity to 60,000 pounds. We did observe
fracture under these conditions in both aluminum and titanium specimens, so
there is no inherent flaw in our proposed approach.

Since fracture originates in a localized region where stress, strain
and material structure reach a critical mix, the presence, shape and volume
fraction of inclusions and other inhomogeneities are expected to have a
strong effect (The 4340 steel we used in our experiments was well above aver-
ago in cleanliness). One of the advantages of the test procedure proposed
is that it employs a small specimen size, thereby making it possible to test
specimens containing the same microstructural features as the material in an
actual component. It also makes it possible to employ samples which are
oriented in selective directions with regard to special features produced by
fabrication processes.
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ABSTRACT

Taylor tests were performed for a number of tempers of 4340 steel having
a range of hardness from approximately 38 to 53. Theoretical analyses of the
test were also performed using the HEMP computer code, The HEMP code correctly
predicts the deformed shape of the projec:tile cylinder and code results sug-
gest that the Taylor formula for dynamic flow stress, when applied to high
strength materials, yields results which are nonconservative.P : At high impact velocities, where dynamic fracture occurs, two types of

behavior were observed. For tempering temperatures of 400 F to 600 F (204 C
to 316 C) brittle fracture is observed, with a conical fracture surface at the{ impact end of the projectile. For the higher tempering temperatures, the pro-
jectile remains intact and the impact surface petals. In these cases we have
measured a characteristic dynamic fracture strain using a computer-assisted
technique.,

T.here is metallographic evidence that, in the. case of brittle fracture,
narrow bands of adiabatic shear are formed and these serve as the sites whero
the cracking initiates.

I .... "I XTROQI.CT ION

Among the many contributions of G. I. Taylor to ballistics was a suggested
method for determining the flow stress of a rigid-pure plastic muterial it high
rates of strain (1). In the suggested method, a right circular cylinder is

.- ballisticall impacted on a thick rigid target at relatively low velocities.
,..-:i:: .toh ballistically defoed cylin~der is recovered and tho defusmed length of

the test cylinder is measured. Taylor's analysis indicated that the flow
. stress could be inferred from the relation:.

y ou 2/2 Ln(L/L0) (1)

where y * flow stress
0 density
u striking velocity
L u deformed length
b . 0 initial length
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The ideal conditions for the test are that the target remains rigid when
it is impacted, there shall be no friction at the impact surface, and the cyl-
inder should deform into the shape shown schematically in Figure 1. Implied
in the theory is that the same value of Y should result from experiments with
cylinders of varying L/D ratio and over a range of velocities.

There is some question of the meaning of the flow stress for many high-
strength materials of ballistic interest such as 4340 steel whose dynamic
stress-strain curves may exhibit strain hardening., We will show that there
are discrepancies between analytic predictions of iTress, obtained from a well-
established computer code, and those of the Taylor test for such strain-
hardening materials. Experimental results also show that the value of Y is
not independent of the test cylinder length.

Tests were also performed in which striking velocity was sufficiently
increased to cause cracks to form and then further increased-to cause complete
fracture of test cylinders of 4340 steel of various tempers. Observations and
measurements of the recovered specimens showed:

1. There were characteristic fracture modes associated with the various
tempering temperatures.

2. There is a characteristic fracture initiation strain for each temper-
ing temperature and this strain is independent of the striking velocity.

In the next section of the report we describe the experimental procedure.
This is followed by a section containing a brief description of the analytic
procedures. There are then two sections on the results: One on the flow
stress studies and one oii the fracture investigations. The last section of
this paper contains a summary of the work and conclusions.

-L 0

Figre ... T/lrTs Prmt

30

- 6n

,o Figure 1 Taylor Test Paruitetors



F iEXPERIMENTAL PROCEDURES

In this section we describe the specimen material, the test procedures,
and a computer-assisted data reduction method used in the investigation.

Specimen and Target Material

Heat-treated test cylinders of 4340 steel which had been tempered at
400 F were procured by contract. All cylinders were 0.299 in. (7.59 mm) in
diameter. The majority of the cylinders were 0.600 in. (15.24 mm) long, having
a nominal length to diameter ratio (L/D) of 2. A smaller number were 1.200 in.
(30.48 mm) long with a nominal L/D = 4.

A previous investigation using 4340 steel projectiles [2] had indicated
that ballistic fracture mode (specifically the occurrence of adiabatic shear)
was influenced by factors associated with specimen hardness. We therefore
planned to perform tests with specimens of various hardness values. Sets of
cylinders were retempered for two hours at the following temperatures: 600 F,
700 F, 800 F, 900 F, and 980 F. The resulting hardness values for the origi-
nally received and the retempered material are given in Table I. Each value
in the table is the average of eight hardness tests performed on two randomly
chosen samples.

Table I Specimen Hardness

Tempering Rockwell-C
Temperature Hardness,
(Deg F (C)) HRC

400 (204) 53.2 All target plates were of
the same 4340 material, tempered

600 (316) 48.7 at 400 F (204 C). The nominal
dimensions were: 0.7Sx6.0x6.0 in.

700 (371) 46.8 (19x152x52 mm).

800 (427) 44.0

900 (482) 40.7

980 (527) 38.2

Launch Apparatus

The test cylinders were fired from a smooth bore, 20 ft (6.1 m) long,
helium propellant gun. The target plates were mounted 19.6 in. (500 mm) from
the muzzle. Cylinder velocities were determined using a two-beam laser veloc-
imeter which measured the time of flight over a 6.00-in. (152.4-mm) gage dis-
tance. The time measurements were made by a conventional 10-megacycle ballis-
tic chronograph, The major error in velocity arises because of possible
differences in the relative positions of the cylinder in the two laser beams
when the chronograph trigger signals are generated. We estimate tho uncertainty
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to be the equivalent to an error in the gage distance. This possible error
is equal to the laser beam diameter of 0.09 in. (2.3 mm) resulting in an error
of 1.5% in velocity.

Projectile Impact Face Measurements

In experiments where no cracking occurred it was of interest to measure
the area or the perimeter of the impact face of the deformed projectile.
In cases where the deformation was not symmetric, micrometer measurements of
the diameter were inappropriate. In other experiments at higher impact veloc-
ities where cracking did occur, measurements of the arc segment lengths between
cracks could be used to determine crack initiation strains. We will subse-
quently describe the formation of such cracks as are shown in Figure 2.

.96

bA

Figure 2 Side views (upper) and impact faces (lower)
of three projectile cylinders of 4340 stool tempered
at approximately 1000 F (538 C). Impact velocities:
left -- 1033 ft/sec (315 m/soc); center - 1401 ft/sec
(427 m/soc); right- 1736 ft/sec (529 m/se).
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The lower photographs show the impact faces of three p-ojectiles impacted at
increasing velocities while the upper photographs are plevation views of the
same projectiles.

If the outline of the impact face of such a cracked projectile is traced
to a known scale, as shown schematically in Figure 3, the length of one perim-
eter arc segment Li, can be approximated by a series of small straight line
segments designated as A- in the figure. If a set of coordinate axes is estab-
lished on the tracing, tLe lengths of each of the segments can be calculated
in the manner illustrated in the figure.

This scheme was the basis of a computer-assisted method for measuring the
lengths of the arc segments and for calculating the crack threshold value of
the circumference and diameter of the projectile. An enlarged shadowgraph
image of the end face was projected on graph paper and hand-traced, A scale
length was also marked on the graph. An interactive computer program was
written for use with a Tektronix Model 4662-Digital Plotter (operating as a
digitizer) and a Tektronix 4014-Graphics Terminal coupled to the AMMRC UNIVAC
1106 computer. With the graph sheet installed on the plotter, the operator
digitized the required segments on the tracing and the computer made the appro-
priate calculations. The results were display.ed on the screen of the graphics
terminal where they were automatically copied by a hard-copy device. An anal-
ogous program, using numerical integration was written to calculate the irre-
gular areas of uncracked end-faces.

We used test tracings of known dimensions to evaluate both the accuracy

of the plotter and that of the operator. We found that the average total
error in perimeter or in area was less than 2%.

y METHOD OF GRAPHICAL INTEGRATION

PERIMETER - L

EQUIVALENT
DIAMETER IDI
GIVEN BY:
D' PERIMETERI/u1

Figure 3 Schematic, enlarged, shadowgraph image of projectile end face illus-
trating the method of graphical determination of the crack threshold perimeter.
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ANALYTICAL PROCEDURE

Ji The stated problem is two-dimensional in character, involving rotational
symmetry about the cylinder axis. The HEMP code is suitable for a detailed
spatial and temporal analyses of the wave propagation events involved in the

K experiments; indeed this is the approach used by Wilkins and Guinan [4]. Such
a procedure has the advantage of not involving any simplifying hypotheses such
as the one-dimensional analysis used by Taylor [1]; it has the disadvantage
of a numerical procedure that it does not result in a one-line formula such
as. Equation 1 for determining useful theoretical parameters.

The HEMP Code

To describe the capabilities of the code as succinctly as possible one
might say that it begins with the conservation laws, couples to these an equa-
tion of state which is quite realistic for the dynamic high-pressure regimes
encountered, casts the entire assembly into a finite-difference formulation
and integrates the equations of motion step by step in time.

Code Input

Input to the code consists of a specification of the geometry of the prob-
lem, the appropriate initial velocity and the dynamic stress-strain properties.,
of the material involved. Foremost among these are the so-called Hlugoniot
characteristics describing. the dynamic pressure-volume relationship. These
are generated in uniaxial-strain shock-wave experiments similar to those in
which spall properties arc measured. The analytical model incorporates
.elastic-plastic behavior including strain-hardening effects and employs a
Von Mises yield criterion. Details of the flow curve beyond initial yield
-are obtained, generally, from static tension or compression tests. In the

computer simulations performed for this report, only data from compression
tests as reported by Chait [3] were used as initial estimates of yield stress
to begin the iterative process of comparing theory versus experiment. If
agreement was not satisfactory, the initial estimate of yield stress used in
the theoretical calculation was modified and the simulation repeated itera-
tively until agreement was satisfactory.

Code Output

Output from the code consists of a detailed space-time history of all the
important physical quantities such as stress, strain, displacement, velocity,
etc. Thus it is an extremely valuable tool for providing a dynamic "whole
field" analysis required to decipher the complex sequence of events leading
up to the final deformation of the recovered projectile. Numerous comparisons
between the predictions of HEMP and experimental results tend to show excel-
lent agreement when suitable material properties are employed,

In the computations whose results are reported herc, the pressure-volume
curve used for the 4340 material was

P 1.6 i + 1.82 2
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where i = (V0/V - 1), V is relative volume, V0 is the initial value of V and
P is pressure in megabars. A constant value of yield stress was used (as dis-
cussed in detail in the following) to define the elastic-plastic behavior of
the material for most of the comparisons with experiment. The specific value
of yield stress chosen corresponds to the value of flow stress at a 50% strain
level in the static compression tests on these same materials reported in

Reference 3. A few computer simulations were conducted using work-hardening
details, but these tended not to greatly illuminate the comparison with exper-
iment. However in this regard, it should be observed that such comparisons
only involved what might be termed global features (e.g., overall length of
the projectile, circumference of the mushroomed end, etc.) rather than any de-
tailed-mapping of the local changes in hardness within the deformed projectile.

TAYLOR TEST DEFORMATIONS

One objective of our Taylor test programwas to determine the effect of
tempering temperature on the dynamic deformation and fracture behavior of
4340 steel. Another objective was to compare the deformed dimensions of tile
test cylindexs with values predicted by the IHEMP-computer code. In this sec-
tion of the paper we discuss only the deformation studies while the fracture
results are described in tile next section.

Taylor Flow Stress Errors

It is important to note that small errors in measurement of the impact
velocity, oz of the deformed length of impacted cylinders c.n lead to larger
errors in the value of the Taylor stress as calculated by Equation 1. The
value of Y-is especially sensitive to length errors and the sensitivity
increases as the amount of doformation decreases,

In our experiments, the possible error in velocity measurement is 1.5%.
This loads to a possibleorror of 3% in values of Y calculated by Equation 1.

Length measurement errors are more. serious. Let us dofine the following
quantities for a quantitative assessment of the length error in Y. (1n the
" ,ialysis we assume that the initial length of the projectile is determined
without error)

LO original length of the cylinder
L= true final length

,Le erroneous, measured final length
e error in length measurement: (I + o) L L
Y : true Taylor stress

! Yo erroneous Taylor stress (using Lo in Equation 1)

Now lot AY : -Yo

From Equation 1:

Yo /Y Ln(L/Lo)/Ln(.l/LO) (2)
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From the definition of e

Le/LO (1 +e) L/LO(3

h and from the definition of AY

4 e/Y (AY/Y) '. (4)

where AY/Y is the error in Y.

fEquations 2 to 4 can be combined and rearranged to
- n1Ln(L/LO)

AM LI +e n(L7Lq]T-1()

Shown in Figure 4 are values of the error in Taylor stress for four vilues of
the length error. It should be noted that for' high-strength materials the

20

N 15 - Error It,

S10 -

1,0%

.0.5

.5 .0 .85 .96.9

END SHORTUNING RATIO, IL

Figure 4 Possible errors in the Taylor stress as a result of errors in mneasuring
the deformed length of the impacted cyl~inders. For the high-strength 4340 miate-
rial used in this program the range of L/L0 values was from about O..8S to.0.95.'
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amount of end shortening of the cylinder in a Taylor test is small, hence L/Lo
may be typically greater than 0.85. Here the errors in stress can be very
large.

Taylor-Stress Values

Well over 200 specimens were tested in the program. We chose for Taylor
stress calculations only specimens which were uncracked and which had impacted
with no more than 10 obliquity. The experimental conditions for the selected
specimens are shown in Table II.

The mean Taylor-stress values for each temper are shown in Figure 5,
separately for L/D = 2 and L/D = 4. The curves were hand-faired between the
data points. The values for L/D = 4 are approximately 10% lower than for
L/D = 2. We have no ready explanation for the difference.

Table II Experimental Conditions for Taylor-Stress
Tests for 4340 Steel

Velocity Range
Hardness L/D (min - max) L/L0 Range No. of
HRC Ratio ft/sec m/sec (min - max) Shots

53.2 2 435-656 133-200 0.95-0.98 5

53.2 4 520-778 158-237 .93- .97 6

48.7 2 744-1054 227-321 .85- .92 b

46.8 2 8581015:262-309 .87- .91 S

46.8 4 840-96. 256-293 .88- .90 3

44.0 2 818-1063 243-324 .85- .91 4

44.0 4 833-1056 254-322 .84- .89 3

: - "40.7 2 823-974 251-297 .86- .90 3

40.7 4 954-1053 291-321 .82- .86 2

38.2 2 868-1023 26S-312 84- .86 10
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Figure 5 Experimental Taylor-stress values as a function of
hardness for tempered 4340 steel.

Static compression data for the same material for the same range of tom-
poring temperaturcs, reported by Chait [3], are shown in Figure 6 together
with the Taylor-stress values for L/D = 2. The lower of the two static curves
is the 0.2%6 yield stress; the upper curve is the true stress for a true strain
of 0.5. The difference between the two static curves is an indication of the
amount of work hardening up to a true strain of 0,5. The elevation of the
Taylor-stress values over the static suggests a strain-rate effect. Ilowever
this is contrary to the findings by Wilkins [4] which indicate that at large
strains, flow stress is rate independent for steel above same critical value.
The large difference between the Taylor-stress and the static values indicates
a large strain-rate effect which also is contrary to the findings of Refer-
once 4. The discrepancy is greater than can be accounted for by experimental
Serror. We tentatively concluded that the Taylor formula is nonconservative
when applied to high-strength steel. We will show that IliNIP-code analyses
load to the same conclusion.

IIIM M-Code Predictions

Computations were made for the two L/1. ratios of the experiments: L/D 2
and L/ID = 4. The input conditions were as follows: impact velocity = 900 ft/
sec (274 m/sec) and cylinder diameter = 0.300 in. (7.62 imii), Two sets of
HEMP-code runs were made using two different flow stresses but both with

37



ksi
500 .' GPa

Dynamic:
450 Taylor Stress

ID *2
3.00

400 2.75

2.50
350

CKStatic 2.65
t; (Rot 3)

300 Stress for 0.5 20
Stiain 20

250 0.2% Offset Stress 17

1.50

20D

ROCKWELL - C HARDNESS, HRC

Figure 6 Static conqpression yield strs data for vaio u dess
of 4340 steel (two lower curves) shown with Taylor-stress values for
Li/Dm 2. The lower of the two static curves is the 0.2% yield strength.
Vie upper static curve is the stress value for a nutural strain of 50A%.
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stress-strain curves of the elastic-pure plastic type. The flow stresses were
217.6 ksi (1500 MPa) which simulated the material tempered at 900 F (482 C)
having HRC = 40.7, and 290.1 ksi (2000 MPa) which simulated the material tem-
pered at 700 F (371 C) having HRC = 46.8. Since there were no data at exactly
900 ft/sec, the experimental values were interpolated from data near this value.
The HEMP predictions and experimental values are given in Table III.

Note the remarkable agreement between HEMP values and the experiments
w!.ch reinforces our confidence in the predictive value of this code.

If we now treat the HEMP data as experimental results, we can compute the
Taylor stress for each of the two tempers by substituting the HEMP L/Lo values
in Equation I for a velocity of 900 ft/sec (274 m/sec). The results are shown
in Table IV.

Table III Comparison of HEMP Predictions and Experimental
Values of Final Length and Impact Surface Diameter

for Two Tempers of 4340 Steel
Material LID HEMP Ejperimenta Difference (%)

IiRC Ratio L/ fj t).Df L LL t.. 1

40.7 2 0.857 1.42 0.880 1.39 2.6 2.2

40.7 4 .855 1.58 .874 1.56 2.2 1.6

46.8 2 .893 1.32 .900 1.33 0.8 0.8

46.8 4 .892 1.45 .889 1.50 0.3 3.3

Table IV Taylor-Stress Values Com)utod
from tHEMP Values of L/LO

"I]MP Inpult Stress I11 o Stress Diff.
M~in~Str~sS B iMP Tlor Stress

I_ ___ L/LA _____I'

217.6 1500 0.857 273.8 1888 25.8

290.1 2000 0.893 373.4 2575 28.7

Taylor stresses calculated from 1l1, ) L/l,0 values are much elevated above
the ittput flow stress. This behavior is similar to what was s iow n iPigure 6.
We have therefore concluded that the Taylor formlula is unreliable for high-
strength steel and that a procedure utilizing III"MlI and experiments is prubably
more suitable to obtain dynamic flow stresses of such materials. it such a
procedure., deformed lengths of projectile cylinders could le measured witl a

lower precision than that required for the strictly experimental procedure.
oten by an iterative process experimental lengths cotild be matched with ..LiP-
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predicted lengths and the appropriate stress would be determined from the
HEMP values. The details of such a procedure are now under investigation.

FRACTURE

Dynamic fracture in Taylor test cylinders of 4340 steel occurs in a vari-
ety of shear modes which generally fall into two categories. We will apply
the term brittle fracture where there is a breakup of the cylinder into large
and/or small fragments and the term ductile fracture where the cylinder cracks
but remains intact over an extended range of impact velocities. Cylinders
tempered below 800 F (427 C), where the IIRC is greater than 44, fail by brit-
tle fracture. Cylinders tempered at or above this temperature where the 11RC
'44 fail by ductile fracture. In this mode, there is a threshold velocity

for cracks to form along the perimeter of the impact face of the projectile.
At higher velocities, the cracks propagate tin shear, radially inward in the
manner shown in Figure 2.

Brittle Fracture in HRC 53.2

Our most extensive fracture testing was performed with specimens of the
hardest of the 4340 steel tempers. The velocity threshold for fragment frac-
ture for this temper is between 740 to 780 ft/sec (226 to 238 i/sec) if the
impact is normal . For non-nral impacts, diagonal shear-fiie rcue
occur with a wedge-shaped fragment at a threshold velocity of approximately
650 ft/sec (198 i/sec). In thle LID1 4 cylinders, as thle velocity is increased
beyond the threshold value. the number of fragments increases and the size of

thle fragments decreases.

It is it thle LID 2 cylinders that a unique form of fracture occurs wiich
we have not ot'servtd tin L/0D 4, for this temper, or in any cylinder tempored
above 400 F (204 Q). Io this mode a colle:Shujed fragment consistently frac-
tures from tile Impact end. Thlis is sii atically tin igure 7. The
threshold value for cone fracture, whent the impact is normal, is tit tile range

from 925 to 1000. ft/soc (282 to 305 ta/sec). Shown ill Figureo -So onl tho loft

Figure 7 Impact-end fracture- cone tin L./0 2 project I les
of 4340 steeL-* tempered at 400 1 . (04 Q) - chematic.



V is one such cone. Next to the cone is a typical wedge-shaped fragment. Shown
in the figure on the right, for comparison purposes, are an unfractured, but

deformed cylinder, and an unfired sample.
We have been able to recover projectile cylinders in which the cone has

not yet separated from the body of the cylinder. One such cylinder is shown

in several views in Figure 9 from an impact at 1033 ft/sec (315 m/sec).

F igure 8 Left: typicalI cone frogmeit. secotid from left., typiCa I
wedge frogmt;itt seon~d froright: typical mushroom det'orrnatioll
of softer projectiles, right: unte-ortuod cylinder. Ile two prtc-
Joctiles on the. right are shown for comparison puos.

tiure 9i aid 4uttnd viows, of ao !ttact, b ut cracke y citdea
of 4340 steel with Itflt a 3.2. The ceylinder wais rotated for the
side views to show the distribution of the diagottad craicks. The
buse of ani mci pient cuite is eviduot in the enid view oil tho rig~ht.



Our interpretation of the chronology of fracture is that cracks initiate at the
rim and propagate inward to form the cone surface and diagonally rearward as
shown in the two photographs, left and center. The cone base is clearly delin-
eated in the photograph on the right and shows no evidence of the radial crack-
ing typical of the higher temperature temper samples. At higher velocities
the cone remains intact and acts as a wedge to cause further fragmentation of
the cylinder. The cracks, visible in the left and center photographs of Fig-
ure 9, propagate and join together to form individual small fragments many of
which contain small concave conical areas.

Fracture cones form and can be recovered over an extended range of veloc-
ities. In a series of .exploratory penetration experiments using thin, hardened
4340 steel targets which failed by plugging, we recovered cones when the impact
velocity was as high as 1729 ft/sec (527 m/see).

Metal lographic Examinations

A number of cone fragments were sectioned, polished, and etched. In eachsuch section we found evidence of the so called white layer which is indicative

of adiabatic shear. It was not clear, however, from these examinations whether
the effect occurred prior to cracking or was the result of post-cracking events.

An intact, but cracked cylinder, similar to that shown ti Figure 9, from
an impact experiment at 978 ft/sec (298 m/see) was sectioned, polished, and
etched. Shown in the upper photograph of Figure 10 is a low magnification view
of the impact end with a crack which is evidence of an Incompletely formed
fracture cone. The crack forms a 50* angle with cylinder axis. The lower
photograph in the figure is a high magnification view of the crack in an area
near the apex of the Incipient cone. Note the clear evidence of white layer
on the crack surfaces, and also of a thin spike of white layer running diago-
nally upward into the material near the center of the photograph. We have
concluded from this metallographic evidence that adiabatic shear Is a precur-
sor to cone cracking and that the crack occurs in the thin adiabatic shear band4

There is yet. no adequate theory to account for the formation of this highly
localized, thin conical layer of intense shear. We have no ready explanation

why conical fragments consistwntly appear 1n L/0l * 2 cylinders of the IIUC
53.2 material and not It o UPt 4, and neither can we expaain why the adiabatic-
sthear-cone phenomnon has not boo observed, in any of the less hard tempers.

We estimate-that the shear layer has a thickness of no more thain 40 pin.
(I urn) when it forms. Since numerical. codes like lIltIP operate using discrete
-ones and since it Is not feasible to use zone sizes which are even 100 times
the shear layer thickness, there appears littie possihtiy at this time that
Wt'11 and other similar computer codes can yield insight into this coasistuntly
occurring phenomenon.

Dri t tie Fracture in ...i 48.7 an1d 1110C .. . 8

Ill ith of these tempes'S brittle fracture diecurS at higher velocities
than for tho HRC 53.2 aterial. As the impact velocity is increased, there
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is some ductile deformation, then radial cracking, and finally fragments form.
For the HRC = 48.7 material only L/D = 2 was tested. Both L/D = 2 and L/D = 4
were tested for the HRC = 46.8. The velocity thresholds for fracture are
approximately 1160 ft/sec (354 m/sec) and 1280 ft/sec (390 m/sec) for the
HRC = 48.7 and HRC = 46.8, respectively. In the softer of the two materials
threshold values for both L/D values are similar.

In a number of the fractured L/D = 2 cylinders for both tempers we found
evidence that at least part of the fracture surface was in the shape of an
inverse cone as shown schematically in Figure 11. We suspect that adiabatic
shear has occurred in these cylinders but scheduled metallographic examinations
havo not yet been performed.

CONICAL FRACTURE SURFACE-

Figure 11 Schematic inverse cone as observed
in HRC 48.7 and ItRC 46.8 cylinders.

Ductile Fracture .

Using the compter-assisted technique described previously and illustrated
in Figure 3, crack-threshold perimeters w6er determined and converted to equiv-
alent d$ameters of .the deforaed impact fos. The diameter data were then con-
verted to a crack-threshold strain-, Tho. strain value pan be considered to be
an ultimate strain, analogous to a short-gage .length elongation in the tensil.:
test. Tle results ae shown in Table V0 The data f6r each condition were* -
obtained by averaging results from the number of tests shown in1 the last.:ol.
Tio velocity -range of the data was over al)proxi nately 200 ft/sec (61 m/sec),'-
Note that the standard deviations of the diameter. are rel-ativoly small.'ld -
are no taore than ±3.5% of the diamotor value. . .

The natural strains are shown graphically in Figure 12. Note: that I :,
discrepancy between LID 2 and i/) 4- 4.increases as the hardness -dOcreasses '

We have no explanatiop for the differences ii fracture strain but we su!0ct.
that the differences in-stress-.tate may exist in th impact-face rim region
of the two L/D values and these differences call lead to different fracture
strains. Resolution of this problem may be powsible when a suitable fracturo..
criterion is devolopod for the 1i01P codo, Although such a criterion is not



Table V Cracking Threshold Diameter and Tangential
Strain at Impact Face for 4340 Steel*

HRC L/D Diam. and Std. Dev. D/D0  Strain No. of

Value Ratio (in.) (mm) Ratio Ln D/Do Tests

53.2 2 0.339±0.008 8.60±0.20 1.134 0.127 7

53.2 4 .351± .013 8.91± .33 1.174 .160 7

46.8 2 .415± .009 10.54± .22 1.388 .328 7

46.8 4 .464± .012 11.79± .29 1.553 .440 3

44.0 2 .437± .014 11.10i .36 1.462 .380 10

44.0 4 .506± .016 12.84± .40 1.691 .526 4

40.7 2 .451± .016 11.46± .40 1.509 .412 7

40.7 4 .512± .016 13.00± .40 1.712 .538 4

F38.2 2 .459± .010 11.67± .25 1.537 .430 5

*Thoro were insufficient data for IiRC 48.7.

LC 0.) "

40 o

Ftigure 12 Dynamic fr'actureo strains for 4340 steel of-various tempeors.
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yet available, we are currently studying how the current data may be applied
in its development.

An immediate application of the data to two-dimensional code studies of
the Taylor test is evident. hen the strain at the impact-face rim reaches
the experimental value, the two-dimensional problem is completed and further
time-steps in the calculation can be aborted. In the case of the 4340 steel,
the data of Figure 12 would serve as cut-off criteria.

CONCLUSIONS

The major conclusions from this combined theoretical and experimental
study of large deformation and fracture behavior of 4340 steel are as follows:

1. The conventional Taylor test is an unreliable method of obtaining
dynamic flow stress data for high-strength materials such as 4340 steel
tempered below 800 F (427 C).

2. The HUlMP code, using the static value of the compressive stress for
0.5 true strain as the dynamic flow stress, correctly predicts the deformed
lengths and the impact-face diameters of Taylor test cylinders of 4340 steel
of several tempers.

3. There is a characteristic fracture strain for 4340 steel which can
be determined in a Taylor test. There are still unresolved differences in
the values obtained from L/i = 2 and L/D = 4 test cylinders.

4. A more roliable procedure than the use of the Taylor formula for obl-
taining dynamic flow stre sses for high-strength materials would be a coWbina-
tion of Taylor-tost-typo experlnents together with theoretical t1131l-code studies.
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